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Résumé 

Une résistance horizontale et une capacité de déformation suffisantes de toutes les piles 
sont nécessaires pour garantir une performance sûre d’un pont pendant un tremblement 
de terre. Les observations sur le terrain [1–3] ainsi que les résultats expérimentaux [4–9] 
ont montré que la résistance et la capacité de déformation des éléments en béton armé 
sont réduites de manière significative en présence de recouvrement de barres. Cette 
dégradation s’avère particulièrement importante si un recouvrement se trouve dans une 
zone de concentration des déformations plastiques, ce qui est fréquemment dans le cas 
pour les murs en béton armé ou les piles de pont [10,11]. Ces éléments ont fréquemment 
un recouvrement des barres immédiatement au-dessus du niveau de la fondation, où la 
demande sismique est la plus élevée et où les dommages sont susceptibles de se produire. 

En Suisse, les concepts modernes pour le dimensionnement ductile n’ont été introduits 
que dans la génération de normes de 2003 [12]. Selon la documentation de l’Office Fédéral 
des Routes (OFROU) [13], seuls 10% des ponts Suisses ont été construits après 2003. 
Parmi les ponts restants, dont on peut supposer qu'ils ont des recouvrements de barres 
dans la zone de la rotule plastique au bas des piles, on estime que 10 à 15% sont des 
ponts à poutres à travées multiples avec des piles de type mur relativement courtes et 
trapues [13]. Bien que la Suisse soit une région à sismicité modérée (l'accélération de 
pointe horizontale maximale sur le rocher pour une période de retour de 475 ans est agd = 
1.6 m/s2), ce type de pile peut subir des déformations inélastiques sous les actions 
sismiques. 

Dans l’ingénierie sismique basée sur la performance, qui est actuellement à la base des 
vérifications sismiques, la vérification se fait en termes de capacité de déformation plutôt 
qu’en terme de forces. Toutefois, les études précédentes sur les joints de recouvrement 
se sont concentrées sur la caractérisation de la résistance [14–16] plutôt que sur la 
capacité de déformation des joints de recouvrement [17-19]. De plus, les essais ont surtout 
été réalisés sur des poutres et des colonnes de béton armé avec des joints de 
recouvrement soumises à des charges monotones [20-23]. La recherche expérimentale 
des structures avec joints de recouvrement sous charges cycliques est sous-représentée. 
Ceci en particulier pour les murs, malgré le fait que le recouvrement des barres 
longitudinales dans leurs zones de rotules plastiques est une pratique courante à travers 
le monde. Comme pour les travaux expérimentaux, la majeure partie des expressions 
empiriques et analytiques visent à quantifier la capacité des joints de recouvrement en 
termes de résistance. 

Deux projets terminés de l'OFROU sur la performance sismique des piles de pont de type 
mur avec joints de recouvrement, avec des détails typiquement Suisses, ont étudié leur 
capacité de déformation au moyen d'essais en laboratoire à grande échelle [24-26]. Les 
deux études fournissent des résultats de haute qualité sur le comportement global et local 
de ponts à trois ou quatre piles en porte-à-faux, avec et sans recouvrement de barres. En 
outre, des recommandations pour la modélisation et l’analyse sismique de ponts où les 
piles en porte-à-faux sont représentées par des ressorts non-linéaires ont pu être 
formulées. La modélisation des rotules plastiques et de leur capacité de déformation a été 
validée sur la base des résultats expérimentaux disponibles. 

Sur la base de ces études, les objectifs du présent travail ont été définis  comme suit : (i) 
étude de la capacité de déformation des murs en béton armé avec recouvrement de barres 
par des essais sur des éléments de bord isolés plutôt que des murs entiers, ce qui permet 
de tester plus de configurations de recouvrement différentes ; (ii) développement 
d’expressions pour caractériser la capacité de déformation des recouvrement de barres 
sous charges monotones et cycliques; et (iii) développement de modèles numériques et 
mécaniques d’éléments en béton armé avec recouvrement de barres adaptés pour la 
modélisation du comportement structural par les ingénieurs praticiens. Les résultats de 
cette recherche servent de données pour l’entrée dans l’évaluation de second niveau selon 
la méthode OFROU (“2. Stufe des ASTRA-Verfahrens” [13]). Ils peuvent aussi être utilisés 
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pour l’évaluation sismiques des bâtiments selon la méthode BWG de troisième niveau 
(“Stufe 3 des BWG-Verfahrens” [27]). 

Les campagnes expérimentales précédentes sur des murs en béton armé avec 
recouvrement de barres, y compris les essais cycliques dans le cadre des projets OFROU 
susmentionnés ainsi les deux essais récents dans le Laboratoire de Structures de l’Ecole 
Polytechnique Fédérale de Lausanne (EPFL) sont d’abord présentés puis introduits dans 
une base de données. L’étude des données expérimentales montre que la rupture des 
recouvrements de barres le plus à l’extérieur de l’élément de bord initie la rupture du mur 
en béton armé. De plus, les paramètres les plus importants contrôlant la capacité de 
déformation des recouvrements de barres sont identifiés : taux d’armature de confinement 
et rapport entre la portée de cisaillement et la longueur du recouvrement de barres. Sur 
cette base, un programme expérimental sur des éléments de bord de murs en béton armé 
avec recouvrements de barres a été défini avec comme variables la longueur des 
recouvrements de barres, l’armature de confinement et l’historique du chargement. A partir 
des résultats obtenus, une expression donnant la capacité de déformation des 
recouvrements de barres a été dérivée. 

La présence de recouvrements de barres est typiquement introduite dans les calculs par 
éléments finis au moyen de modèles complexes d’interface adhérence-glissement, [28–
30], qui sont généralement calibrés sur la base de tests d’arrachement de barres ancrées 
(pull-out). Dans le présent travail, un élément fini de coque 2D a d’abord été développé 
pour simuler la réponse globale force-déplacement des murs de la base de données. La 
réponse des recouvrements de barres est prise en compte par l’intermédiaire d’une loi uni-
axiale équivalente contrainte-déformation qui permet d’éviter les éléments d’interface 
adhérence-glissement. Ensuite, un élément de poutre en équilibre axial sur la base des 
déformations est proposé, qui tient indirectement compte de l’effet du décalage en traction. 
Ce dernier, tout en gardant la simplicité de formulation d’un élément poutre, améliore la 
simulation des paramètres locaux dans les éléments en béton armé, qui sont en lien avec 
les dommages structuraux. La réponse des recouvrements de barres peut aussi être 
incluse en utilisant l’expression précédente avec limitation des déformations. 

Enfin, sur la base des données expérimentales, un modèle mécanique innovant décrivant 
le comportement des éléments de bord des murs en béton armé avec recouvrements de 
barres est présenté. Le modèle est une extension du modèle de la membrure en traction 
(tension chord model) [31] qui tient compte du glissement à l’ancrage et de la présence de 
recouvrements de barres. Il permet la détermination de la réponse globale force-
déplacement des éléments de bord, la distribution et l’ouverture des fissures ainsi que la 
distribution des contraintes et déformations dans le béton et l’acier le long de l’élément de 
structure. Le modèle mécanique donne également la distribution des contraintes et 
déformations dans l’acier des recouvrements de barres jusqu’à la rupture. 
 
Les exigences pour le recouvrement des armatures ont évolué avec chaque génération de 
normes. En effet, la longueur minimale requise a diminué à chaque itération (pour les zones 
en traction, barres droite en acier S500: ls = 65Øl dans la SIA 162 (1968) [32] comparé à 
40Øl ≤ ls ≤ 60Øl dans la SIA 262 (2013) [33]). Les résultats expérimentaux de la présente 
recherche montrent que ces longueurs, avec l’armature minimale de confinement 
correspondante de chaque génération de normes, suffisent pour atteindre la limite 
d’élasticité et permettre un allongement inélastique de l’armature longitudinale. D’un autre 
côté, l’analyse préliminaire des configurations des ponts en Suisse – basée sur 12 ponts – 
tend à démontrer qu’aucun écoulement de l’armature ne serait atteint à la base des piles 
de ponts dans le cas d’un scenario sismique. Ceci est principalement dû à la faible 
demande en déformation pour les piles, qui est de plus réduite par la présence d’appuis 
qui isolent le tablier des piles et par les fondations qui n’offrent pas un encastrement parfait. 
La compagne expérimentale a donc démontré que dans la plupart des cas la capacité de 
déformation des recouvrements de barres des piles de ponts est suffisante dans 
l’hypothèse d’un séisme de dimensionnement.  

Ce rapport est complété par un jeu de données et de documents complémentaires qui est 
ouvertement accessible. Sont inclus les données expérimentales, les fichiers d'entrée pour 
les modèles d'éléments de coque en VecTor2 [34], l’implémentation de l’élément de poutre 
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axialement équilibré en format open-source OpenSees [35] ainsi que l’implémentation du 
modèle mécanique en code Matlab [36]. 

Structure du rapport  
Les paragraphes qui suivent résument les points-clés de ce rapport. Il débute par une revue 
d’essais sur des murs en béton armé avec recouvrements, qui a servi à identifier les 
paramètres principaux influençant la capacité de déplacement de ce type de structures. 
Sur cette base, un programme expérimental sur des éléments de bord des murs en béton 
arme a été conduit au Laboratoire de Structures de l’EPFL. Ces résultats expérimentaux 
servent à définir la capacité de déformation des recouvrements de barres et à proposer 
une équation prédictive de leur comportement. Deux modèles numériques basés sur des 
éléments de coque et de poutres non-linéaires ainsi qu’un modèle mécanique pour la 
simulation du comportement inélastique des éléments avec recouvrement de barres sont 
ensuite présentés.  

Revue des essais sur murs en béton armé avec 
recouvrements de barres dans la zone de la rotule plastique 
Les essais sur murs avec recouvrements de barres sont plus récents que ceux réalisés sur 
des poutres et des colonnes.  Avant 2008, il n’y a eu que quatre essais de murs réalisés 
[37,38], les 12 autres essais ont été testés durant les 6 dernières années. Dans les deux 
derniers projets OFROU, trois spécimens représentent des piles de pont de type mur avec 
recouvrements de barres ont été soumis à des charges cycliques quasi statiques. La base 
de données des 16 murs avec recouvrements de barres and les 8 essais de référence 
avec armature continue testés sous charge cyclique est résumée dans le Tab. 1. 

Tab. 1 Base de données des murs en béton armé avec recouvrements. Les spécimens 
VK2,VK4 et VK5 ont été testés durant les deux derniers projets OFROU sur les piles de 
ponts avec joints de recouvrement dans la zone plastique [25,39]. 

Test Unit Ref. Unit Ref. Paper Ls h ls Øl ρt ρw LF δdeg 

   [mm] [mm] [mm] [mm] [%] [%] [-] [%] 

W1 [-] [37] 3250 1200 900 25 0.19 0.52 Y 0.75 

W2 [-] [37] 3750 1200 900 25 0.19 0.52 Y 1.75 

CW2 [-] [38] 5000 1000 360 16 0.29 0 Y 0.2 

CW3 [-] [38] 2250 1000 360 16 0.29 0 Y 0.31 

VK2 VK1 [39] 3300 1500 600 14 0.08 0.43 Y 0.9 

VK4 VK3 [39] 3300 1500 600 14 0.08 0.43 Y 0.9 

VK5 VK6 [25] 4500 1500 600 14 0.08 0.43 Y 0.9 

W1* [-] [40] 3250 1200 600 20 0.27 0 Y 0.35 

W2* [-] [40] 3250 1200 600 20 0.27 0 Y 0.4 

PW2 PW4 [11] 6710 3048 609 13 1.09 3.71 N 1.1 

RWS RWN [41] 6096 2286 1140 19 1.31 3.01 Y 1.2 

W-60-C W-MC-C [9] 3660 1520 1520 25 0.61 2.96 Y 1.8 

W-40-C W-MC-C [9] 3660 1520 1020 25 0.61 2.96 Y 1.8 

W-60-N W-MC-N [9] 3660 1520 1520 25 0.61 1.73 Y 1.35 

W-60-N2 W-MC-N [9] 3660 1520 1520 25 0.61 1.73 Y 1.35 

TW3 TW2 [42] 3150 2700 215 6 0.36 1.40 Y 0.75 

Légende : Ls: portée de cisaillement; h: hauteur du mur; ls: longueur du joint;  Øl: diamètre de l’armature 
longitudinale; ρt taux d’armature transversale  ; ρt: taux d’armature de confinement pour éviter l’apparition de 
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fissures; LF: rupture du joint causant une dégradation de résistance de l’élément; δdeg: inclinaison lors de la 
diminution de résistance. 

 

Les observations suivantes ont pu être tirées du comportement cyclique des murs 
d’essais : 

 Les joints de recouvrement bien détaillées (par ex. assez longs et confinés, comme 
ceux qui respectent les dispositions de l’ACI [43]) ne conduisent à aucune réduction 
significative de la résistance ou de la capacité de rotation de l’articulation de flexion [11]. 
Elles provoquent simplement un déplacement de la rotule plastique au-dessus du joint 
de recouvrement, avec une réduction de la portée de cisaillement du mur. 

 Les murs avec des joints de recouvrement courts et non confinés ont une rupture qui 
se produit avant d’atteindre leur capacité en flexion. 

 Les joints de recouvrement de taille adéquate mais non confinés permettent d’atteindre 
la capacité en flexion mais avec une réduction significative de la capacité de 
déformation. 

 La rupture du mur due à un recouvrement de barres commence  toujours par la rupture 
du recouvrement le plus à l’extérieur, donc celui qui correspond à l’élément de bord.  

 En comparant le déplacement au début de la dégradation de la résistance des essais 
sur murs, on constate que la longueur du recouvrement, l’armature de confinement, le 
gradient du moment et l’historique de charge sont les paramètres principaux influençant 
la capacité de déformation des joints par recouvrement (voir Fig. 1). 

 Plusieurs autres facteurs influencent le déplacement au début de la dégradation de la 
résistance et entraînent une dispersion des données. Il s'agit en particulier de 
l’enrobage de l’armature, de l'espacement et du diamètre de l’armature longitudinale, 
de la résistance du béton, de la longueur du mur et de la position du recouvrement dans 
le coffrage (voir la discussion à la section 2.4.2). 

 

                                             (a)                                  (b) 

Fig. 1 Relation entre inclinaison au début de la dégradation de résistance et : (a) le 
rapport entre la longueur du joint de recouvrement et la portée de cisaillement ; (b) le 
taux d’armature de confinement. 

 

Essais sur des éléments de bords avec joints de 
recouvrement 
Sur la base des évidences expérimentales découlant de la base de données des murs en 
béton armé avec joints de recouvrement, un programme expérimental d’essais d’éléments 
de bord de murs en béton armé a été conduit au Laboratoire de Structures de l’EPFL. 
L’objectif était de quantifier l’influence de la longueur du joint, de l’armature de confinement 
et de l’historique de chargement sur la capacité de déformation des joints de recouvrement. 
Les spécimens ont été conçus sur la base des travaux des deux projets OFROU 
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précédents [25,39]. Le dispositif d’essai, les caractéristiques géométriques principales et 
la disposition de l’armature sont détaillées dans la Fig. 2. Les spécimens ont été coulés en 
position horizontale, avec deux joints en fond de coffrage et deux joints près de la surface 
libre du béton (Fig. 2d). 

  

                  (a)            (b) (c) (d) 
Fig. 2 Dispositif d'essai, géométrie et armature du spécimen LAP-P3 : (a) photo avant 
l’essai ; (b) armature dans la direction N-S ; (c) armature dans la direction E-W ; (d) coupe 
transversale. 

La matrice de test entière, consistant de 22 spécimens avec joints de recouvrement et deux 
spécimens de référence avec armature continue est donnée dans le Tab. 2. Quatre 
longueurs de joint (ls) différentes allant de 25 à 60 fois le diamètre longitudinal des barres 
et cinq différents taux d’armature transversale de 0 à 0.3% représentant les pratiques de 
construction en Suisse dans les années 1960 et 70 ont été considérés. Finalement, 5 
différents protocoles de charges ont été imposés, un monotone et quatre cycliques se 
différenciant par le niveau de compression imposé (C1 et C2 : un rapport de 10:1 et 10:2 
entre les déformations imposées en traction et en compression ; C3 : charge cyclique 
répétée ; C4 : 90% de la charge axiale atteinte à chaque niveau de compression). Les 
détails des protocoles de chargement sont donnés dans le Tab. 3. 

Tab. 2 Matrice de test des éléments de bord des murs en béton armé  

Label h b ls Al (ρl) At (ρt) 

 [mm] [mm] [mm] [mm] [mm] 

LAP-P1 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@100 (0.3%) 

LAP-P2 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@300 (0.1%) 

LAP-P3 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P4 1260 200 350 (25 Øl) 4Ø14 (1.5%) Ø6@100 (0.3%) 

LAP-P5 1260 200 840 (60 Øl) 4Ø14 (1.5%) Ø6@300 (0.1%) 

LAP-P6 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P7 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P8 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P9 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P10 1260 200 840 (60 Øl) 4Ø14 (1.5%) Ø6@100 (0.3%) 

LAP-P11 1260 200 350 (25 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 
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LAP-P12 1260 200 350 (25 Øl) 4Ø14 (1.5%) Ø6@300 (0.1%) 

LAP-P13 1260 200 840 (60 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P14  1260 200 840 (60 Øl) 4Ø14 (1.5%) [-] (0%) 

LAP-P15 1260 200 560 (40 Øl) 4Ø14 (1.5%) [-] (0%) 

LAP-P16 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@150 (0.2%) 

LAP-P17 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-P18 1260 200 700 (50 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P19 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-P20 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-P21 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-P22 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-C1 1260 200 [-] 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-C2 1260 200 [-] 4Ø14 (1.5%) Ø6@100 (0.3%) 

Legend: h: hauteur du spécimen; b : largeur de la section transversale; ls : longueur du joint ; Øl : diamètre de 
l’armature longitudinale; Al : armature longitudinale; ρl : taux d’armature longitudinale ; At : armature de 
confinement ; ρt : taux d’armature de confinement. 

 

Tab. 3 Protocole de chargement  

Type 

Déplacement imposé Δ en mm (+ tension, - compression) 

LS: 1-3   LS: 2-4  LS: 5-7  LS: 6-8  LS: 9-11  LS: 10-12 
LS: 13-15,  

17-19, 21-23, … 

LS: 14-16,  

18-20, 22-24, … 

C1 1 -0.1 2 -0.2 3 -0.3 6, 9, 12, ... -0.6, -0.9, -1.2,... 

C2 1 -0.2 2 -0.4 3 -0.6 6, 9, 12, ... -1.2, -1.8, -2.4,... 

C3 1 0 2 0 3 0 6, 9, 12, ... 0 

C4 1 0.9ALR* 2 0.9ALR* 3 0.9 ALR* 6, 9,12, ... 0.9 ALR* 

M Déplacement monotone en traction jusqu‘à la rupture du spécimen 

Légende : LS : Etape de charge, * Déplacement correspondant à 90% de l’effort axial normalisé N/fcAg 

 

Tous les spécimens étaient fortement instrumentés. Les forces et plusieurs déplacements 
locaux et globaux étaient suivis constamment durant les essais. La capacité de 
déformation des joints (εls) a été définie comme la déformation à la rupture des joints 
provenant uniquement de la région du recouvrement (les déformations dues l’allongement 
de traction des barres ancrées dans la fondation ainsi que les déformations dues à la barre 
au-dessus de la région du recouvrement ont été supprimées). Sur la base des données 
expérimentales, cette quantité a été calculée pour tous les joints de chaque spécimen. La 
base de données des tractions qui en résulte a été utilisée pour analyser l’influence des 
variables de test sur εls, ce qui peut être résumé comme suit : 

 La capacité de déformation des joints de recouvrement augmente avec leur longueur, 
indépendamment de l’armature de confinement. 

 L’efficacité de l’armature de confinement dépend de la longueur du recouvrement : la 
capacité de déformation des joints courts (ls = 25Øl) ne dépend pas du taux d’armature 
de confinement; à l’autre extrême, de très petits taux d’armature de confinement 
suffisent pour augmenter la capacité de déformation des joints longs (ls = 60Øl) ; pour 
des joints de taille intermédiaire, la capacité de déformation augmente seulement au-
delà d’un certain taux d’armature de confinement (ρt > 0.15%).  
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 Une augmentation du niveau de compression maximal conduit à une réduction de la 
capacité de déformation des joints; d’autres essais sont toutefois nécessaires pour 
quantifier correctement l’influence de l’historique de chargement sur la capacité de 
déformation des joints de recouvrement. 

 Les joints bétonnés en fond de coffrage ont atteint de plus grandes capacités de 
déformations que ceux proches de la surface libre du béton, démontrant l’importance 
de la qualité du béton. 

Les facteurs influençant la capacité de déformation des joints (εls) et leur influence relative 
sont discutés dans le chapitre 6 du rapport, qui comprend également une proposition 
d'expression pour quantifier εls qui est brièvement décrite dans le paragraphe suivant. 

Une expression pour εls est proposée au moyen des résultats expérimentaux en 
considérant les deux variables ls et ρt, avec 25Øl < ls <60Øl et 0< ρt <0.3%. On définit deux 
régions dans ce domaine [ls, ρt] : une dans laquelle une augmentation de ρt cause une 
augmentation de εls (sous-domaine A) et une autre dans laquelle la capacité de traction ne 
dépend pas de l’armature de confinement (sous-domaine B). La limite entre les deux 
régions est donnée par l’équation suivante :  

𝒍𝒔
∅𝒍
+
𝟔𝟎−𝟐𝟓
𝟎.𝟑

 ∙ 𝝆𝒕−𝟔𝟎 = 𝟎 (1) 

où ρt est défini en pourcents [%]. Cette expression représente la ligne passant par les 
points de coordonnées [ls, ρt] = [60Øl, 0%] et [25Øl, 0.3%]. Toute combinaison de [ls, ρt] 
donnant des valeurs positives pour l’équation (1) tombe dans le sous-domaine A et toutes 
les valeurs négatives tombent dans le sous-domaine B. De plus, puisqu’on n’observe pas 
de rupture du joint pour ls = 60Øl et ρt > 0.15% l’équation ne devra pas être utilisée dans 
cette région. Une équation linéaire par rapport aux variables ls et ρt est développée pour 
chaque domaine en fonction des valeurs expérimentales de εls. . Les deux systèmes 
d’équations suivants, respectivement pour l’armature bétonnée en fond de coffrage ou 
proche de la surface libre sont alors obtenus :   

{
 
 

 
 𝜺𝒍𝒔

𝑻𝑪 =−𝟐𝟑+𝟓𝟎 ∙ 𝝆𝒕+𝟎.𝟒𝟒 ∙
𝒍𝒔
∅𝒍
        → [𝒍𝒔, 𝝆𝒕]  ∈ 𝐬𝐨𝐮𝐬 𝐝𝐨𝐦𝐚𝐢𝐧𝐞 𝐀 

𝜺𝒍𝒔
𝑻𝑪 = 𝟏.𝟐+𝟎.𝟎𝟒 ∙

𝒍𝒔
∅𝒍
                            → [𝒍𝒔, 𝝆𝒕]  ∈ 𝐬𝐨𝐮𝐬 𝐝𝐨𝐦𝐚𝐢𝐧𝐞 𝐁

 

(2) 

(3) 

{
 
 

 
 휀𝑙𝑠

𝐵𝐶 =−36+70 ∙ 𝜌𝑡+0.76 ∙
𝑙𝑠
∅𝑙
         → [𝑙𝑠, 𝜌𝑡]  ∈ 𝐬𝐨𝐮𝐬 𝐝𝐨𝐦𝐚𝐢𝐧𝐞 A

휀𝑙𝑠
𝐵𝐶 =−2.1+0.2 ∙

𝑙𝑠
∅𝑙
                            → [𝑙𝑠, 𝜌𝑡]  ∈ 𝐬𝐨𝐮𝐬 𝐝𝐨𝐦𝐚𝐢𝐧𝐞 B

 
(4) 

(5) 

où εls  est exprimé en pour mille [‰]. D’un point de vue géométrique, les équations (2) à (5) 
représentent deux plans dans l’espace [ls, ρt]. Les deux plans de chaque système se 
coupent sur une ligne dont la projection sur le plan εls = 0 est donnée par l’équation (1). La 
correspondance entre les valeurs expérimentales et les valeurs prédites est montrée pour 
les cas en fond de coffrage et proche de la surface libre dans la Fig. 3(a) et (b) comme 
graphe des résidus. L’équation prédit plutôt bien l’allure des données expérimentales et le 
couplage entre ls and ρt. L’effet des différents protocoles de chargement se manifeste par 
une dispersion plus importante pour les combinaisons [ls = 40Øl; ρt = 0.15%] and [ls = 40Øl; 
ρt = 0.25%]. La bonne coïncidence entre les εls prédits et expérimentaux est confirmée par 
une erreur moyenne de 20% et 26% respectivement pour les joints en fond de coffrage et 
proches de la surface libre, qui décroit à 13% et 20% si on ne considère que le protocole 
de charge principal (C1). 
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(a) (b) 
Fig. 3 Prédictions de l’équation εls comparées aux résultats expérimentaux. Graphe des 
résidus pour les joints : (a) coulés proches de la surface libre (b) coulés en fond de coffrage. 

Modélisation du comportement inélastique de murs en 
béton armé avec recouvrements de barres 
Les trois paragraphes qui suivent présentent différentes approches pour la modélisation 
du comportement de structures en béton avec joints par recouvrement de barres. La 
première est basée sur un élément de coque implémentant une loi constitutive uni-axiale 
pour les joints qui simule la réponse de ces murs. La deuxième est un modèle d’élément 
de poutre qui prend indirectement en compte les effets de décalage de traction dans les 
éléments en béton armé. Ce modèle améliore la simulation des résultats au niveau local 
(courbure et allongements) par rapport aux modèles actuels de poutres et peut tenir 
compte de la présence de joints en utilisant la limite d’allongement dérivée précédemment 
pour des fibres d’acier dans la région de joints par recouvrement. Le troisième modèle est 
un modèle mécanique permettant de décrire le comportement en traction des éléments de 
bord de murs en béton armé avec joints de barres. 

Modèle à éléments de coque 
On présente ici un modèle simple, accessible aux ingénieurs de la pratique, pour simuler 
la réponse inélastique force-déplacement de murs en béton armé avec joints de 
recouvrement. Un exemple de ce modèle, incluant le maillage (Fig. 13) est donné dans la 
section ‘Exemples de modèles’. L’influence des joints est prise en compte par une loi uni-
axiale contrainte-déformation équivalente, évitant l’utilisation d’éléments complexes 
d’interface de glissement. Cette loi est montrée dans la Fig. 4 et est composée de deux 
parties : une partie élastique jusqu’à un point d’écoulement équivalent (εy,ls, fy,ls), et une 
partie post-élastique jusqu’à une valeur ultime (equivalent ultimate point) (εu,ls, fu,ls).  Le 
point d’écoulement équivalent (equivalent yield point) est défini par la limite élastique fy,ls  

et par l’allongement relatif εy,ls  qui est simplement obtenu en divisant la limite élastique par 
le module d’élasticité Es  de l’acier d’armature. La limite d’écoulement équivalente est 
déterminée comme le minimum entre la limite élastique de l’acier fy  et la résistance du joint 
fs , calculée selon le modèle proposé par Canbay et Frosch [16]. Si l’allongement du joint 
est plus grand que la limite d’écoulement de l'acier εls > εy, la résistance du joint est 
approximativement égale à la contrainte d’écoulement de l'acier fs ≈ fy. Si la capacité de 
déformation du joint est inférieure à la limite d’écoulement de l'acier εls < εy, alors la 
résistance du joint de recouvrement peut être calculée comme fs ≈ εls ·Es. 
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(a) (b) 
Fig. 4 Loi équivalente contrainte-déformation pour un joint : (a) fs < fy; (b) fs > fy. 

L’allongement ultime εu,ls  est défini comme l’allongement au début de la perte de résistance 
du mur en béton armé εdeg, qui peut être obtenue par : 

𝜺𝒅𝒆𝒈 = 𝜺𝒚,𝒍𝒔+𝟎.𝟔𝟓 ∙ 𝝆𝒘+𝟎.𝟎𝟑 ∙
𝒍𝒔
𝑳𝒔

 (6) 

où εy,ls  est la limite d’écoulement équivalente, ls  est la longueur du joint en tension le plus 
à l’extérieur, Ls est la portée de cisaillement de l’élément et ρw est le taux d’armature de 
confinement pour contrôler l’ouverture des fissures de fendage. Il est important de noter 
que si l’armature transversale ne peut pas exercer son rôle de confinement, soit parce qu’il 
n’y a pas d’étriers soit parce que l’armature d’effort tranchant n’a pas de détails adéquats 
dans les bords des murs (crochets à 135° ou fermés), la valeur de ρw devrait être prise 
comme zéro. 

L’équation (6) a été dérivée comme suit :  

a. Les murs en béton armé avec joints inclus dans la base de données ont été modélisés 
avec le logiciel non-linéaire d’éléments finis VecTor2 [34] en admettant une armature 
continue le long de toute la structure, avec une liaison parfaite entre l’acier et le béton. 
Pour les cas où la résistance des joints fs était inférieure à la limite d’élasticité de l’acier 
fy, une loi élastique-plastique a été attribuée à toute l’armature dans la région du joint. 

b. Les allongements des modèles dans la région du joint ont été comparés aux valeurs 
expérimentales disponibles (spécimens TW3, VK2, VK4 and VK5). On a observé que 
le modèle prédit de manière satisfaisante les valeurs expérimentales d’allongement 
jusqu’au début de la dégradation de résistance globale. 

c. Une base de données d’allongement de joints au début de la dégradation a été obtenue 
sur la base de tous les modèles de murs de la base de données. 

d. Une analyse de régression multi-variables a été effectuée en utilisant les variables 
influençant le plus la capacité d’allongement des joints, conduisant à l’expression finale 
pour εdeg . 

Une fois que l’allongement au début de la dégradation εdeg a pu être estimé – cela 
correspond à l’allongement ultime εu,ls de la loi équivalente proposée pour les joints – on 
peut déterminer la contrainte ultime équivalente comme suit : 

 Si la limite d’élasticité de l’acier fy  est plus grande que la résistance du joint fs, c’est-à-
dire quand  fy,ls = fs:  on admet  une relation élastique-parfaitement plastique pour l’acier 
équivalent et donc fu,ls = fy,ls = fs. Il faut noter que les allongements plus grands que fy,ls 
proviennent du glissement l’adhérence et non de l’allongement mécanique des barres. 

 Si la limite d’élasticité de l’acier fy  est inférieure à la résistance des joints fs, c’est-à-dire 
quand  fy,ls = fs:  on admet que la courbe contrainte-allongement uni-axiale du matériau 
équivalent est valable pour l’acier d’armature jusqu’à la valeur de εu,ls. 

Dans l’élément de coque proposé. on attribue la loi constitutive équivalente à tous les 
éléments d’armature longitudinale (treillis) dans la région du joint. Le modèle permet de de 
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simuler de manière satisfaisante le comportement non-linéaire des murs en béton armé 
avec joints de recouvrement, à la fois en termes de résistance maximale et de capacité de 
déplacement. Ceci peut être observé dans la Fig. 5, où les résultats expérimentaux de trois 
spécimens sont comparés avec le modèle proposé et avec un modèle admettant une 
armature continue avec une loi de contrainte-allongement comme mesurée est également 
présentée. Cette même validation a été effectuée pour tous les murs en béton armé de la 
base de données avec une différence moyenne entre l’approche numérique et 
expérimentale de 12% pour la résistance mécanique de l’élément et de 25% pour sa 
capacité de déplacement. 

 

(a) (b) (c) 
Fig. 5 comparaison entre les résultats numériques et expérimentaux (modèle d’éléments 
de coque). 

Modèle d’élément de poutre 
Bien que le modèle par éléments de coque permette de prédire de manière satisfaisante 
la réponse inélastique des murs en béton armé avec joints de recouvrement avec des 
détails insuffisants, il présente les désavantages suivants : sa mise en œuvre et 
l’interprétation des résultats demande un haut niveau d’expertise et implique des coûts de 
calcul importants. C’est pourquoi ce modèle est typiquement réservé à des applications de 
recherche et à la simulation d’éléments isolés. 

Les éléments de poutres avec plasticité distribuée offrent un meilleur compromis entre 
précision et coûts de calcul et sont de ce fait souvent utilisés pour l’analyse de structures 
en béton armé. Les limites d’allongement sont souvent préférées aux limites d’inclinaison 
car elles sont plus directement reliées à l’endommagement et sont en conséquence moins 
dépendantes de la géométrie de l’objet et des conditions de bord. La prédiction exacte de 
la demande d’allongement représente toutefois encore un défi majeur pour la simulation. 
Un changement linéaire de la courbure se produit dans la région des rotules plastique sous 
l’effet des fissures de cisaillement inclinées (Fig. 6(a)) intersectant le profil élastique des 
courbures à une certaine hauteur au-dessus de la fondation. Ces effets ne peuvent pas 
être saisis par les formulations actuelles basées sur les forces (Fig. 6(c) and (d)) ; elles 
satisfont exactement l’équilibre mais ne considèrent que l’effet du gradient du moment. Les 
formulations basées sur les déplacements offrent un cadre naturel pour la prise en compte 
des effets de décalage de traction puisque la distribution linéaire des courbures plastiques 
observée dans la zone plastique peut être reproduite en imposant des champs de 
déplacements transversaux appropriés à l’élément de poutre (Fig. 6(a)). Cependant, le 
profil de déplacement linéaire axial utilisé de manière classique dans les éléments à base 
de déplacements constitue une limitation fondamentale de la précision de cette approche 
quand le comportement inélastique des matériaux est pris en compte. Les forces axiales 
résultantes sont en équilibre seulement dans un sens moyen (Fig. 6(f)), donnant des 
simulations médiocres de la réponse expérimentale force-déplacement, ainsi que des 
profils de courbure et d’allongement. 

Au vu de ce qui précède, on propose donc un élément basé sur les déplacements qui 
satisfait strictement l’équilibre axial. Une procédure intra-élément itérative qui ajuste 
automatiquement le profil d’allongement axial a été implémentée pour obtenir des forces 
axiales constantes et égales à la charge axiale imposée à tous les points d’intégration. Les 
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profils de courbure sont eux gardés linéaires comme dans les éléments basés sur les 
déplacements classiques, même s’ils diffèrent quantitativement à cause de la procédure 
d’équilibrage axial. Le principe des travaux virtuels est employé pour obtenir les efforts 
dans les éléments de base et une matrice de rigidité cohérente. 

Les éléments à base de déplacement équilibrés axialement ont été validés sur deux séries 
d’essais cycliques sur des piliers en porte-à-faux et des murs en béton armé. En supposant 
une discrétisation appropriée avec la longueur de l’élément en pied de structure égale à 
deux fois la longueur de la rotule plastique comme dans Priestley et al. [44], on obtient des 
résultats précis en termes de réponse à l’échelle globale et locale. Les simulations des 
courbures expérimentales (Fig. 7) et des allongements montrent une amélioration 
significative par rapport aux modèles basés sur une approche classique d’éléments 
formulés en forces ou en déplacements. Par exemple, si on compare les courbures en pied 
pour différents niveaux de ductilité, les modèles utilisant la formulation proposée donnent 
la meilleure estimation dans environ 80% des cas avec une erreur moyenne d’environ 15% 
(41% et 57% respectivement pour les modèles d’éléments BD et FB classiques). Ces 
améliorations nécessitent cependant un peu plus de temps de calcul par rapport aux 
méthodes classiques. 

 

Fig. 6 Elément en béton armé soumis à des charges horizontales et verticales : (a) Fissures 
inclinées dues aux effets de décalage de la traction; (b) Discrétisation structurale avec des 
éléments FB et DB; Profils qualitatifs des courbures expérimentales et numériques et des 
déformations axiales: modèles d’éléments FN (c) et (e);  modèles d’éléments DB - (d) et 
(f). 
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Fig. 7 Profils de courbure expérimentaux et numériques pour essai l’essai T9 à un niveau 
de ductilité positif : (a) FB 5 IPs, (b) deux éléments DB/c et (c) deux éléments DB/ae. 

La présence de joints de recouvrement peut être prise en compte en attribuant les limites 
d’allongement données par les équations (2) à (6) à la loi de contrainte déformation pour 
des barres d’armature situées dans les régions des joints. Des résultats satisfaisants ont 
été obtenus en simulant la réponse globale force-déplacement des murs en béton armé 
avec joints de barres testés par Bimschas [24] et Hannewald [26] comme le montre la Fig. 
8. Des développements et des validations supplémentaires sont nécessaires au niveau 
local, où la diminution des déformations dues à l’armature double dans la zone du joint 
avant la rupture n’est pas prise en compte. 

 

Fig. 8 Comparsaison entre le reponse en force deplacement experimentale et numerique 
des bancs d’essai raccordés(a) VK2; (b) VK4; (c) VK5 (modèle avec 2 DB/ae dont la 
longueur de l’élément du bas est egale a la hauteur de la région de l’épissure)  

L’élément fini proposé est implémenté dans le logiciel open source OpenSees [35] : le code 
source est accessible sur GitHub (https://github.com/eesd-epfl/OpenSees/wiki/Axially-
Equilibrated-Displacement-Based-Element) où il est également possible de télécharger un 
exécutable OpenSees le contenant. Une documentation détaillée et quelques exemples 
d’applications pour des analyses statiques et dynamiques sont également à disposition. 

Modèle mécanique 
Un modèle mécanique pour la simulation des éléments de bord de murs en béton armé 
avec joints de barres est développé et brièvement décrit dans ce qui suit. Il s'appuie sur le 
modèle de la membrure en traction (tension chord) [31] dont il conserve les hypothèses 
pour les matériaux et les lois adhérence-glissement. Le modèle est composé d'un 
assemblage d'éléments, chacun représentant une source différente de déformation : (i) un 
élément de glissement d'ancrage incluant la déformation de pénétration de l'armature 
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longitudinale dans la fondation ; (ii) un élément de base de membrure en traction pour la 
réponse de l'élément en dehors de la zone de joint de recouvrement ; et (iii) un élément de 
joint de recouvrement décrivant le comportement dans la région du joint.  

Le modèle est très polyvalent et permet toute combinaison de tout nombre des composants 
susmentionnés. La Fig. 9(a) illustre l'assemblage d'un ancrage, d'un joint de recouvrement 
et de plusieurs éléments de membrure en traction, auxquels un déplacement global en tête 
Δtot est imposé. Sur la base des propriétés de l’acier et du béton, le modèle donne la 
résistance axiale, l'espacement et l’ouverture des fissures (à l'intérieur et à l'extérieur de la 
région du joint), les distributions des déformations de l'acier et du béton et le déplacement 
à la rupture. Des itérations sont nécessaires pour résoudre le problème non linéaire, à 
moins que des forces globales ne soient imposées, auquel cas une solution non itérative 
directe est disponible. Un organigramme décrivant les étapes de la procédure itérative est 
donné à la Fig. 9(b) et discuté plus en détail dans la sous-section ‘Exemples de modèles’. 

 

 

 

(a) (b) 
Fig. 9 Modèle d'élément de bord en béton armé : (a) Assemblage des composants d'un 
élément en béton armé comprenant un joint à recouvrement, un ancrage et plusieurs 
éléments de membrure en traction (TCi) ; (b) Organigramme de la procédure itérative. 

Sur la base d'une estimation de la déformation de l'acier au niveau de la fissure (εac), la 
solution de l'élément de joint est brièvement décrite dans ce paragraphe, tandis que la 
solution de la membrure de traction et des composants de l'ancrage d’extrémité sont 
omises car elles peuvent respectivement être trouvée dans Marti et al. [31] et Feng et Xu 
[45]. Une fois que la fissuration est stabilisée le long du joint de barres (Fig. 10(a)), la force 
résistante est transférée de la barre ancrée à l'extrémité libre de la barre (non chargée) par 
l’adhérence du béton. Dans ce modèle, on suppose que le béton ne se déforme pas sous 
le transfert de la force d'une barre à l'autre. Bien que le béton résiste partiellement à la 
charge de traction appliquée, ce qui entraîne la formation de fissures, cette simplification 
représente une approximation raisonnable jusqu'à la rupture du joint de recouvrement. En 
fait, comme l'ont souligné Tastani et al. [46], l’omission de la contribution du béton 
n'entraîne pas de grandes erreurs de modèle puisque la déformation maximale en traction 
supportée par le béton à résistance normale jusqu'à la rupture en traction est inférieure à 
5% de la déformation d’écoulement de l'armature. Néanmoins, cette hypothèse implique 
une légère surestimation de l’ouverture de fissure car celle-ci est calculée à partir des 
seules déformations de l'acier, c'est-à-dire que l'effet de raidissement en traction dû aux 
déformations du béton est ignoré. La Fig. 10(b) et (c) montre un schéma de principe de la 
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distribution des contraintes et des déformations dans l'acier pour les deux barres du joint 
d'armature à deux niveaux de déformation de la fissure d'interface εac (avant et après 
l’écoulement). L’allongement total du joint de recouvrement (Δls) est calculé comme 
l'intégrale des enveloppes des déformation de l'acier le long de tout le joint de 
recouvrement, tandis que la largeur des fissures situées dans la région du joint de 
recouvrement (par exemple wlap,1 et wlap,2 dans la Fig. 10(a)) est calculée en intégrant 
l'enveloppe des déformations le long des longueurs d'influence correspondantes (par 
exemple l1 et l2 dans la Fig. 10(a)). On considère l'enveloppe des déformations de l'acier 
car, le long de la zone du joint, les barres d'armature ne sont généralement pas soumises 
à des contraintes égales ; la barre la plus sollicitée détermine la largeur de la fissure [46]. 
L’ouverture des fissures d'interface est obtenue en additionnant les contributions dues aux 
déformations se produisant à l'intérieur et à l'extérieur de la région du joint.   

 

(a) (b) (c) 
Fig. 10 Élément de joint : (a) Schéma de principe ; (b) Profil de déformation qualitatif de 
l'acier ; (c) Profil de contraintes qualitatif de l'acier. 

Le déplacement ultime de l'élément de jonction à recouvrement, Δls,ult, est défini comme le 
produit entre la capacité de déformation moyenne du joint de barres (εls, équations (2) à 
(6)) et la longueur nominale du joint, ls. Lorsqu'elle est atteinte, on admet la perte totale et 
soudaine de la capacité de charge axiale de l'élément de bord. 

Le modèle mécanique a été validé par rapport à l'ensemble des essais sur des éléments 
de bords de murs en béton armé décrits auparavant en termes de réponse force-
déplacement, d’ouverture de fissure et de distribution de la déformation le long des deux 
barres du joint. Dans tous les cas, une bonne correspondance a été trouvée entre les 
résultats numériques et expérimentaux avec des erreurs relatives pour le déplacement 
ultime et l’ouverture des fissures en moyenne inférieures à 20%. A titre d'exemple, les 
résultats analytiques et les données expérimentales obtenues à partir du spécimen LAP-

P16 (longueur du joint ls = 560 mm (40Øl) et taux d'armature de confinement ρt ≈ 0.2%) 
sont comparés à la Fig. 11. Les réponses globales force-déplacement sont présentées 
dans le graphique (a) où on peut observer comment le pushover numérique (procédure 
statique qui utilise une technique non linéaire simplifiée pour estimer les déformations 
structurales sismiques) suit de manière satisfaisante la branche de traction des résultats 
expérimentaux cycliques. De plus, la capacité de déplacement ultime est également assez 
bien prédite (erreur relative inférieure à 20 %), la rupture numérique étant déclenchée par 
l’épuisement du déplacement ultime du joint de barres. Pour chaque état (A, B, C) 
représenté par un point de couleur dans la courbe force-déplacement, l’ouverture de 
fissure numérique par rapport à la valeur expérimentale ainsi que la distribution des 
déformations dans l'acier de la barre d'armature ancrée en bas sont montrées dans les 
graphiques (b) et (c), respectivement. Dans les deux cas, les modèles s'avèrent simuler 
adéquatement les données expérimentales. 
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(a) (b) (c) 
Fig. 11 Comparaison expérimentale et numérique pour TU LAP-P16 (ls = 40 Øl): (a) 
Réponse force-déplacement ; (b) Ouverture de la fissure ; (c) Déformations de l'acier dans 
la région du joint pour la barre d'armature ancrée en bas. 

Bien que la présence de joints de recouvrement avec des détails insuffisants ait été 
identifiée comme une source critique de dommages lors de récents tremblements de terre 
[47], ils sont couramment utilisés dans la zone de la rotule plastique des murs en béton 
armé, qui représentent le principal système de contreventement latéral pour les bâtiments 
avec murs en béton armé ou les ponts avec des piles-murs. Dans la littérature, seules 
quelques études sont disponibles concernant ces éléments de structure, pour la plupart 
réalisées au cours de la dernière décennie. En particulier, la quantification de leur capacité 
de déplacement est fondamentale dans le cadre de l'ingénierie sismique basée sur la 
performance, où les déplacements plutôt que les forces sont comparés à la demande 
sismique. Les expressions permettant d'estimer la capacité de déformation de joints de 
recouvrement avec des détails insuffisants font défaut dans la littérature, de même que les 
outils simples permettant aux ingénieurs praticiens de simuler la réponse non linéaire des 
murs en béton armé avec des joints de barres. Les modèles d'éléments finis disponibles 
tiennent généralement compte de la contribution à la déformation provoquée par la 
présence de joints à recouvrement par des éléments d'interface complexes et des modèles 
d’adhérence-glissement locaux. 

Conclusions 
L'objectif de ce rapport est de contribuer à la compréhension du comportement des murs 
en béton armé avec des joints de barres et de proposer des outils appropriés pour prédire 
leur réponse non linéaire sous chargement cyclique. Les principales contributions sont 
énumérées ci-dessous : 

 Une base de données d'essais sur des murs en béton armé avec des joints à 
recouvrement a été assemblée. A partir de l'analyse des données expérimentales, la 
longueur du joint, l'armature de confinement, le gradient de moment et l'historique de 
chargement ont été identifiés comme étant les paramètres principaux affectant la 
capacité de déplacement des murs en béton armé avec joints ; 

 Un programme expérimental comprenant 24 éléments de murs en béton armé, dont 22 
avec des joints de barres a été réalisé. A partir des données traitées (disponibles 
publiquement sur la plateforme Zenodo en utilisant le DOI : 10.5281/zenodo.1205887), 
la capacité de déformation des joints de barres est définie et quantifiée de manière 
efficace. L'équation proposée est fonction de la longueur du joint, de l'armature de 
confinement et de la position du joint lors du bétonnage.  

 Un modèle détaillé d'éléments de coque est proposé qui utilise une nouvelle loi 
constitutive équivalente uni-axiale de l'acier pour tenir compte de la présence de joints 
de recouvrement dans les murs en béton armé ; 

 Un nouveau modèle d'élément de poutre à plasticité distribuée a été développé, 
permettant de prendre en compte les effets de décalage de traction dans les éléments 
en béton armé, conduisant ainsi à une meilleure prédiction des demandes de 
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déformation par rapport aux formulations classiques basées sur les forces ou les 
déplacements. La présence de joints de barres peut être prise en compte en imposant 
les limites de capacité de déformation proposées à la loi de contrainte-déformation de 
l'acier d'armature situées dans la région du joint. 

 Un modèle mécanique basé sur le modèle de la membrure en traction et décrivant le 
comportement en traction des éléments de mur en béton armé avec des joints de 
recouvrement est présenté. Il permet de calculer la distribution des contraintes et des 
déformations de l'acier le long de la paire de barres d'armature du joint ainsi que 
l’ouverture de la fissure. 
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Dispositions de la SIA, base de données des 
ponts suisses et exemples d'application  

Dispositions de la SIA sur les joints à recouvrement et base 
de données des ponts suisses  
La première version de la directive de construction suisse concernant les structures en 
béton armé (SIA 162 (1956) [48]) stipulait déjà que les joints de recouvrement devaient 
être placées dans des zones soumises à de faibles contraintes. En outre, il était suggéré 
d'échelonner les joints de recouvrement afin d'éviter que toutes les armatures 
longitudinales soient recouvertes dans la même section. Les mêmes dispositions se 
retrouvent dans la plus récente SIA 262 (2013) [33]. Cependant, les exigences de la norme 
relatives à la longueur minimale des joints de recouvrement ont évolué dans les 
générations successives de codes SIA, comme le montre le Tab. 4. 

Tab. 4 Exigences de la SIA concernant la longueur minimale des joints de recouvrement. 

Norme SIA         Longueur de dimensionnement du joint de recouvrement lbd 

 Général Zone sous tension 

 Acier S235 Acier S500 Acier S235 Acier S500 

 30 - 36 - - - - - 

SIA 162 (1956) [48] 35 - 30 45 55 - 45 65 

SIA 162 (1968) [32] 30 - 25 40 50 - 40 60 

SIA 162 (1993) [49] - - [28-42] a [40-60] a - - [28-42] a [40-60] a 

SIA 262 (2003, 2013) [33,50] 30 - 36 - - - - - 

a: fonction de la résistance d’acier et de béton, ls diminue avec fbd et augmente avec fsd 

 

En se concentrant sur l'acier S500 (typiquement utilisé pour l'armature) et sur les longueurs 
de recouvrement droites situées dans les régions susceptibles de subir des déformations 
en traction (comme les régions de rotules plastiques des murs en béton armé ou des piles 
de pont), les observations suivantes peuvent être faites :  

 La longueur de dimensionnement des joints à recouvrement lbd a été progressivement 
réduite dans les versions récentes des normes SIA pour les structures en béton armé ; 

 Dans la version actuelle de la SIA 262 (2013) [33], lbd est proportionnelle à la résistance 
de calcul de l'acier et inversement proportionnelle à la contrainte d’adhérence du béton ; 

 lbd d est toujours supérieur à 50 Øl  pour le béton et l'acier de résistance normale (dans 
la SIA 262 (2013) [33], lbd = 50 Øl  pour le béton C30/37 et l'acier S500). 

Une base de données de ponts Suisses avec des joints de recouvrement dans la région 
de la rotule plastique des piles a été constituée afin d'évaluer leur performance sismique 
et d'évaluer leur vulnérabilité par rapport à la rupture des joints de recouvrement. La liste 
des ponts est présentée dans le Tab. 5 avec quelques informations importantes sur la 
géométrie et les détails. 

Tab. 5 Base de données des ponts Suisses avec des joints de recouvrement dans la 
région de la rotule plastique des piles 

Pont Canton Zone sismique année Ls/h Appuis    ls/Øl 

Gäbelbachviadukt Berne Z1 1980 1.5-5.4 O 65 

Passage supérieure du 
BAM à Morges  

Vaud Z1 1962 1.4-1.6 O 35 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

26 November 2022 

Viadotto Pianturino  Tessin Z1 1979 2.4-2.7 N 55 

Viadotto San Leonardo  Tessin Z1 1978 1.8-4.2 N 55 

Pont sur le Grandsonnet Vaud Z1 1982 2-10 O - 

Ponts de Corcelles  Berne Z1 2001 3.8-6 O 60 

Pont sur RC 262 en 
Chantemerle 

Vaud Z1 1988 2.1-2.3 N 60 

Ponts sur la Paudèze Vaud Z1 1971 1.9-3.8 N 65 

Viaduc sur le Rhone  
Ile Falcon  

Valais Z3a [-] 1.5-2.4 O 65 

Viaduc de Matran  Fribourg Z1 1982 3.9-5.1 N 40 

 

On note que la plupart des ponts présentaient des longueurs de joints à recouvrement ls ≈ 
60 Øl à la base des piles, ce qui est conforme aux dispositions de la SIA. De plus, pour les 
piles examinées, l’armature de confinement fournie était dans tous les cas ρt > 0,15%. 
Selon les résultats expérimentaux sur les éléments de délimitation des murs en béton armé 
présentés plus haut dans le document, ls > 40 Øl représente une longueur de recouvrement 
suffisante pour obtenir une résistance du joint supérieure à la limite d'élasticité de 
l'armature longitudinale, même pour des joints non confinés (ρt = 0). Pour les spécimens 
avec ls = 60 Øl et ρt = 0,1%, une capacité de déformation 8‰ ≤ εls ≤ 12‰ a été atteinte, 
correspondant approximativement à 3 à 5 fois la déformation limite d'élasticité de l'acier, 
tandis qu'aucune rupture de joint de recouvrement n'a été observée pour les spécimens 
avec ls = 60 Øl et ρt ≥ 0.15%. 

Cependant, la rupture de l'armature à la base des piles n'a été atteinte dans aucune des 
analyses sismiques effectuées sur les ponts collectés, qui ont été réalisées en utilisant un 
spectre de période de retour de 475 ans. Les principales raisons sont liées à la demande 
de déformation relativement faible pour les piles, qui dans la plupart des cas est encore 
réduite par la présence d'appuis isolant le tablier des piles et par des fondations qui ne 
fournissent pas un encastrement complet. La Fig. 12 montre l'évaluation sismique par 
l'analyse statique non linéaire du pont ferroviaire de Morges, dont la longueur des joints la 
plus courte était située dans la région potentielle de la rotule plastique. Comme on peut le 
voir, le pont se comporte de manière élastique lorsqu'il est soumis à la demande sismique 
prescrite. 

 

Fig. 12 Analyse statique non linéaire du pont ferroviaire de Morges et comparaison avec 
le spectre ADRS. 

En conclusion, les dispositions de la SIA concernant les longueurs des joints de 
recouvrement et l’armature de confinement conduisent en général à une conception sûre, 
qui pourrait peut-être être assouplie dans les futures révisions de la norme. Cependant, 
des essais supplémentaires visant à étudier l'influence d'autres paramètres sur la capacité 
de déformation des joints, tels que la qualité du béton, le béton d'enrobage, l'influence des 
protocoles de charge et des analyses incluant davantage de ponts situés dans les zones 
sismiques 3a et b sont recommandés avant la mise en œuvre de ces règles. 
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Exemples de modèles 
Dans cette section, l'élément de coque, l'élément de poutre et le modèle mécanique utilisés 
pour obtenir les résultats présentés ci-dessus sont illustrés. Pour chaque modèle, les 
variables d'entrée requises sont définies et les principaux choix de l'utilisateur sont discutés 
(discrétisation, modèles de matériaux). 

Modèle d'éléments de coque pour le spécimen de mur VK5  
Ce modèle est créé dans le logiciel d'éléments finis non linéaires VecTor2 (V2) [34], 
développé à l'Université de Toronto et basé sur la théorie du champ de compression 
modifié (Modified Compression Field Theory) [51]. La Fig. 13 montre le maillage du 
spécimen VK5, constitue d’élément rectangulaires en état plan de contraintes (taille 
d'environ 100 mm) et d’éléments de barres de treillis. Les premiers simulent le 
comportement conjoint de la matrice en béton et de l'armature horizontale, en utilisant un 
modèle d’armature distribuée alors que les seconds simulent l'armature longitudinale. Les 
éléments de treillis utilisent les mêmes nœuds que les éléments en béton armé. La loi 
constitutive de contrainte-déformation équivalente du joint de recouvrement de la Fig. 4(b) 
a été attribuée aux éléments de treillis dans la région du joint par recouvrement 
(représentée en bleu foncé). La fondation et la poutre de chargement supérieure qui font 
partie du dispositif d'essai ont été incluses dans les modèles. Comme aucun dommage 
n'est attendu dans ces régions, de grandes résistances à la traction et à la compression 
(≈100 MPa) ont été attribuées au matériau béton correspondant. Afin d'obtenir une 
simulation réaliste de l'effet de confinement fourni par la fondation au mur, la rigidité 
élastique du béton n'a cependant pas été augmentée (cette homogénéité de la rigidité du 
modèle favorise également la convergence numérique). Un déplacement latéral 
incrémental Δ a été imposé (pushover) à la hauteur de la portée de cisaillement et une 
charge axiale constante N = 1300 kN a été appliquée à cinq nœuds de la poutre de 
chargement supérieure. 

 

Fig. 13 Maillage pour le spécimen de mur VK5. 

Les propriétés des matériaux à introduire sont les propriétés mécaniques standard 
(résistance à la compression du béton, limite d'élasticité et limite ultime de l'acier, 
déformation ultime de l'acier et module d’élasticité) qui ont été obtenues lors d'essais de 
matériaux. En ce qui concerne les modèles de matériaux adoptés, rapportés dans le Tab. 
6, les paramètres par défaut de VecTor2 ont été utilisés avec les exceptions suivantes : (i) 
la contribution du béton tendu tant en ce qui concerne une augmentation de la rigidité a 
été ignorée car lorsqu’on l’a activée elle a donné, pour tous les murs en béton armé, une 
rigidité et une résistance supérieure aux courbes force-déplacement expérimentales - 
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comme l'ont également observé Almeida et al. [52]; (ii) le modèle proposé par Palermo et 
Vecchio [53,54] et suggéré par Palermo et Vecchio [55] et Pugh [56] est utilisé pour le 
comportement hystérétique des éléments en béton armé. Bien que toutes les structures 
analysées aient été chargées de façon monotone jusqu'à la rupture, des décharges et 
recharges partielles peuvent se produire au niveau du matériau. Il a été observé que, 
comparé aux simulations utilisant le modèle hystérétique par défaut [57], le modèle de 
Palermo et Vecchio [53,54] conduit à des améliorations appréciables dans les prédictions 
globales F-Δ. 

 

Tab. 6 Modèles de comportement des matériaux utilisés pour les éléments de coque. 

Bridge 

Réponse avant le pic : Hognestad  Dilatation : Variable Kupfer 

Réponse après le pic : Park-Kent  Critère de fissuration : Mohr-Coulomb 

Réponse de 
ramollissement : 

Vecchio 1992  
Contrainte de la fissure : Basic (MCFT/DSFT) 

Contribution du béton 
tendu (augmentation) : 

Pas considéré *  
Ouverture de la fissure : Agg./2.5 Max w 

Ramollissement en 
tension : 

Pas considéré *  
Glissement de la fissure: Walraven 

Résistance confinée : Kupfer-Richart  
Comportement 
hysterétique : 

Palermo 2002* 

Steel 

Réponse 
hystérétique : 

Bauschinger (Seckin) 
 

Flambage : Akkaya 2012 

Effet de goujon : Tassios (crack slip)    

* pas un paramètre par défaut dans VecTor 2  

 

Modèle d'éléments de poutre équilibrés axialement pour l'unité de mur 
VK5  
Le modèle d'élément de poutre, créé dans le logiciel libre d'éléments finis OpenSees [58], 
discrétise le spécimen de mur VK5 au moyen de deux éléments de poutre basés sur le 
déplacement et équilibrés axialement (Fig. 14 (a)). Afin de simuler au mieux les effets de 
décalage de traction, la longueur de l'élément inférieur est prise égale à deux fois la 
longueur théorique de la rotule plastique Lp, définie par Priestley et al. [44] (pour le 
spécimen VK5 2*Lp ≈ 1.2 m). 
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(a) (b) 
Fig. 14 Modèle d'éléments de poutre: (a) Discrétisation de la structure ; (b) Discrétisation 
de la section. 

Quatre sections d'intégration sont définies dans chaque élément fini (discrétisation dans la 
Fig. 14(b)). Elles ont toutes été discrétisées en environ 150 fibres au total, auxquelles 
différents paramètres de matériaux et lois constitutives ont été attribués (voir Tab. 7). 

Tab. 7 Modèles de matériaux et paramètres utilisés dans le modèle d'éléments de poutre. 

Béton de couverture : matériau uni-axial Concrete04 (Mander) 

fc = -35.2 MPa Ec = 28000 MPa 

εc0 = -0.002 fct = 3.3 MPa 

εc2 = -0.05 εct = 1.2e-4 

Noyau de béton : matériau uni-axial Concrete04 (Mander) 

fc = -36 MPa Ec = 28000 MPa 

εc0 = -0.0021 fct = 3.3 MPa 

εc2 = -0.05 εct = 1.2e-4 

Acier d’armature: matériau uni-axial Steel02 (Menegotto-Pinto) 

fy = 521 MPa Es = 202000 MPa 

b = 0.005 R0 = 20 

cR1 = 0.925 cR2 = 0.15 

L'élément fini du bas est encastré au nœud inférieur tandis que le nœud supérieur de 
l'élément fini du haut est soumis à une force verticale constante de N = 1300kN et à 
l'historique des déplacements latéraux cycliques quasi-statiques expérimentaux. Aux fibres 
d'acier des deux sections d'intégration inférieures de l'élément inférieur, une limite de 
déformation est imposée (avec la commande 'minmax' d'OpenSees), égale à la capacité 
de déformation calculée avec l'équation (5). Les conditions pour un joint coulé au fond du 
coffrage ont été admises puisque les piles ont été coulées verticalement [26]. La 
comparaison entre les résultats expérimentaux et le modèle numérique est montrée à la 
Fig. 8, où un défaut de convergence a provoqué l'interruption de l'analyse. 

Modèle mécanique pour l'éléments de bord de la paroi LAP-P16  
Les paramètres géométriques et les propriétés des matériaux nécessaires à la mise en 
place du modèle mécanique sont listés dans les Tab. 7 et Tab. 8, respectivement.  
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Tab. 8 Paramètres géométriques du modèle mécanique de LAP-P16.  

Parameter Description 

L0 = 1260 mm Hauteur 

l0 = 440 mm Longueur de la partie rectiligne de l’armature ancrée 

Øl =14 mm Diamètre de la barre longitudinale 

lanc = l0 + 5 * Øl Longueur d’ancrage pour tenir compte du pliage de 
la barre 

b = 200 mm Largeur de la section 

As = 4 * π * Øl  ^ 2/4 = 615 mm2 Section d’armature longitudinale 

Ac = b ^ 2- As = 39385 mm2 Section de béton 

ρl = As / b ^ 2 = 1.54% Taux d’armature longitudinal 

srm0 = Øl * fct * (1- ρl )/(2 * τb0  * ρl) = 200 mm  Espacement maximum des fissures 

srm = 0.7 * srm0 = 140 mm Espacement moyen des fissures 

ls = 40* Øl =560 mm Longueur du joint de recouvrement 

 

Tab. 9 Paramètres de matériaux utilisés dans le modèle mécanique LAP-P16.  

Béton 

fc = -31.7 MPa Ec =  5000* fc ^(1/2) = 28150 MPa 

fct = 0.3* fc ^(2/3) = 3 MPa  

                Acier 

fy = 510 MPa Es = 204000 MPa 

fu = 635 MPa εu = -0.09 

              Liasion 

τb0 = 2*fct = 6 MPa τb0 = fct = 3 MPa 

 

Dans les paragraphes qui suivent, les étapes nécessaires pour obtenir les résultats 
analytiques de la Fig. 11, qui sont illustrées dans l'organigramme de la Fig. 12, sont 
présentées plus en détail. 

Jusqu'à la première fissure, une liaison parfaite existe entre l'acier et le béton, qui partagent 
donc la même déformation : 

𝜺𝒔 = 𝜺𝒄 =
∆𝒕𝒐𝒕
𝑳𝟎

 

 

(7) 

où L0 représente la longueur totale de l'élément de bord. La première fissuration se produit 

à un niveau de déplacement Δtot = (fct/Ec)L0. Le niveau de force correspondant Nfc peut être 
obtenu comme suit : 

𝑵𝒇𝒄 =
(𝑬𝒄 ∙ 𝑨𝒄+𝑬𝒔 ∙ 𝑨𝒔) ∙ 𝒇𝒄𝒕

𝑬𝒄
 (8) 

 

Entre la première fissuration et la stabilisation de la fissuration (identifiée par l'indice 'cs' 
pour crack stabilisation), les fissures s'ouvrent l'une après l'autre sous une force axiale qui 
est supposée constante et égale à N = Nfc. En réalité, de petites chutes de force se 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

November 2022  31 

produisent en raison de la réduction de la rigidité causée par chaque ouverture de fissure, 
qui ne sont pas prises en compte. Le déplacement lors de la stabilisation de la fissure Δcs 
correspond à une déformation de l'acier à la fissure égale à : 

𝜺𝒄𝒔 =
𝑵𝒇𝒄
𝑬𝒔 ∙ 𝑨𝒔

 

 

(9) 

Ce qui précède ne s'applique pas aux fissures situées dans la région du joint de 
recouvrement où la surface d'acier contribuant à la rigidité axiale est double. De telles 
fissures s'ouvrent pour une force axiale imposée Nfc,lap > Nfc; cependant, pour les taux  
d'armature longitudinale courants, la différence entre ces deux forces est relativement 
faible et peut être négligée (par exemple, pour le spécimen LAP-P16, Nfc,lap = 140 kN tandis 
que Nfc = 130 kN). 

Pour les déplacements imposés supérieurs à Δcs, chaque composant de l'élément de bord 
(ancrage, joint de recouvrement et membrure de traction de base) peut être résolu 
séparément pour une déformation à la fissure εac donnée. Cette quantité est initialement 
estimée comme εac = Δtot/L0 qui est ensuite utilisée pour calculer le déplacement total de 
l'élément de bord résultant. Ce dernier, identifié comme Δcomput, est obtenu en additionnant 
le déplacement résultant de chaque élément, qui peut être calculé au moyen d'équations 
à forme fermée (voir le chapitre 7 de ce rapport pour plus de détails). Le déplacement 
calculé Δcomput est ensuite comparé au Δtot imposé: si leur différence est inférieure à une 
tolérance définie par l'utilisateur (dans les applications suivantes, tol = Δtot /1000 est utilisé), 
la convergence est atteinte, sinon une estimation actualisée de εac  est calculée (voir Fig. 
10 (b)) et une nouvelle itération est effectuée. Lors de la convergence, les distributions de 
contrainte/déformation acier/béton peuvent être obtenues pour chaque élément, ainsi que 
les ouvertures de fissures (voir Fig. 10(a)). Enfin, la force axiale totale imposée est calculée 
comme suit :  

{
𝑵= 𝜺𝒂𝒄 ∙ 𝑬𝒔 ∙ 𝑨𝒔                                                    𝜺𝒂𝒄 < 𝜺𝒚
𝑵= 𝜺𝒚 ∙ 𝑬𝒔 ∙ 𝑨𝒔+ (𝜺𝒂𝒄−𝜺𝒚) ∙ 𝑬𝒔𝒉 ∙ 𝑨𝒔           𝜺𝒂𝒄 > 𝜺𝒚

 (10) 

Sans critère spécifique définissant la rupture de l'élément de bord, la procédure ci-dessus 
peut être effectuée pour tout déplacement imposé Δtot jusqu'à une déformation à la fissure 
égale à la déformation ultime de l'acier (εac =  εult). Dans le cas du spécimen LAP-P16, 

l’épuisement du déplacement ultime du joint de recouvrement, Δls,ult = εlsls, signale la 
défaillance de l'élément, qui entraîne la perte totale et soudaine de la capacité de charge 
axiale. 

Données et fichiers annexes 
Les données et fichiers annexes suivants sont publiés de manière libre en même temps 
que ce rapport :  

 Réponse expérimentale force-déplacement des 16 spécimens de mur avec joints de 
barres et des 8 spécimens de référence avec armature continue recueillies dans la base 
de données (DOI : 10.5281/zenodo.19224).  

 Modèles V2 de tous les murs de la base de données (DOI : 10.5281/zenodo.2653488); 

 Données expérimentales des 24 essais sur des éléments de bord de murs en béton 
armé avec des joints de barres (DOI : 10.5281/zenodo.1205887) 

 Fichiers d'entrée pour les modèles contenus dans la section ‘Exemples de modèles’ 
(DOI : 10.5281/zenodo.2653680). 
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Zusammenfassung 

Eine ausreichende Tragfähigkeit und ein ausreichendes Verformungsvermögen von 
Stahlbeton-Brückenstützen für horizontale Einwirkungen ist notwendig, um ein akzeptables 
Verhalten der Brücke während eines Erdbebens sicherzustellen. Feldbeobachtungen [1-3] 
als auch experimentelle Versuche [4-9] haben gezeigt, dass sowohl die Tragfähigkeit als 
auch das Verformungsvermögen von Stahlbetonbauteilen signifikant reduziert wird, wenn 
Übergreifungsstösse vorhanden sind. Dies gilt insbesondere dann, wenn die 
Übergreifungsstösse in Bereichen liegen, in denen sich inelastische Verformungen 
konzentrieren, was bei Brückenstützen häufig der Fall ist [10,11]. Oft liegen die 
Übergreifungsstösse gerade oberhalb des Fundaments, wo die Beanspruchungen infolge 
Erdbeben am grössten sind. 

In der Schweiz wurden moderne Konzepte zur duktilen Bemessung erst mit der SIA-
Tragwerksnormengeneration 2003 eingeführt [12]. Entsprechend der Dokumentation des 
Bundesamts für Strassen ASTRA [13] wurden nur 10% der bestehenden Brücken nach 
dem Jahre 2003 gebaut. Bei den restlichen Brücken ist davon auszugehen, dass sie 
Übergreifungsstösse in den plastischen Bereichen der Stützen aufweisen könnten. Unter 
diesen Brücken sind schätzungsweise 10-15% mehrfeldrige Balkenbrücken mit relativ 
kurzen und gedrungenen Stützen [13]. Obwohl die Schweiz eine Region mit moderater 
seismischer Gefährdung ist (die maximale horizontale Spitzenbeschleunigung auf Fels für 
eine Wiederkehrperiode von 475 Jahren beträgt agd = 1.6 m/s2), können solche Stützen 
inelastische Verformungen unter Erdbebeneinwirkugen erfahren. 

Im verhaltensbasierten Erdbebeningenieurwesen, das heute als Grundlage für die 
Überprüfung bezüglich Erdbeben dient, erfolgt der Tragsicherheitsnachweis in Form von 
Verformungen und nicht in Form von Kräften. Jedoch haben frühere experimentelle 
Studien über Übergreifungsstösse sich immer auf die Charakterisierung der Festigkeit [14-
16] statt auf das Verformungsvermögen konzentriert [17-19]. Diese früheren Versuche 
wurden hauptsächlich an Stahlbetonbalken und Stahlbetonstützen mit 
Übergreifungsstössen und meist unter monotoner Belastung durchgeführt [20-23]. Unter 
zyklischer Belastung wurden nur wenige experimentelle Untersuchungen des 
Verformungsvermögens von Stahlbetonbauteilen mit Übergreifungsstössen durchgeführt.  
Dies gilt insbesondere für Stahlbetontragwände, obwohl Übergreifungsstösse in deren 
plastischen Bereichen in vielen Regionen der Welt die übliche Konstruktionspraxis ist. 
Abgestimmt auf die verfügbaren experimentellen Versuchsresultate sind die meisten der 
bisherigen empirischen und analytischen Formulierungen ausschliesslich auf die 
Quantifizierung des Tragwiderstands von Übergreifungsstössen ausgerichtet. 

Im Rahmen von zwei früheren ASTRA-Forschungsprojekten über das Erdbebenverhalten 
von Brückenstützen mit Übergreifungsstössen wurde das Verformungsvermögen von 
typischen Schweizer wandförmigen Stahlbetonstützen mittels grossmassstäblicher  
Versuche untersucht [24-26]. Die beiden Projekte lieferten hochwertige experimentelle 
Ergebnisse zum globalen und lokalen Verhalten von drei bzw. vier kragarmförmigen 
Stahlbetonstützen mit bzw. ohne Übergreifungsstösse. Ferner wurden Empfehlungen für 
die Modellierung und für die Tragwerksanalyse von Brücken mit nichtlinearen Federn für 
die kragarmförmigen Stützen ausgearbeitet, Die Modellierung der plastischen Bereiche 
und deren Verformungsvermögen wurde mittels Versuchsresultate validiert. 

Auf der Grundlage dieser beiden Projekte wurden folgende Ziele der vorliegenden Arbeit 
festgelegt: (i) Untersuchung des Verformungsvermögens von Stahlbetontragwänden mit 
Übergreifungsstössen durch experimentelle Versuche an Randelementen anstelle von 
Versuchen an ganzen Wänden, da dies die Prüfung einer grossen Anzahl von 
Übergreifungsstosskonfigurationen ermöglicht; (ii) Entwicklung numerischer 
Charakterisierungen des Verformungsvermögens von Übergreifungsstössen unter 
monotoner und unter zyklischer Belastung; (iii) Entwicklung numerischer und 
mechanischer Modelle von Stahlbetonbauteilen mit Übergreifungsstössen für die 
Tragwerksanalyse in der Ingenieurpraxis. Die Ergebnisse dieses Forschungsprojekts 
dienen als Grundlage für die 2. Stufe der Beurteilung der Erdbebensicherheit von 
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bestehenden Strassenbrücken nach dem zweistufigen ASTRA-Verfahren [13]. Doch 
können sie auch allgemein für Untersuchungen des Erdbebenverhaltens von 
Stahlbetontragwandbauten mit Übergreifungsstössen an den Wandfüssen dienen. 
Detaillierte Untersuchungen des Erdbebenverhaltens von bestehenden Gebäuden in der 
Schweiz werden nach der Stufe 3 des BWG-Verfahrens durchgeführt [27]. 

Im ersten Schritt des Forschungsprojekts wurden frühere Versuchsberichte zu 
Stahlbetontragwänden mit Übergreifungsstössen, darunter die erwähnten beiden ASTRA-
Projekte sowie zwei kürzlich im Versuchslabor EESD der École Polytechnique Fédérale de 
Lausanne (EPFL) durchgeführte Versuche, gesichtet und die relevanten Versuchsdaten in 
einer Datenbank zusammengestellt. Die Auswertung der Datenbank zeigt, dass das 
Versagen der äussersten Übergreifungsstösse in den Randelementen typischerweise das 
Versagen der Wand auslöst. Ferner wurden die wichtigsten Parameter, die das 
Verformungsvermögen der Übergreifungsstösse bestimmen, identifiziert. Dazu gehören 
der Bewehrungsgehalt der Umschnürungsbewehrung und  das Verhältnis von 
Schubspannweite zur Übergreifungsstosslänge. Aufbauend auf diesen Erkenntnissen 
wurde eine Versuchsreihe für Randelemente von Stahlbetontragwänden mit 
Übergreifungsstössen entwickelt, die als wichtigste Parameter die 
Übergreifungsstosslänge, den Bewehrungsgehalt der Umschnürungsbewehrung und die 
Belastungsgeschichte umfasst. Aufbauend auf den Versuchsergebnissen wird eine 
empirische Formulierung für das Dehnungsvermögen von Übergreifungsstössen 
hergeleitet. 

Die numerische Simulation von Übergreifungsstössen erfolgt typischerweise mittels Finite-
Elemente-Modellierungen mit aufwendigen Schlupf-Verbundsspannungs-Beziehungen 
[28-30], die durch Ausziehversuche von Bewehrungsstäben kalibriert worden sind. In 
dieser Arbeit wurden zuerst 2D-Schalenelementmodelle zur Simulation des globalen 
Verhaltens der Versuchswände entwickelt, die in der erwähnten Datenbank erfasst worden 
sind. Zur Modellierung der Übergreifungsstösse wurde ein neues äquivalentes Spannungs-
Dehnungs-Gesetz für den Bewehrungsstahl entwickelt, so dass auf Schlupf-
Verbundspannungselemente verzichtet werden konnte. Anschliessend wurde ein 
verformungsbasiertes Balkenelement mit Gleichgewichtsformulierung in axialer Richtung 
entwickelt, das die Auswirkungen der Zugspannungsumlagerung indirekt berücksichtigt. 
Dieses Element bewahrt die relativ einfache Formulierung eines Balkenelements und 
erlaubt trotzdem eine verbesserte Erfassung lokaler Phänomene im Stahlbetonbauteil, mit 
denen die Entwicklung struktureller Schäden verfolgt werden kann. Das Verhalten des 
Übergreifungsstosses kann über das neue Spannungs-Dehnungsgesetz einbezogen 
werden. 

Abschliessend wurde ein neues mechanisches Modell zur Beschreibung des Verhaltens 
von Stahlbeton-Randelementen mit Übergreifungsstössen unter Berücksichtigung der 
analysierten Versuchsdaten erarbeitet. Dieses Modell erweitert das Zuggurtmodell [31] 
unter Berücksichtigung des Verankerungsschlupfs und von Übergreifungsstössen. Damit 
kann das globale Kraft-Verformungsverhalten des Randelements, die Verteilung der Risse 
und deren Öffnungsbreite sowie der Verlauf der Spannungen und Dehnungen in Stahl und 
Beton entlang des Bauteiles bestimmt werden. Das mechanische Modell erfasst ferner den 
Stahlspannungs- und Stahldehnungsverlauf entlang von gestossenen Bewehrungs-
stabpaaren in einem Übergreifungsstoss bis zu dessen Versagen. 

Mit jeder neuen SIA-Tragwerksnormengeneration in der Schweiz haben sich die 
Bestimmungen für Übergreifungsstösse weiterentwickelt. So ist die minimale Länge für 
einen Übergreifungsstoss über die Jahre verkürzt worden (für gerade Stäbe S500 in 
Zugzonen: ls = 65 Øl in SIA 162 (1968) [32] verglichen mit 40 Øl ≤ ls ≤ 60 Øl in SIA 262 
(2013) [33]). Die experimentellen Ergebnisse dieser Studie zeigen, dass diese minimalen 
Verankerungslängen zusammen mit der minimalen Umschnürungsbewehrung jeder 
Normengeneration genügen, um sowohl die Fliessgrenze als auch plastische Dehnungen 
in der Längsbewehrung zu erreichen. Andererseits zeigte eine erste Analyse von 12 
typischen Strassenbrücken in der Schweiz, dass unter den Beanspruchungen der 
Erdbeben-Bemessungssituation kein Fliessen der Längsbewehrung am Stützenfuss zu 
erwarten ist. Der Grund dafür ist der relativ niedrige Verschiebungsbedarf der Stützen, der 
in den meisten Fällen durch die Nachgiebigkeit der Fundation und die Präsenz von Lagern 
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zwischen Stützen und Brückenträger zusätzlich reduziert wird. Die durchgeführten 
Versuche belegten folglich, dass das Verformungsvermögen der Übergreifungsstösse in 
den meisten Brückenstützen der Schweiz genügend gross ist für die Beanspruchungen der 
Erdbeben-Bemessungssituation. 

Die Arbeit umfasst auch einen online veröffentlichten Datensatz mit dazugehörenden 
Anleitungen. Dazu gehören die Versuchsresultate, die Eingabedaten des 
Schalenelementmodells in VecTor2 [34], die Implementierung des verformungsbasierten 
Balkenelements mit Gleichgewichtsformulierung in axialer Richtung in der open-source 
Software OpenSees [35] und die Implementierung des mechanischen Modells in der 
Software Matlab [36]. 

Gliederung des Berichts 
Die folgenden Abschnitte fassen die Hauptpunkte dieses Berichtes zusammen. Zuerst wird 
eine Übersicht über bisherige Versuche von Stahlbetontragwänden mit 
Übergreifungsstössen zusammen mit den Hauptparametern des Verformungsvermögens 
dieser Bauteile vorgestellt. Auf der Grundlage dieser Erkenntnisse wird das 
Versuchsprogramm zu Randelementen in Stahlbetontragwänden am Versuchslabor EESD 
der EPFL erläutert. Basierend auf den Versuchsresultaten wird das Verformungsvermögen 
von Übergreifungsstössen beschrieben und eine Berechnungsformel dafür vorgeschlagen. 
Zwei numerische Modellierungen basierend auf nicht-linearen Schalen- und 
Balkenelementen und ein mechanisches Modell für die Simulation des nicht-linearen 
Verhaltens der Übergreifungsstösse werden vorgestellt.  

Experimentelle Versuche von Stahlbetontragwänden mit 
Übergreifungsstössen in den plastischen Bereichen 
Mit Versuchen von Stahlbetontragwänden ist erst in den letzten Jahren begonnen worden, 
während Versuche von Stahlbetonbalken und -stützen schon viel früher durchgeführt 
worden sind. Nur vier Stahlbetontragwände sind vor 2008 getestet worden [37,38]. Die 
restlichen 12 Versuchskörper sind in den letzten 6 Jahren getestet worden. Im Rahmen 
von zwei früheren ASTRA-Forschungsprojekten zu Brückenstützen mit 
Übergreifungsstössen in den plastischen Bereichen wurden drei Versuchskörper mit 
wandförmigen Stützen unter zyklischer Beanspruchung getestet. Die vollständige 
Zusammenstellung der Versuchsresultate von 16 Stahlbetontragwänden mit 
Übergreifungsstössen und 8 Vergleichswänden mit durchgehender Längsbewehrung 
jeweils unter zyklischer Beanspruchung befindet sich in Tab. 10. 

Tab. 10 Zusammenstellung der Versuchsresultate von Stahlbetontragwänden mit 
Übergreifungsstössen. Die Versuchskörper VK2, VK4 und VK5 wurden im Rahmen von 
zwei früheren ASTRA-Forschungsprojekten zu Brückenstützen mit Übergreifungs-
stössen in den plastischen Bereichen getestet [25,39].  
Test Unit Ref. Unit Ref. Paper Ls h ls Øl ρt ρw LF δdeg 

   [mm] [mm] [mm] [mm] [%] [%] [-] [%] 

W1 [-] [37] 3250 1200 900 25 0.19 0.52 Y 0.75 

W2 [-] [37] 3750 1200 900 25 0.19 0.52 Y 1.75 

CW2 [-] [38] 5000 1000 360 16 0.29 0 Y 0.2 

CW3 [-] [38] 2250 1000 360 16 0.29 0 Y 0.31 

VK2 VK1 [39] 3300 1500 600 14 0.08 0.43 Y 0.9 

VK4 VK3 [39] 3300 1500 600 14 0.08 0.43 Y 0.9 

VK5 VK6 [25] 4500 1500 600 14 0.08 0.43 Y 0.9 

W1* [-] [40] 3250 1200 600 20 0.27 0 Y 0.35 

W2* [-] [40] 3250 1200 600 20 0.27 0 Y 0.4 
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PW2 PW4 [11] 6710 3048 609 13 1.09 3.71 N 1.1 

RWS RWN [41] 6096 2286 1140 19 1.31 3.01 Y 1.2 

W-60-C W-MC-C [9] 3660 1520 1520 25 0.61 2.96 Y 1.8 

W-40-C W-MC-C [9] 3660 1520 1020 25 0.61 2.96 Y 1.8 

W-60-N W-MC-N [9] 3660 1520 1520 25 0.61 1.73 Y 1.35 

W-60-N2 W-MC-N [9] 3660 1520 1520 25 0.61 1.73 Y 1.35 

TW3 TW2 [42] 3150 2700 215 6 0.36 1.40 Y 0.75 

Legende: Ls: Schubspannweite; h: Wandlänge; ls: Übergreifungsstosslänge;  Øl: Durchmesser der 
Längsbewehrung; ρt: Querbewehrung; ρt: Umschnürungsbewehrung zur Verhinderung von Spaltrissen;  
LF: Übergreifungsstossversagen, das zur Tragwiderstandsreduktion führt ; δdeg: Verschiebung bei 
Tragwiderstandsreduktion 

 

Folgende Beobachtungen konnten vom zyklischen Verhalten der Stahlbetontragwände 
abgeleitet werden: 

 Konstruktiv gut ausgebildete Übergreifungsstösse (d.h. ausreichend lang und 
umschnürt gemäss ACI [43]) zeigen keine signifikante Reduktion der Festigkeit oder 
des Rotationsvermögens des plastischen Bereichs [11]. Sie bewirken eine 
Verschiebung des plastischen Bereichs über den Übergreifungsstoss hinaus und eine 
Reduktion der Schubspannweite der Wand.   

 Wände mit kurzen Übergreifungsstössen ohne Umschnürung versagen bevor sie den 
plastischen Biegewiderstand erreichen [37,38,40]. 

 Übergreifungsstösse mit ausreichender Länge aber ungenügender Umschnürung 
erreichen zwar den plastischen Biegewiderstand jedoch mit einem deutlich reduzierten 
Verformungsvermögen [9,25,42]. 

 Wandversagen infolge Schlupf in den Übergreifungsstössen wird immer durch das 
Versagen der äussersten Übergreifungsstösse, d.h. derjenigen in den Randelementen, 
ausgelöst. 

 Aus dem Vergleich der Verschiebungen der einzelnen Testkörper zu Beginn der 
Tragwiderstandsreduktion konnten die Übergreifungsstosslänge, die Umschnürungs-
bewehrung, der Momentengradient, sowie die Belastungsgeschichte als 
Hauptparameter des Verformungsvermögens identifiziert werden (siehe Fig. 15). 

 Verschiedene weitere Faktoren beeinflussen die Verschiebungen der einzelnen 
Testkörper zu Beginn der Tragwiderstandsreduktion und führen zu Streuung in den 
Daten. Dies sind insbesondere: Betonüberdeckung, Stabdurchmesser und 
Stababstand der Längsbewehrung, Betonfestigkeit, Wandlänge und Position des 
Übergreifungsstosses in der Schalung (siehe Abschnitt 2.4.2). 

 

                            (a)                 (b) 

Fig. 15 Beziehung zwischen Verschiebung zu Beginn der Tragwiderstandsreduktion 
und: (a) Verhältnis zwischen Übergreifungsstosslänge und Schubspannweite;  
(b) Umschnürungsbewehrungsgehalt. 
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Experimentelle Versuche von Übergreifungsstössen in 
Randelementen 
Aufbauend auf den Auswertungen der Datenbank von Stahlbetontragwänden mit 
Übergreifungsstössen wurde ein Versuchsprogramm von Übergreifungsstössen in 
Randelementen entworfen und anschliessend im Versuchslabor EESD der EPFL 
durchgeführt. Das Ziel war es, den Einfluss der Übergreifungsstosslänge, der 
Umschnürungsbewehrung und der Belastungsgeschichte auf das Verformungsvermögen 
quantitativ zu ermitteln. Die Versuchskörper wurden primär basierend auf den Erfahrungen 
der beiden früheren ASTRA-Forschungsprojekte [25,39] bemessen. Die 
Versuchseinrichtung sowie die Abmessungen und die Bewehrungsführung der 
Versuchskörper werden in Fig. 16 dargestellt. Die Versuchskörper wurden in horizontaler 
Lage betoniert, was zu zwei im Beton obenliegenden und zu zwei untenliegenden 
Übergreifungsstössen führte. 

  

                  (a)            (b) (c) (d) 
Fig. 16 Versuchseinrichtung sowie Abmessungen und Bewehrung des Versuchskörpers 
LAP-P3: (a) Versuchskörper vor dem Versuch; (b) Bewehrung in N-S-Richtung; (c) 
Bewehrung in E-W-Richtung; (d) Querschnitt. 

Die vollständige Tabelle der 22 Versuchskörper mit Übergreifungsstössen und der zwei 
Versuchskörper mit über die ganze Höhe durchlaufender, d.h. nicht gestossener, 
Längsbewehrung wird in Tab. 11 gezeigt. Vier unterschiedliche Übergreifungsstosslängen 
mit Längen von 25- bis 60-mal dem Durchmesser der Längsstäbe (Øl) wurden 
berücksichtigt. Ferner wurden für den Querbewehrungsgehalt fünf unterschiedliche Werte 
zwischen 0 bis 0.3% des Betonquerschnitts entsprechend der Schweizer Baupraxis der 
60er- und 70er-Jahre berücksichtigt. Als Belastungsgeschichte wurden ein monotoner und 
vier zyklische Protokolle mit unterschiedlichen Kompressionsverhältnissen verwendet. Das 
Kompressionsverhältnis bezeichnet das Verhältnis zwischen den aufgebrachten 
Verschiebungen in Zug und Druck; (C1: 10:1, C2: 10:2, C3: wiederholte zyklische 
Belastung; C4: 90% der Normalkraft wird bei jedem Druckzyklus erreicht). Details der 
Belastungsprotokolle sind in Tab. 12 zusammengefasst.  

Tab. 11 Versuchstabelle der Randelemente.  
Label h b ls Al (ρl) At (ρt) 

 [mm] [mm] [mm] [mm] [mm] 

LAP-P1 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@100 (0.3%) 

LAP-P2 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@300 (0.1%) 

LAP-P3 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P4 1260 200 350 (25 Øl) 4Ø14 (1.5%) Ø6@100 (0.3%) 
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LAP-P5 1260 200 840 (60 Øl) 4Ø14 (1.5%) Ø6@300 (0.1%) 

LAP-P6 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P7 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P8 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P9 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P10 1260 200 840 (60 Øl) 4Ø14 (1.5%) Ø6@100 (0.3%) 

LAP-P11 1260 200 350 (25 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P12 1260 200 350 (25 Øl) 4Ø14 (1.5%) Ø6@300 (0.1%) 

LAP-P13 1260 200 840 (60 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P14  1260 200 840 (60 Øl) 4Ø14 (1.5%) [-] (0%) 

LAP-P15 1260 200 560 (40 Øl) 4Ø14 (1.5%) [-] (0%) 

LAP-P16 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@150 (0.2%) 

LAP-P17 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-P18 1260 200 700 (50 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P19 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-P20 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-P21 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-P22 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-C1 1260 200 [-] 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-C2 1260 200 [-] 4Ø14 (1.5%) Ø6@100 (0.3%) 

Legende: h: Höhe des Versuchskörpers; b: Querschnittsbreite ; ls: Übergreifungsstosslänge ; Øl: Durchmesser 
der Längsstäbe; Al: Längsbewehrung; ρl: geometrischer Längsbewehrungsgehalt; At: 
Umschnürungsbewehrung; ρt: geometrischer Umschnürungsbewehrungsgehalt. 

 

 

Tab. 12 Belastungsprotokolle  

Type 

Aufgebrachte Verschiebungen Δ in mm (+ Zug, - Druck) 

LS: 1-3   LS: 2-4  LS: 5-7  LS: 6-8  LS: 9-11  LS: 10-12 
LS: 13-15,  

17-19, 21-23, … 

LS: 14-16,  

18-20, 22-24, … 

C1 1 -0.1 2 -0.2 3 -0.3 6, 9, 12, ... -0.6, -0.9, -1.2,... 

C2 1 -0.2 2 -0.4 3 -0.6 6, 9, 12, ... -1.2, -1.8, -2.4,... 

C3 1 0 2 0 3 0 6, 9, 12, ... 0 

C4 1 0.9ALR* 2 0.9ALR* 3 0.9 ALR* 6, 9,12, ... 0.9 ALR* 

M Monotone Zugverschiebung bis zum Versagen 

Legend: LS : Lastschritt, * Verschiebung, die bei 90% der bezogenen Normalspannung N/fcAgerreicht wird 

 

Alle Versuchskörper wurden umfassend instrumentiert. Während der Versuche wurden 
globale Kraft- und Verschiebungsgrössen sowie zusätzliche lokale Verschiebungsgrössen 
kontinuierlich überwacht. Das Dehnungsvermögen der Übergreifungsstösse (εls) wurde als 
diejenige Verformung bei Versagen definiert, die ausschliesslich aus dem Bereich der 
Übergreifungsstösse stammt (Verformungsbeiträge aufgrund der Stahldehnungen der im 
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Fundament verankerten Stäbe sowie solche der Stahldehnungen oberhalb des 
Übergreifungsstosses wurden abgezogen). Anhand der Versuchsdaten wurde diese 
Grösse für alle Übergreifungsstösse der Versuchskörper berechnet. Die Analyse der 
erhaltenen Versuchsdaten für das Dehnungsvermögen der Übergreifungsstösse (εls) 
zeigten folgende Einflüsse der Versuchsparameter: 

 Das Verformungsvermögen der Übergreifungsstösse (εls) nimmt unabhängig von der 
vorhandenen Umschnürungsbewehrung mit der Stosslänge zu. 

 Die Wirksamkeit der Umschnürungsbewehrung hängt von der Stosslänge ab. Das 
Verformungsvermögen von kurzen Übergreifungsstössen (ls = 25 Øl) ist unempfindlich 
gegenüber dem Umschnürungsbewehrungsgehalt. Bereits eine schwache 
Umschnürungsbewehrung reicht aus, um das Verformungsvermögen von langen 
Übergreifungsstössen (ls = 60 Øl) zu erhöhen. Bei mittleren Stosslängen steigt das 
Verformungsvermögen erst ab einem gewissen Umschnürungsbewehrungsgehalt (ρt > 
0.15%). 

 Die Erhöhung der bezogenen Normalkraft auf Druck führt zu einer Reduktion des 
Dehnungsvermögens der Übergreifungsstösse. Weitere Versuche sind jedoch 
notwendig, um den Einfluss der Belastungsgeschichte zuverlässig zu quantifizieren. 

 Ein höheres Verformungsvermögen wurde bei den beim Betonieren unten liegenden 
Übergreifungsstössen im Vergleich zu den oben liegenden erreicht. Dies unterstreicht 
die Bedeutung der Betonqualität für den Verbund. 

Die Faktoren, die das Verformungsvermögen der Übergreifungsstösse (εls) beeinflussen, 
und ihr relativer Einfluss werden in Kapitel 6 des Berichts erörtert, das auch einen Vorschlag 
für eine Gleichung zur Abschätzung von εls enthält. Letztere wird im folgenden Absatz kurz 
beschrieben.  

Basierend auf den Versuchsresultaten wird eine Formulierung für εls in Funktion der 
Parametern ls und ρt, mit 25 Øl < ls < 60 Øl und 0< ρt < 0.3% vorgeschlagen. Zwei Bereiche 
können im Parameterraum [ls, ρt] unterschieden werden: Im ersten Bereich (Bereich A)  
erfolgt auf eine Verstärkung der Umschnürungsbewehrung ρt eine Zunahme des 
Dehnungsvermögens εls, während im zweiten Bereich (Bereich B) die beiden Grössen 
unabhängig von einander sind. Die Abgrenzung zwischen diesen beiden Bereichen wird 
durch folgende Gleichung beschrieben: 

𝒍𝒔
∅𝒍
+
𝟔𝟎−𝟐𝟓
𝟎.𝟑

 ∙ 𝝆𝒕−𝟔𝟎 = 𝟎 (11) 

 

Darin ist ρt  in Prozent [%] einzusetzen. Die Gleichung definiert eine Gerade durch die 
Punkte mit Koordinaten [ls, ρt] = [60 Øl, 0%] und [25 Øl, 0.3%]. Alle Wertepaare [ls, ρt], 
die eingesetzt in die linke Seite der Gleichung (11) zu einem positiven Resultat führen, 
gehören in den ersten Bereich (subdomain A) und alle Wertepaare, die ein negatives 
Resultat ergeben, gehören in den zweiten Bereich (subdomain B). Da für ls ≥ 60 Øl  und 
ρt > 0.15% kein Versagen des Übergreifungsstoss mehr festzustellen war, sollte der 
Anwendungsbereich von Gleichung (11) auf unterhalb dieser Grenzwerte eingegrenzt 
werden.  

Eine lineare Regression der Versuchsresultate, je separat für die beiden Bereiche, führt 
dann zu folgenden Gleichungssystemen für beim Betonieren obenliegende 
Übergreifungsstösse (Superskript TC für Top-Casted) und untenliegende 
Übergreifungsstösse (Superskript BC für Bottom-Casted): 

{
 
 

 
 𝜺𝒍𝒔

𝑻𝑪 =−𝟐𝟑+𝟓𝟎 ∙ 𝝆𝒕+𝟎.𝟒𝟒 ∙
𝒍𝒔
∅𝒍
        → [𝒍𝒔, 𝝆𝒕]  ∈ 𝐁𝐞𝐫𝐞𝐢𝐜𝐡 𝐀 

𝜺𝒍𝒔
𝑻𝑪 = 𝟏.𝟐+𝟎.𝟎𝟒 ∙

𝒍𝒔
∅𝒍
                            → [𝒍𝒔, 𝝆𝒕]  ∈ 𝐁𝐞𝐫𝐞𝐢𝐜𝐡 𝐁

 

(12) 

(13) 

{
 
 

 
 휀𝑙𝑠

𝐵𝐶 =−36+70 ∙ 𝜌𝑡+0.76 ∙
𝑙𝑠
∅𝑙
         → [𝑙𝑠, 𝜌𝑡]  ∈ Bereich A

휀𝑙𝑠
𝐵𝐶 =−2.1+0.2 ∙

𝑙𝑠
∅𝑙
                            → [𝑙𝑠, 𝜌𝑡]  ∈ Bereich B

 
(14) 

(15) 
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Darin ist εls  in Promille [‰] einzusetzen. Geometrisch interpretiert stellen die Gleichungen 
(12) bis (15) zwei Ebenen im Raum [ls, ρt] dar. Die beiden Ebenen schneiden sich in einer 
Geraden, deren Projektion auf die Ebene εls = 0 durch Gleichung (11) gegeben ist. Eine 
Gegenüberstellung von experimentellen und berechneten Residualwerten von εls zeigt Fig. 
17 (a) für oben liegende und (b) für unten liegende Übergreifungsstösse. Die Gleichungen 
erfassen den Trend der experimentellen Daten sowie die Kopplung zwischen ls und ρt gut. 
Der Einfluss der verschiedenen Belastungsgeschichten zeigt sich in der grossen Streuung 
der Kombinationen [ls = 40 Øl; ρt = 0.15%] und [ls = 40 Øl; ρt = 0.25%]. Die gute 
Übereinstimmung zwischen den vorhergesagten, d.h. berechneten, und den 
experimentellen εls wird durch einen mittleren Fehler von 20% für oben liegende bzw. 26% 
unten liegende Übergreifungsstösse bestätigt. Der mittlere Fehler sinkt auf 13% bzw. 20%, 
wenn nur die mit dem Belastungsprotokoll C1 geprüften Testkörper berücksichtigt werden. 

  

(a) (b) 
Fig. 17 Gegenüberstellung von berechneten und experimentellen Residualwerten von εls 
für (a) oben liegende und (b) unten liegende Übergreifungsstösse. 

Modellierungsansätze zur Simulation des inelastischen 
Verhaltens von Stahlbetonbauteilen mit Übergreifungs-
stössen  
In den folgenden drei Unterabschnitten werden verschiedene Modellierungsansätze 
vorgestellt, um das Verhalten von Stahlbetonbauteilen mit Übergreifungsstössen 
numerisch zu simulieren. Der erste Ansatz besteht aus einem Schalen-Finite-Elemente-
Modell, indem ein äquivalentes, einachsiges Verhaltensgesetz für Übergreifungsstösse in 
Stahlbetontragwände implementiert ist. Der zweite Ansatz ist ein Balken-Finite-Elemente-
Modell, das indirekt die Auswirkungen von Zugspannungsumlagerungen berücksichtigt. Es 
ergibt verbesserte lokale Resultate, d.h. Krümmungen und Dehnungen, im Vergleich zu 
Modellierungen mit den üblichen Balken-Finite-Elementen und es kann 
Übergreifungsstösse mittels der im vorherigen Abschnitt abgeleiteten Grenzwerten des  
Verformungsvermögens berücksichtigen. Schlussendlich besteht die dritte Modellierung 
aus einem mechanischen Modell zur Beschreibung des Verhaltens auf Zug von 
Randelementen in Stahlbetontragwänden mit Übergreifungsstössen. 

Schalen-Finite-Elemente-Modell 
Es handelt sich um ein einfaches numerisches Modell, das sich besonders für die 
Anwendung in der Ingenieurpraxis eignet, um das inelastische Kraft-Verschiebungs-
Verhalten von Übergreifungsstössen zu simulieren. Ein Beispiel dieses Modells, 
einschliesslich der Netzdiskretisierung (Fig. 27), ist im Abschnitt Anwendungsbeispiele 
enthalten. Das Verhalten von Übergreifungsstössen wird durch ein äquivalentes, 
einachsiges Spannungs-Dehnungs-Gesetz berücksichtigt, so dass auf Schlupf-
Verbundsspannungselemente verzichtet werden kann. Fig. 18 zeigt die beiden Teile des 
Spannungs-Dehnungs-Gesetz: der erste elastische Ast bis zu einem äquivalenten 
Fliesspunkt (εy,ls, fy,ls) sowie ein zweiter Ast für den Bereich nach dem Fliesspunkt bis zum 
Versagen (εu,ls, fu,ls). Der äquivalente Fliesspunkt wird durch die äquivalente 
Fliessspannung fy,ls und die äquivalente Fliessdehnung εy,ls definiert, die man erhält, indem 
man die erstere durch den Elastizitätsmodul Es des Betonstahls dividiert. Die äquivalente 
Fliessspannung fy,ls wird als Minimum der Betonstahlfliessspannung fy und der Festigkeit 
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des Übergreifungsstosses fs angenommen, die nach dem Modell von Canbay und Frosch 
[16] berechnet wird. Wenn das Verformungsvermögen der Übergreifungsstösse εls größer 
ist als die Streckgrenze des Stahls εls > εy, dann ist die Festigkeit des Übergreifungsstosses 
annähernd gleich der Fliessspannung des Stahls fs≈fy. Ist dagegen das 
Verformungsvermögen der Übergreifungsstösse kleiner als die Streckgrenze des Stahls εls 
< εy, dann kann die Festigkeit des Übergreifungsstosses als fs ≈ εls Es berechnet werden. 

 

(a) (b) 
Fig. 18 Äquivalentes, einachsiges Spannungs-Dehnungs-Gesetz für Übergreifungs-
stösse: (a) fs < fy; (b) fs > fy. 

Die Dehngrenze εu,ls ist als diejenige Dehnung definiert, bei der die globale 
Festigkeitsreduktion der Stahlbetontragwand εdeg beginnt. Sie kann folgendermassen 
berechnet werden: 

𝜺𝒅𝒆𝒈 = 𝜺𝒚,𝒍𝒔+𝟎.𝟔𝟓 ∙ 𝝆𝒘+𝟎.𝟎𝟑 ∙
𝒍𝒔
𝑳𝒔

 (16) 

 

wobei  εy,ls  die äquivalente Fliessdehnung, ls die Länge des äussersten 
Übergreifungsstosses unter Zugspannung, Ls die Schubspannweite und ρw die 
Umschnürungsbewehrung ist, die die Öffnung von Spaltrissen verhindert. Es ist wichtig, 
darauf hinzuweisen, dass ρw gleich Null zu setzen ist, wenn die Querbewehrung keine 
Umschnürungswirkung ausüben kann, entweder weil keine Bügel vorhanden sind oder weil 
die Querbewehrung an den Enden ungenügend verankert ist (135°-Haken oder in sich 
geschlossen). 

Die Gleichung (16) wurde durch folgendes Verfahren hergeleitet: 

 Die in der Datenbank enthaltenen Stahlbetontragwände mit Übergreifungsstössen  
wurden mit der nicht-linearen Finite-Elemente-Software VecTor2 [34] modelliert, indem 
ein einziger, durchgehend über die ganze Wandhöhe laufender Bewehrungsstab 
angenommen wurde, der einen perfekten Verbund zum Beton aufweist. Falls die 
Festigkeit des Übergreifungsstosses fs kleiner als die Fliessgrenze des Betonstahls fy  
ist, wird allen Bewehrungsstäben im Bereich des Übergreifungsstosses ein elasto-
plastisches Spannungs-Dehnungs-Gesetz zugeordnet. 

 Die berechneten Dehnungen im Übergreifungsstoss werden mit experimentellen 
Dehnungen (Versuchskörper TW3, VK2, VK4 und VK5) verglichen, wobei bis zum 
Beginn der globalen Festigkeitsreduktion eine akzeptable Übereinstimmung 
entsprechender Dehnungswerte gefunden wurde.  

 Die Datenbank wurde durch die Übergreifungsstossdehnung εdeg zu Beginn der 
globalen Festigkeitreduktion ergänzt.  

 Zur Bestimmung des endgültigen Ausdruck für εdeg wurde eine multivariate 
Regressionsanalyse mit denjenigen Variablen durchgeführt, die das 
Dehnungsvermögen der Übergreifungsstösse am stärksten beeinflussen. 
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Sobald die Übergreifungsstossdehnung εdeg zu Beginn der globalen Festigkeitreduktion 
bekannt ist, – sie entspricht der Bruchdehnung εu,ls des äquivalenten Spannungs-
Dehnungs-Gesetz des Übergreifungsstosses – kann die äquivalente Bruchspannung fu,ls 
wie folgt bestimmt werden:  

 Falls die Fliessspannung des Betonstahls fy grösser ist als die Festigkeit des 
Übergreifungsstosses fs, d.h. wenn fy,ls = fs, wird eine elastische-perfekt plastische 
Spannungs-Dehnungsbeziehung für den  äquivalenten Betonstahl angenommen. 
Folglich wird fu,ls = fy,ls = fs. Dabei ist zu beachten, dass Dehnungen grösser als fy,ls durch 
Verbundschlupf und nicht durch Dehnungen in der Bewehrung hervorgerufen werden.  

 Falls die Fliessspannung des Betonstahls fy kleiner ist als die Festigkeit des 
Übergreifungsstosses fs, d.h. wenn fy,ls = fy, wird die Spannungs-Dehnungsbeziehung 
für den äquivalenten Betonstahl gleich derjenigen des Betonstahls bis zu einer Dehnung 
von εu,ls  angenommen. 

Im vorgeschlagenen Schalen-Finite-Elemente-Modell wird das äquivalente konstitutive 
Gesetz allen Stahlstäben in Längsrichtung innerhalb des Übergreifungsstosses 
zugewiesen. Das Modell erlaubt eine akzeptable Simulation des nichtlinearen Verhaltens 
von Stahlbetontragwänden mit Übergreifungsstössen, sowohl in Bezug auf die maximale 
Festigkeit als auch auf das Verformungsvermögen. Dies ist in Fig. 19 zu sehen, wo die 
experimentellen Ergebnisse für drei Testkörper mit Modell-Berechnungen verglichen 
werden. Zusätzlich ist eine dritte Kurve in Fig. 19 eingezeichnet, die mit einer Modellierung 
mit durchgehender Bewehrung mit einem aufgrund von Versuchen bestimmten 
Spannungs-Dehnungsgesetz berechnet wurde. Die Validierung des vorgeschlagenen 
Modells wurde für alle in der Datenbank erfassten Stahlbetontragwände durchgeführt. Sie 
ergab eine mittlere Differenz zwischen numerischen und experimentellen Ergebnissen von 
12% für die Festigkeit und von 25% für das Verschiebungsvermögen. 

 

(a) (b) (c) 
Fig. 19 Vergleich zwischen experimentellen und numerischen Ergebnissen mit dem 
Schalen-Finite-Elemente-Modell. 

Balken-Finite-Elemente-Modell 
Obwohl das Schalen-Finite-Elemente-Modell erlaubt, das inelastische Verhalten von 
Stahlbetontragwänden mit konstruktiv ungenügend ausgebildeten Übergreifungsstössen 
numerisch zu simulieren, weist es einige Nachteile auf. Die korrekte Aufstellung der 
Eingabedaten und die Interpretation der Resultate erforderen einen hohen Stand von 
Fachkenntnissen. Die Durchführung der Berechnung ist kostenintensiv. Aus diesen 
Gründen ist der Einsatz von Schalenelementen typischerweise nur zu Forschungszwecken 
und zur Simulation eines einzelnen Bauteils gerechtfertigt. 

Balkenelemente mit verteilter Plastizität bilden den besten Kompromiss zwischen 
Genauigkeit und Rechenaufwand. Deshalb werden sie häufig für die Tragwerksanalyse 
von Stahlbetonkonstruktionen verwendet. Oft werden Dehnungsgrenzen den 
Schiefstellungsgrenzen vorgezogen, da sie sich direkter auf Schäden beziehen und 
weniger von Bauteilgeometrie und Randbedingungen abhängig sind. Die präzise 
numerische Simulationen des Dehnungsbedarfs mittels Balkenelementmodelle stellt 
jedoch immer noch eine grosse Herausforderung dar. In den plastischen Bereichen 
entstehen lineare Krümmungsprofile durch schräg verlaufende Schubrisse (Fig. 20(a)), die 
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das elastische Krümmungsprofil in einer bestimmten Höhe über dem Stabfundament 
schneiden. Diese Effekte können derzeit nicht durch kraftbasierte Formulierungen (Fig. 20 
(c) und (d)), die das Gleichgewicht exakt erfüllen und nur die Wirkung des 
Momentgradienten berücksichtigen, erfasst werden. Verschiebungsbasierte 
Formulierungen erlauben zusätzlich, die Zugspannungsumlagerungen zu berücksichtigen, 
da die lineare plastische Krümmungsverteilung, die innerhalb des plastischen Bereichs 
beobachtet wird, mit zusätzlichen transversalen Verschiebungsfeldern simuliert werden 
kann (Fig. 20(e)). Das lineare axiale Verschiebungsprofil, das in klassischen 
verschiebungsbasierten Elementen verwendet wird, stellt jedoch eine fundamentale 
Einschränkung für die Genauigkeit dieses Ansatzes dar, wenn ein inelastisches 
Materialverhalten verwendet wird. Die resultierenden Axialkräfte werden nur im 
Durchschnitt ausgeglichen (Fig. 20(f)), was zu einer schlechten Simulation des 
experimentellen Kraft-Verschiebungsverhaltens sowie der Krümmungs- und 
Dehnungsprofile führt. 

In Anbetracht der zuvor genannten Punkte wird hier ein verschiebungsbasiertes Element 
vorgeschlagen, das das axiale Gleichgewicht strikte einhält. Ein iteratives Vorgehen 
innerhalb des Elements passt das axiale Dehnungsprofil automatisch an, um konstante 
Axialkräfte in allen Integrationspunkten zu erreichen, die der aufgebrachten Axiallast 
entsprechen. Die Krümmungsprofile werden linear gehalten, wie bei klassischen 
verschiebungsbasierten Elementen, doch sind sie aufgrund des axialen 
Ausgleichsverfahrens quantitativ anders. Die Elementkräfte und eine konsistente 
Steifigkeitsmatrix werden mit dem Prinzip der virtuellen Arbeit bestimmt. 

Das axial ausgeglichene, verschiebungsbasierte Element wurde mittels Vergleich mit 
Versuchsresultaten von zwei zyklischen Versuchsserien an kragarmförmigen 
Stahlbetonstützen und -tragwänden validiert. Bei korrekter Elementdiskretisierung, bei der 
die Länge des untersten Elements dem Zweifachen der Höhe des plastischen Bereichs 
nach Priestley et al. [44] entspricht, liefert es genaue Ergebnisse für die globale und lokale 
Antwort. Die Simulation von experimentellen Krümmungen (Fig. 21) und Dehnungen zeigt 
eine deutliche Verbesserung im Vergleich zu Modellierungen mit klassischen kraft- oder 
verschiebungsbasierten Elementen. Für die Krümmung am Stützenfuss liefert das 
Balkenelement mit der vorgeschlagenen Formulierung in rund 80% der Fälle die beste 
Schätzung mit einem durchschnittlichen Fehler von 15% für unterschiedliche 
Duktilitätswerte im Vergleich zu einem durchschnittlichen Fehler von 41% bzw. 57% für 
klassische verschiebungsbasierte bzw. kraftbasierte Elemente. Die verbesserte 
Genauigkeit erfordert nur eine geringfügig längere Rechenzeit im Vergleich zu den 
klassischen Elementen. 
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Fig. 20 Stahlbetonstütze, die oben mit einer vertikalen und horizontalen Kraft belastet wird: 
(a) Skizze der schrägen Risse aufgrund von Zugspannungsumlagerungen; (b) 
Diskretisierung mit kraftbasierten (FB) und verschiebungsbasierten (DB) Elementen; 
Qualitative experimentelle vs. numerische Krümmungs- und axiale Dehnungsprofile für (c) 
und (e) kraftbasierte (FB) sowie (d) und (f)  verschiebungsbasierte (DB) Elemente.  

 
Fig. 21 Experimentelle und numerische Krümmungsprofile für den Versuch T9 bei 
unterschiedlichen Duktilitätswerten: (a) kraftbasiert mit 5 Integrationspunkten, (b) zwei 
verschiebungsbasierte Elemente (Modell DB/c) und (c) zwei verschiebungsbasierte 
Elemente (Modell DB/ae). 

Der Einfluss von Übergreifungsstössen kann berücksichtigt werden, indem gemäss 
Gleichungen (12) bis (16) berechnete Dehnungsgrenzen dem Spannungs-Dehnungs-
Gesetz für die Bewehrungsstäbe im Übergreifungsstoss zugewiesen werden. Bei der 
Simulation des globalen Kraft-Verschiebungs-Verhaltens der von Bimschas [24] und 
Hannewald [26] getesteten Stahlbetontragwände mit Übergreifungsstössen wurden 
akzeptable Ergebnisse erzielt, wie in Fig. 22 gezeigt wird. Weitere Entwicklungen und 
Validierungen sind für das lokale Verhalten erforderlich, wo die reduzierten Verformungen 
infolge der doppelten Anzahl Stäbe im Übergreifungsstoss derzeit noch nicht berücksichtigt 
werden k. 
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Fig. 22 Experimentelle und numerische Kraft-Verschiebungskurven für folgende 
Versuchskörper mit Übergreifungsstoss: (a) VK2; (b) VK4; (c) VK5. Numerische 
Berechnung mit zwei verschiebungsbasierten Elementen (Modell DB/ae), wobei die Länge 
des unteren Elements der Höhe des Übergreifungsstosses entspricht. 

Das vorgeschlagene Balkenelement wurde in der Open-Source-Software OpenSees [35] 
implementiert. Der Quellcode und eine ausführbare Datei davon ist auf GitHub verfügbar 
(https://github.com/eesd-epfl/OpenSees/wiki/Axially-Equilibrated-Displacement-Based-
Element). Eine ausführliche Dokumentation und einige Anwendungsbeispiele für 
nichtlineare statische und dynamische Analysen sind dort ebenfalls verfügbar. 

Mechanisches Modell 
Für die numerische Simulation von Randelementen in Stahlbetontragwänden mit 
Übergreifungsstössen wurde ein neues mechanisches Modell entwickelt. Es baut auf dem 
Zuggurtmodell („tension chord“) [31] auf und übernimmt dessen Hypothesen über die 
Materialeigenschaften und das Verbundgleiten. Das Modell besteht aus drei 
Komponenten, von denen jede andere Verformungsarten berücksichtigt: (i) ein 
Verankerungsgleitelement (anchorage-slip element), das die Dehnungspenetration der 
Längsbewehrung in das Fundament berücksichtigt, (ii) ein allgemeines Zuggurtelement 
(basic tension chord) für das Verhalten ausserhalb des Übergreifungsstosses und (iii) ein 
Übergreifungsstoss-Element (lap splice) für das Verhalten innerhalb des 
Übergreifungsstosses. 

Das mechanische Modell ist sehr vielseitig und erlaubt jede Kombination einer beliebigen 
Anzahl der erwähnten drei Komponenten. Fig. 23 (a) zeigt dessen Aufbau bestehend hier 
aus einem Verankerungsgleitelement, einem Übergreifungsstoss-Element und mehrerer 
allgemeiner Zuggurtelemente, denen oben eine globale vertikale Verschiebung Δtot 
auferlegt wird. Unter Berücksichtigung der eingegebenen Materialeigenschaften von Stahl 
und Beton erfolgt die Ausgabe des Tragwiderstands für die Axialkraft, die Rissabstände 
und -breiten innerhalb und ausserhalb des Übergreifungsstosses, die Dehnungsverteilung 
von Stahl und Beton und die Bruchverschiebung. Zur Lösung des nichtlinearen Problems 
sind im Allgemeinen Iterationen erforderlich, es sei denn, es werden globale Kräfte 
aufgebracht, für die direkt eine nicht iterative Lösung gefunden werden kann. Das 
Flussdiagramm Fig. 23 (b) zeigt die Schritte des iterativen Verfahrens. Es wird im 
Unterabschnitt "Anwendungsbeispiele" näher erläutert. 

Im Folgenden wird das Lösungsverfahren für das Übergreifungsstoss-Element ausgehend 
von einer Schätzung der Stahldehnung im Riss (εac) beschrieben. Für das 
Lösungsverfahren des Verankerungsgleitelements und des allgemeinen Zuggurtelements 
wird auf Marti et al. [31] und Feng und Xu [45] verwiesen. Sobald eine Rissstabilisierung 
entlang des Übergreifungsstoss-Elements erreicht ist (Fig. 24(a)), erfolgt die 
Kraftübertragung vom verankerten zum freien Ende des Bewehrungsstabs über 
Betonverbund. In diesem Modell wird angenommen, dass der Beton infolge der 
Kraftübertragung von einem Stab zum anderen unverformt bleibt. Obwohl der Beton die 
aufgebrachte Zugkraft teilweise aufnimmt, was zur Bildung von Spaltrissen führt, ist die 
erwähnte Vereinfachung eine akzeptable Approximation bis zum Versagen des 
Übergreifungsstosses. Nach Tastani et al. [46] führt die Vernachlässigung des Beitrags der 
Betondehnung zu keinen grossen Modellfehlern, da die maximale Zugdehnung von 

https://github.com/eesd-epfl/OpenSees/wiki/Axially-Equilibrated-Displacement-Based-Element
https://github.com/eesd-epfl/OpenSees/wiki/Axially-Equilibrated-Displacement-Based-Element
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normalfestem Beton weniger als 5 % der Fliessdehnung der Bewehrung erreicht. Dennoch 
bewirkt diese Hypothese eine leichte Überschätzung der Rissbreiten, da diese allein aus 
den Stahldehnungen berechnet werden, d.h. die Zugversteifung aufgrund der 
Betondehnungen wird vernachlässigt. Der qualitative Verlauf der Stahldehnung ein einem 
gestossenen Stabpaar wird in Fig. 24 (b) und dasjenige für die Stahlspannung in Fig. 24 
(c) jeweils für zwei Dehnungsniveaus am Schnittstellenriss εac (vor und nach Stahlfliessen) 
skizziert. Die Gesamtverschiebung des Übergreifungsstosses (Δls) wird als Integral über 
die Dehnungshüllkurven entlang der gesamten Länge des Übergreifungsstosses 
berechnet, während die Rissbreiten im Übergreifungsstoss (z. B. wlap,1 und wlap,2 in Fig. 24 
(a)) durch Integration der Dehnungshüllkurve über die entsprechenden Einflusslängen (z. 
B. l1 und l1 in Fig. 24 (a)) berechnet wird. Die Dehnungshüllkurve des Stahls wird 
berücksichtigt, da die gestossenen Bewehrungsstäbe im Übergreifungsstoss im 
Allgemeinen nicht gleichmässig beansprucht werden. Der stärker beanspruchte Stab 
bestimmt die Rissbreite [46]. Die Breite der Schnittstellenrisse wird durch Aufsummieren 
von Verformungen innerhalb und ausserhalb des Übergreifungsstosses ermittelt. 

 

 

(a) (b) 
Fig. 23 Mechanisches Modell für Randelemente in Stahlbetontragwände: (a) 
Zusammenstellung der Komponenten (Verankerungsgleitelement: anc1, Übergreifungs-
stoss-Element: lap1, mehrere allgemeine Zuggurtelemente: TCi); (b) Flussdiagramm des 
iterativen Lösungsverfahrens. 

 

(a) (b) (c) 
Fig. 24 Übergreifungsstoss-Element: (a) Skizze; (b) Qualitatives Stahldehnungsprofil; 
(b) Qualitatives Stahlspannungsprofil. 
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Die Bruchverschiebung des Übergreifungsstoss-Element, Δls,ult, ist definiert als das Produkt 
aus dem mittleren Dehnungsvermögens im Übergreifungsstoss (εls, Gleichungen (12) bis 
(16)) und der Länge der Übergreifungsstosses, ls. Bei Erreichen dieses Wertes wird der 
vollständige und plötzliche Verlust der Normalkraft-Tragfähigkeit des Randelements 
angenommen. 

Die Validierung des mechanischen Modells wurde für alle in der Datenbank erfassten 
Stahlbetontragwände mit Randelementen in Bezug auf das Kraft-Verschiebungsverhalten, 
die Rissbreiten und die Dehnungsverteilung entlang gestossener Stabpaare durchgeführt. 
In allen Fällen wurde eine gute Übereinstimmung zwischen numerischen und 
experimentellen Ergebnissen festgestellt, wobei der mittlere Fehler in Bezug auf die 
Bruchverschiebung und die Rissbreiten unter 20 % liegt. Als Beispiel werden die 
Ergebnisse für den Versuchskörper LAP-P16 (Übergreifungsstosslänge ls = 560 mm (40 
Øl) und Umschnürungsbewehrungsgehalt ρt ≈ 0,2%) in Fig. 25 verglichen. Das globale 
Kraft-Verschiebungsverhalten ist in Fig. 25 (a) dargestellt. Die numerische bestimmte 
Pushover-Kurve bildet eine präzise Umhüllende der zyklischen Versuchsergebnisse. Auch 
bei der Bruchverschiebung ist der Fehler zwischen Berechnung und Versuchsergebnis mit 
20% relativ klein, wobei das numerische Versagen durch das Erreichen der 
Bruchverschiebung des Übergreifungsstoss-Element ausgelöst wird. In Fig. 25 (b) und (c) 
werden für die Verschiebungszustände A, B, C, die in Fig. 25 (a) durch einen farbigen 
Punkt dargestellt werden, die numerischen und experimentellen Rissbreiten sowie die 
Stahldehnungsverteilung für den unten verankerten, gestossenen Bewehrungsstabs 
dargestellt. Die Vergleiche zeigen, dass das mechanische Modell die experimentellen 
Daten gut simulieren kann. 

   

(a) (b) (c) 
Fig. 25 Vergleich experimenteller und numerischer Resultate für Versuchskörper LAP-P16 
(ls = 40 Øl): (a) Kraft-Verschiebungsantwort; (b) Rissbreiten; (c) Stahldehnungen im 
Übergreifungsstoss für den unten verankerten, gestossenen Bewehrungsstab. 

Obwohl konstruktiv ungenügend ausgebildete Übergreifungsstösse auch bei kürzlich 
erfolgten Erdbeben als kritische Schadensursache erkannt wurden [47], werden sie häufig 
in plastischen Bereichen von Stahlbetontragwänden verwendet. Diese dienen als  das 
verbreitetste horizontale Aussteifungssystem für Stahlbetontragwandgebäude oder für 
Brücken mit wandförmigen Stützen. In der Literatur finden sich nur wenige Studien zu 
dieser Problematik, die grösstenteils im letzten Jahrzehnt durchgeführt wurden. 
Insbesondere die Quantifizierung des Verformungsvermögens ist im Rahmen des 
leistungsbasierten Erdbebeningenieurwesens von grundlegender Bedeutung, bei dem 
eher die Verformungen als die Kräfte mit den seismischen Anforderungen verglichen 
werden. In der Literatur fehlen Angaben zur rechnerischen Abschätzung des 
Verformungsvermögens von konstruktiv ungenügend ausgebildeten 
Übergreifungsstössen. Ebenso fehlen einfache Verfahren zur numerischen Simulation des 
nichtlinearen Verhaltens von Stahlbetontragwänden mit Übergreifungsstösse für die 
Praxis. Die verfügbaren Finite-Elemente-Modelle können im Allgemeinen das Kraft-
Verformungsverhalten von Übergreifungsstössen nur mit komplexen Schnittstellen-
elementen und lokalen Verbundgleiten-Modelle erfassen. 
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Schlussfolgerungen 
Ziel dieses Berichts ist es, zum besseren Verständnis des Erdbebenverhaltens von 
Stahlbetontragwänden und Stahlbetonstützen mit Übergreifungsstössen beizutragen und 
geeignete Werkzeuge zur Vorhersage ihres nichtlinearen Verhaltens unter zyklischer 
Belastung vorzuschlagen. Die wichtigsten Beiträge sind im Folgenden aufgeführt: 

 Eine Datenbank mit früheren Versuchen an Stahlbetontragwänden mit 
Übergreifungsstößen wurde zusammengestellt. Aus der Analyse der experimentellen 
Daten wurden die Länge des Übergreifungsstosses, die Umschnürungsbewehrung, der 
Momentengradient und die Belastungsgeschichte als diejenigen Parameter identifiziert, 
die das Verformungsvermögen von Stahlbetontragwänden mit Übergreifungsstössen 
hauptsächlich beeinflussen; 

 Ein Versuchsprogramm mit 24 Stahlbeton-Randelementen, davon 22 mit 
Übergreifungsstössen, wurde durchgeführt. Aufgrund der Versuchsdatenauswertung 
wurde das Dehnungsvermögen von Übergreifungsstössen definiert und quantifiziert. 
Die vorgeschlagene Gleichung zur Erfassung des Dehnungsvermögens ist eine 
Funktion der Übergreifungsstosslänge, der Umschnürungsbewehrung und der Lage 
beim Betonieren. Die Versuchsdaten wurden auf der Zenodo-Plattform unter DOI: 
10.5281/zenodo.1205887 veröffentlicht. 

 Ein detailliertes Schalen-Finite-Elemente-Modell mit einem neuen äquivalenten, 
einachsigen konstitutiven Gesetz für den Bewehrungsstahl wurde entwickelt, um das 
Verhalten von Übergreifungsstössen zu erfassen. 

 Ein neues Balken-Finite-Elemente-Modell mit verteilter Plastizität wurde entwickelt, das 
Zugspannungsumlagerung in Stahlbetonbauteilen berücksichtigen kann. Damit kann 
der Dehnungsbedarf im Vergleich zu klassischen kraft- und verschiebungsbasierten 
Formulierungen besser erfasst werden. Der Einfluss von Übergreifungsstössen wird 
mittels neu entwickelter Dehnungsgrenzen für das Spannungs-Dehnungs-Gesetz der 
gestossenen Bewehrungsstäbe erfasst. 

 Ein neues mechanisches Modell basierend auf dem bekannten Zuggurtmodell, 
erweitert durch ein Modell für Übergreifungsstösse in Stahlbetonrandelementen, wurde 
entwickelt. Es ermöglicht die Berechnung der Rissbreiten sowie der Stahlspannungen 
und -dehnungen entlang des gestossenen Stabpaares im Übergreifungsstoss. 
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SIA-Bestimmungen, Datenbank der Schweizer 
Brücken und Anwendungsbeispiele 

SIA-Bestimmungen zu Übergreifungsstössen und 
Datenbank der Schweizer Brücken  
Bereits in der Ausgabe 1956 der Norm SIA 162 Betonbau [48]) wurde darauf hingewiesen, 
dass Stossverbindungen in Bereichen mit geringer Beanspruchung angeordnet werden 
sollten. Ausserdem wurde eine versetzte Anordnung der Übergreifungsstösse 
vorgeschrieben, um zu verhindern, dass die gesamte Längsbewehrung im gleichen 
Querschnitt gestossen wird. Die gleichen Bestimmungen finden sich in der aktuellen Norm 
SIA 262 (2013) [33]. Die Mindestanforderungen an die Verankerungslänge lbd haben sich 
jedoch in den aufeinanderfolgenden SIA-Tragwerksnormengenerationen weiterentwickelt, 
wie die folgende Tab. 13 zeigt.  

Tab. 13 SIA-Anforderungen an die Mindestlänge von Übergreifungsstössen  

SIA-Norm Verankerungslänge lbd 

 Allgemein In der Zugzone 

Betonstahl S235 S500 S235 S500 

 30 - 36 - - - - - 

SIA 162 (1956) [48] 35 - 30 45 55 - 45 65 

SIA 162 (1968) [32] 30 - 25 40 50 - 40 60 

SIA 162 (1993) [49] - - [28-42] a [40-60] a - - [28-42] a [40-60] a 

SIA 262 (2003, 2013) [33,50] 30 - 36 - - - - - 

a: In Funktion der Stahl- und Beton-Festigkeit, ls sinkt mit fbd und steigt mit fsd 

 

Die folgenden Beobachtungen beziehen sich auf den Stahl S500 (der typischerweise für 
Betonstahl verwendet wird) und auf gerade Übergreifungsstösse, die sich in Bereichen 
befinden, in denen Zugverformungen auftreten können (z.B. in plastischen Bereichen von 
Stahlbetontragwänden oder von Stahlbetonstützen): 

 Die Verankerungslänge lbd wurde in den letzten Versionen der SIA-Norm für 
Betonbauten schrittweise reduziert; 

 In der aktuellen SIA 262 (2013) [33] ist lbd proportional zum Bemessungswert der 
Fliessgrenze des Betonstahls und umgekehrt proportional zum Bemessungswert der 
Verbundspannung; 

 lbd ist grösser als 50 Øl für Beton und Betonstahl mit üblichen Festigkeiten (in SIA 262 
(2013) [33] lbd = 50 Øl  für Beton C30/37 und Betonstahl S500). 

Eine Datenbank von Brücken des Nationalstrassennetzes in der Schweiz mit 
Übergreifungsstössen im plastischen Bereich der Stützen wurde in Tab. 14 
zusammengestellt, um deren Erdbebenverhalten zu beurteilen und die Verletzbarkeit der 
Übergreifungsstösse zu bewerten.  

Tab. 14 Datenbank von Brücken des Nationalstrassennetzes in der Schweiz mit 
Übergreifungsstössen im plastischen Bereich der Stützen. 
Brücke Kanton Erdbebenzone Baujahr ls/h Lager    ls/Øl 

Gäbelbachviadukt Bern Z1 1980 
1.5-
5.4 

J 65 
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Eisenbahnüberführung  
der BAM in Morges  

Waadt Z1 1962 
1.4-
1.6 

J 35 

Viadotto Pianturino  Tessin Z1 1979 
2.4-
2.7 

N 55 

Viadotto San Leonardo  Tessin Z1 1978 
1.8-
4.2 

N 55 

Pont sur le Grandsonnet Waadt Z1 1982 2-10 J - 

Ponts de Corcelles  Bern Z1 2001 3.8-6 J 60 

Pont sur RC 262 en 
Chantemerle 

Waadt Z1 1988 
2.1-
2.3 

N 60 

Ponts sur la Paudèze Waadt Z1 1971 
1.9-
3.8 

N 65 

Viaduc sur le Rhone  
Ile Falcon  

Wallis Z3a [-] 
1.5-
2.4 

J 65 

Viaduc de Matran  Freiburg Z1 1982 
3.9-
5.1 

N 40 

 

Die meisten Brücken in Tab. 14 weisen Übergreifungsstosslängen ls ≈ 60 Øl am Fuss der 
Stützen auf, was den SIA-Bestimmungen entspricht. Zudem war bei den untersuchten 
Stützen die Umschnürungsbewehrung in allen Fällen ρt > 0.15%. Gemäss den weiter oben 
vorgestellten Versuchsergebnissen von Stahlbetonrandelementen ist ls > 40 Øl eine 
ausreichende Stosslänge, damit die Verbundfestigkeit grösser wird als die Fliessgrenze 
der Längsbewehrung, selbst bei nicht umschnürten Übergreifungsstössen (ρt = 0). Bei 
Versuchskörpern mit ls = 60 Øl und ρt = 0,1 % wurde ein Dehnungsvermögen von 8‰ ≤ εls 
≤ 12‰ erreicht, das dem 3- bis 5-fachen der Fliessdehnung der Längsbewehrung 
entspricht, während bei Versuchskörpern mit ls = 60 Øl und ρt ≥ 0,15 % kein Versagen der 
Übergreifungsstösse festgestellt wurde.  

Bei keiner der Brücken in der Datenbank wurde bei der Tragwerksanalyse unter den 
Beanspruchungen der Erdbeben-Bemessungssituation ein Fliessen der Längsbewerbung 
am Stützenfuss festgestellt. Der Grund dafür ist der relativ niedrige Verschiebungsbedarf 
der Stützen, der in den meisten Fällen durch die Nachgiebigkeit der Fundation und die 
Präsenz von Lagern zwischen Stützen und Brückenträger zusätzlich reduziert wird. Fig. 26 
zeigt als Beispiel die Erdbebenüberprüfung der Eisenbahnüberführung von Morges mittels 
nichtlinearer statischer Berechnung und dargestellt als ADRS-Spektren. Obwohl die 
Brücke die kürzesten Verankerungslängen in den plastischen Bereichen der Stützen der 
Beispiele in Tab. 14 aufweist, bleibt sie unter Erdbebenbeanspruchung elastisch. 

 

Fig. 26 Nichtlineare statische Erdbebenberechnung der Eisenbahnbrücke von Morges und 
Vergleich mit dem ADRS-Spektrum. 

Zusammenfassend lässt sich sagen, dass die SIA-Bestimmungen zu 
Übergreifungsstosslängen und Umschnürungsbewehrung im Allgemeinen zu einem 
sicheren Entwurf führen, der bei künftigen Überarbeitungen des Regelwerks 
möglicherweise gelockert werden könnte. Es wird jedoch empfohlen weitere Versuche (zur 
Untersuchung des Einflusses anderer Parameter auf die Belastbarkeit von 
Überlappungsstößen, wie Betonqualität, Überdeckungsbeton usw., und zur weiteren 
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Untersuchung des Einflusses der Belastungsgeschichte) und Analysen (unter 
Einbeziehung von mehr Brücken in den Erdbebenzonen 3a und b) durchzuführen, bevor 
solche Vorschriften umgesetzt werden. 

Anwendungsbeispiele 
In diesem Abschnitt werden die drei neu entwickelten Modelle anhand von praktischen 
Anwendungen genauer vorgestellt. Für jedes Modell werden die erforderlichen 
Eingabedaten definiert und die wichtigsten Entscheidungen des Benutzers erörtert (d.h. 
Diskretisierung, Materialmodelle). 

Schalen-Finite-Elemente-Modell für den Versuchskörper VK5 
Das Modell wird mit der nichtlinearen Finite-Elemente-Software VecTor2 (V2) [34] erstellt, 
wurde an der Universität von Toronto entwickelt und basiert auf der modifizierten 
Druckfeldtheorie [51]. Fig. 27 zeigt die Netzdiskretisierung der Probe VK5, die aus 
rechteckigen Elementen mit ebenen Spannungszustand (Grösse von ca. 100 mm) und 
diskreten Fachwerkstäben besteht. Erstere wurden verwendet, um das Verhalten der 
Betonmatrix und der horizontalen Bewehrung mit einem verschmierten Ansatz zu 
simulieren. Letztere dienten zur Simulation der Längsbewehrung. Die Fachwerkelemente 
haben die gleichen Knotenpunkte wie die rechteckigen Elemente. Das äquivalente 
Spannungs-Dehnungsgesetz aus Fig. 18 wurde den Fachwerkelementen innerhalb des 
Übergreifungsstosses zugewiesen (dunkelblau dargestellt). Fundament und oberer Träger 
zur Krafteinleitung wurden explizit in die Modellierung einbezogen. Da in diesen Bereichen 
keine Schäden zu erwarten sind, wurden dem entsprechenden Beton grosse Zug- und 
Druckfestigkeiten (≈ 100 MPa) zugewiesen. Um eine realistische Simulation der 
Umschnürungswirkung des Fundaments auf die Wand zu erreichen, wurde die elastische 
Steifigkeit des Betons jedoch nicht erhöht. Diese Homogenität der Modellsteifigkeiten 
verbessert auch die numerische Konvergenz. Eine inkrementelle horizontale Verschiebung 
Δ wird auf der Höhe der Schubspannweite aufgebracht und eine konstante Druckkraft N = 
1300 kN wird auf fünf Knoten entlang des oberen Trägers verteilt. 

 

Fig. 27 Elementdiskretisierung für die Modellierung des Versuchskörpers VK5. 

Die eingegebenen Materialparameter bestehen aus mechanischen Eigenschaften 
(Druckfestigkeit des Betons, Fliessgrenze, Bruchfestigkeit und Bruchdehnung des Stahls 
sowie Elastizitätsmodule), die aus Materialtests gewonnen wurden. Für die verwendeten 
Materialmodelle, die in Tab. 15 aufgeführt sind, wurden die Standardeinstellungen von 
VecTor2 mit folgenden Ausnahmen verwendet: (i) Die Mitwirkung des Betons zwischen 
den Rissen und Spannungserweichung wurden vernachlässigt, da ihre Verwendung für 
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alle Stahlbeton-Wände zu steiferem und stärkerem Verhalten im Vergleich zum 
experimentellen Verhalten führte - wie auch von Almeida et al. [52] beobachtet; (ii) das von 
Palermo und Vecchio [53,54] vorgeschlagene und von Palermo und Vecchio [55] und Pugh 
[56] empfohlene Modell wird für das hysteretische Verhalten des Stahlbetons in den 
Schalenelementen verwendet. Obwohl alle Modelle in den Analysen monoton bis zum 
Versagen belastet werden, können partielle Ent- und Wiederbelastungen auf 
Materialebene auftreten. Es wurde festgestellt, dass das Modell von Palermo und Vecchio 
[53,54] im Vergleich zu Simulationen mit dem Standard-Hysteresemodell [57] zu 
erheblichen Verbesserungen des globalen Verhaltens führt. 

Tab. 15 Materialmodelle des Schalen-Finite-Elemente-Modells  

Beton 

Steifigkeit vor dem 
max. Widerstand  

Hognestad 
 

Dilatation Kupfer 

Steifigkeit nach dem 
max. Widerstand 

Park-Kent 
 

Risskriterium Mohr-Coulomb 

Steifigkeitsabfall Vecchio 1992  Rissspannung Basic (MCFT/DSFT) 

Betonmitwirkung 
zwischen Rissen 

Nicht 
berücksichtigt * 

 
Rissbreite Agg./2.5 Max w 

Spannungserweichung Nicht 
berücksichtigt * 

 
Rissschlupf Walraven 

Druckfestigkeit 
umschnürt 

Kupfer-Richart 
 

Hysteretisches 
Verhalten 

Palermo 2002* 

Stahl 

hysteretisches 
Verhalten 

Bauschinger (Seckin) 

Dübelwirkung Tassios (Rissbildung) 

* keine VecTor2 Standardeinstellung 

Balken-Finite-Elemente-Modell für den Versuchskörper VK5 
Für die Modellierung mit dem Balken-Finite-Elemente-Modell, das mit der Open-Source-
Software OpenSees OpenSees [58] erstellt wurde, diskretisiert den Versuchskörper VK5 
durch zwei verschiebungsbasierte Balkenelemente (Fig. 28(a)). Um 
Zugspannungsumlagerungen bestmöglich zu simulieren, wird die Länge des unteren 
Balkenelements mit dem Zweifachen der von Priestley et al. [44] definierten Länge des 
plastischen Bereichs Lp angesetzt (für VK5 2* Lp ≈ 1,2 m). 

 

(a) (b) 
Fig. 28 Elementdiskretisierung für die Modellierung des Versuchskörpers VK5 mit dem 
Balken-Finite-Elemente-Modell: (a) Aufriss; (b) Querschnitt. 
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Innerhalb jedes Elements sind vier Integrationsabschnitte definiert (Diskretisierung in Fig. 
28(b)). Der Querschnitt wurde in insgesamt etwa 150 Fasern diskretisiert, denen 
unterschiedliche Materialparameter und Stoffgesetze zugewiesen werden (siehe Tab. 16). 

Tab. 16 Materialmodelle und Parameter des Balken-Finite-Elemente-Modell  

Betonüberdeckung: Einachsiges Materialgesetz Concrete04 (Mander) 

fc = -35.2 MPa Ec = 28000 MPa 

εc0 = -0.002 fct = 3.3 MPa 

εc2 = -0.05 εct = 1.2e-4 

Kernbeton: Einachsiges Materialgesetz Concrete04 (Mander) 

fc = -36 MPa Ec = 28000 MPa 

εc0 = -0.0021 fct = 3.3 MPa 

εc2 = -0.05 εct = 1.2e-4 

Betonstahl: Einachsiges Materialgesetz Steel02 (Menegotto-Pinto) 

fy = 521 MPa Es = 202000 MPa 

b = 0.005 R0 = 20 

cR1 = 0.925 cR2 = 0.15 

Das untere Element ist an den untersten Knoten in alle Richtungen festgehalten, während 
die obersten Knoten des oberen Element frei sind. Dort wird eine konstante vertikale 
Druckkraft von N = 1300 kN und ein zyklischer, quasi-statischer horizontaler 
Verschiebungsverlauf angesetzt. Den Stahlfasern in den beiden unteren 
Integrationsabschnitten innerhalb des unteren Elements wird eine Dehnungsgrenze mit 
dem OpenSees-Befehl 'minmax' eingegeben, die dem mit Gleichung (15) berechneten 
Dehnungsvermögen entspricht. Da der Versuchskörper VK5 aufrecht betoniert wurden, 
wurde die Formulierung für unten liegende Übergreifungsstösse angenommen [26]. Der 
Vergleich zwischen den experimentellen und numerischen Ergebnissen ist in Fig. 22c 
dargestellt, wobei ein Konvergenzfehler zur Unterbrechung der Analyse führte. 

Mechanisches Modell für den Randelement-Versuchskörper LAP-P16  
Die für die Erstellung des mechanischen Modells erforderlichen geometrischen Parameter 
und Materialeigenschaften sind in Tab. 17 und Tab. 18 aufgeführt. 

Tab. 17 Geometrische Parameter des mechanischen Modells für LAP-P16  

Parameter Beschreibung 

L0 = 1260 mm Höhe des Versuchskörpers 

l0 =  440 mm Länge des geraden Teils der verankerten Bewehrungsstäbe 

Øl = 14 mm Durchmesser der Längsbewehrung 

lanc = l0 + 5 * Øl Verankerungslänge zur Berücksichtigung der 
Bewehrungsaufbiegung 

b = 200 mm Querschnittsbreite 

As = 4 * π * Øl 
2/4 = 615 mm2 Querschnitt der Längsbewehrung 

Ac = b2- As = 39385 mm2 Betonfläche 

ρl = As / b2 = 1.54% Bewehrungsgehalt in Längsrichtung 

srm0 = Øl * fct * (1- ρl )/(2 * τb0  * ρl) = 200 mm  Maximaler Rissabstand 

srm = 0.7 * srm0 = 140 mm mittlerer Rissabstand 

ls = 40* Øl = 560 mm Länge des Übergreifungsstosses 
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Tab. 18  Material-Parameter des mechanischen Modells für LAP-P16 

Beton 

fc = -31.7 MPa Ec =  5000* fc1/2 = 28150 MPa 

fct = 0.3* fc2/3 = 3 MPa  

                 Stahl 

fy = 510 MPa Es = 204000 MPa 

fu = 635 MPa εu = -0.09 

                 Verbund 

τb0 = 2*fct = 6 MPa τb0 = fct = 3 MPa 

 

In den folgenden Abschnitten werden die erforderlichen Arbeitsschritte für die analytischen 
Ergebnisse in Fig. 25 dargestellt. Das Flussdiagramm in Fig. 23 zeigt den Ablauf der 
Arbeitsschritte. 

Bis zum ersten Riss besteht ein perfekter Verbund zwischen Stahl und Beton, die folglich 
die gleiche Dehnung aufweisen:  

𝜺𝒔 = 𝜺𝒄 =
∆𝒕𝒐𝒕
𝑳𝟎

 (17) 

wobei L0 die Gesamtlänge des Randelements ist. Der erste Riss tritt bei einer 

Verschiebung Δtot = (fct/Ec)L0 auf. Die entsprechende Kraft Nfc kann wie folgt berechnet 
werden: 

𝑵𝒇𝒄 =
(𝑬𝒄 ∙ 𝑨𝒄+𝑬𝒔 ∙ 𝑨𝒔) ∙ 𝒇𝒄𝒕

𝑬𝒄
 (18) 

Zwischen dem ersten Riss und der Rissstabilisierung (gekennzeichnet durch den Index 
„cs“ für „crack stabilisation“) öffnen sich weitere Risse, wobei die Normalkraft N = Nfc 
konstant angenommen wird. In Wirklichkeit kommt es aufgrund der durch jede Rissöffnung 
verursachten Steifigkeitsreduktion zu kleinen Kraftabfällen, die vernachlässigt werden. Die 
Verschiebung bei erreichter Rissstabilisierung Δcs wird durch folgende Stahldehnung am 
Riss bestimmt: 

𝜺𝒄𝒔 =
𝑵𝒇𝒄
𝑬𝒔 ∙ 𝑨𝒔

 (19) 

Dies gilt nicht für Risse, die sich im Übergreifungsstoss befinden, wo die zur axialen 
Steifigkeit beitragende Bewehrungsstahlfläche doppelt so gross ist. Dort öffnen sich Risse 
bei einer auferlegten Normalkraft Nfc,lap > Nfc. Für einen üblichen Längsbewehrungsgehalt 
ist der Unterschied zwischen den beiden Kräften jedoch relativ gering und kann 
vernachlässigt werden (z. B. beträgt für den Versuchskörper LAP-P16 Nfc,lap = 140 kN, 
während Nfc = 130 kN).  

Für aufgebrachte Verschiebungen, die grösser als Δcs sind, kann jede Komponente des 
Modells für das Randelement (Verankerungsgleit-, Übergreifungsstoss- und Zuggurt-
Element) separat für eine gegebene Dehnung im Riss εac gelöst werden. Diese Dehnung 
wird zunächst als εac = Δtot/L0 geschätzt und damit die resultierende Gesamtverschiebung 
des Randelements berechnet. Letztere wird als Δcomput bezeichnet und ergibt sich durch 
Aufsummieren der resultierenden Verschiebung jedes Elements, die mit Hilfe der 
Gleichungen in Kapitel 7 dieses Berichts berechnet werden können. Die Verschiebung 
Δcomput wird dann mit der von aussen aufgebrachten Verschiebung Δtot verglichen. Falls die 
die Differenz kleiner als ein vom Benutzer definierter Toleranzwert ist (in den folgenden 
Anwendungen wird tol = Δtot/1000 verwendet), wird Konvergenz erreicht. Andernfalls wird 
die Schätzung von εac aktualisiert (siehe Fig. 24(b)) und eine neue Iteration durchgeführt. 
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Bei Konvergenz können die Spannungs-Dehnungsverteilungen von Stahl und Beton aus 
jedem Element sowie die Rissbreiten abgerufen werden (siehe Fig. 24(a)). Schliesslich 
wird die gesamte Normalkraft wie folgt berechnet: 

{
𝑵= 𝜺𝒂𝒄 ∙ 𝑬𝒔 ∙ 𝑨𝒔                                                    𝜺𝒂𝒄 < 𝜺𝒚
𝑵= 𝜺𝒚 ∙ 𝑬𝒔 ∙ 𝑨𝒔+ (𝜺𝒂𝒄−𝜺𝒚) ∙ 𝑬𝒔𝒉 ∙ 𝑨𝒔           𝜺𝒂𝒄 > 𝜺𝒚

 (20) 

Ohne ein spezifisches Kriterium für das Versagen des Randelements kann das 
beschriebene Verfahren für jede aufgebrachte Verschiebung Δtot bis zu einer Dehnung im 
Riss durchgeführt werden, die der Bruchdehnung des Betonstahls (εac = εult) entspricht. Im 
Fall des Versuchskörpers LAP-P16 signalisiert das Erreichen der grössten Verschiebung 

im Übergreifungsstoss-Element Δls,ult = εlsls das Versagen des Randelements, was zu 
einem vollständigen und plötzlichen Verlust der Normalkrafttragfähigkeit führt. 

Daten und Begleitmaterial  
Folgende Daten und Begleitmaterialien werden zusammen mit diesem Bericht 
veröffentlicht:  

• Experimentelle Daten des Kraft-Verschiebungsverhaltens der in die Datenbank aufgenommen 

16 Stahlbetontragwände mit Übergreifungsstössen sowie 8 Referenz-Stahlbetontragwände mit 

durchgehender Bewehrung (DOI: 10.5281/zenodo.19224)  

• Modellierungen aller Wände in der Datenbank mit VecTor2 (DOI: 10.5281/zenodo.2653488); 

• Experimentelle Daten der 24 Versuche an Stahlbeton-Randelementen mit Übergreifungs-

stössen (DOI: 10.5281/zenodo.1205887) 

• Eingabedateien für die im Abschnitt "Anwendungsbeispiele" enthaltenen Modellierungen (DOI: 

10.5281/zenodo.2653680). 
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Summary 

Bridge piers need to have a sufficient horizontal strength and deformation capacity in order 
to guarantee a safe performance of the bridge during an earthquake. Field observations 
[1–3] as well as experimental tests [4–9] showed that both the strength and displacement 
capacity of reinforced concrete (RC) members might be significantly reduced by the 
presence of lap splices. This degradation applies in particular if the longitudinal 
reinforcement is spliced in regions where inelastic deformations concentrate, which is often 
the case in RC walls in buildings or RC piers in bridges [10,11]. In fact, these members 
often feature lap splices above the foundation level, where seismic demands are largest 
and damage is likely to occur.  

In Switzerland, capacity design guidelines were introduced with the 2003 code generation 
[12]. According to a technical documentation issued by the Federal Roads Office (FEDRO) 
[13], only 10% of the existing Swiss bridge stock was built after 2003. The remaining 
bridges are likely to have lap splices in the plastic hinge region of the piers. Of these, 10-
15% are multi-span girder bridges with relatively short and squat wall-type piers [13]. 
Although Switzerland is a region with only moderate seismicity (maximum horizontal peak 
acceleration on rock for a 475 year return period is agd = 1.6 m/s2), such squat piers may 
still undergo inelastic deformations during a design level earthquake. 

In performance-based earthquake engineering (PBEE), which now sets the standards for 
seismic assessment, the capacity check is done in terms of deformations rather than 
forces; however, past experimental studies on spliced members have focused on the 
characterization of the strength (e.g. [14–16]) rather than the deformation capacity of lap 
splices [17–19]. Furthermore, these tests were primarily performed on spliced RC beam 
and column specimens, typically subjected to monotonic loading [20–23]. Experimental 
investigations on the deformation capacity of members with lap splices under cyclic loading 
are scarce. This applies in particular to walls, despite the fact that splicing of longitudinal 
reinforcement in the plastic hinge region is a common construction practice in many regions 
worldwide. In line with the available experimental work, most of the developed empirical 
and analytical expressions aim solely at quantifying the force capacity of lap splices and 
not the deformation capacity of the lap splices.  

Two completed FEDRO projects on the seismic performance of wall-type bridge piers with 
lap splices investigated the deformation capacity of typical Swiss wall-type bridge piers 
through larger-scale experimental tests [24–26]. The two studies provided high-quality 
experimental results on the global and local behaviour of three and four cantilever piers 
with and without lap-splices, respectively. In addition, recommendations for the modelling 
and seismic analysis of bridges where the cantilever piers were represented by nonlinear 
springs were formulated and plastic hinge models for predicting the displacement capacity 
of cantilever bridge piers with lap-splices proposed and validated against the available 
tests. Based on these studies, the objectives of the present work were defined as follows: 
(i) investigate the displacement capacity of spliced RC walls through experimental tests on 
isolated boundary elements rather than entire walls; this allows testing a large number of 
lap splice configurations; (ii) propose expressions characterizing the deformation capacity 
of lap splices subjected to monotonic and cyclic loading; and (iii) develop further numerical 
and mechanical models suitable for practicing engineers to simulate the behaviour of RC 
members with lap splices. The results of this research serve as input for second level 
evaluations of bridges according to the ASTRA-method (“2. Stufe des ASTRA-Verfahrens” 
[13]). They can also be used for the seismic evaluations of buildings with lap splices at the 
wall base. Detailed evaluations of buildings are conducted according to level three 
evaluations of the BWG-method (“Stufe 3 des BWG-Verfahrens” [27]).  

Existing experimental programmes on spliced RC walls, including the cyclic tests 
conducted in the two previous FEDRO projects and two tests recently carried out at the 
structural laboratory of the École Polytechnique Fédérale de Lausanne (EPFL), are first 
reviewed, organized and collected in a database. The review of the experimental data 
shows that the failure of the outermost lap splices, located in the boundary element, 
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typically triggers the failure of the RC wall. Moreover, the main parameters influencing the 
deformation capacity of lap splices are identified, corresponding to the confining 
reinforcement ratio and the ratio of shear span to lap splice length. Building on these 
findings, an experimental programme on spliced RC wall boundary elements is designed 
using lap-splice length, confining reinforcement, and loading history as variable 
parameters. From the obtained results, an empirical expression for the lap-splice strain 
capacity is derived.  

The presence of lap splices is typically simulated with finite elements through complex 
bond-slip interface models [28–30] where local bond-slip laws are generally adjusted from 
pull-out tests on anchored rebars. In this work, we develop a 2D shell element model to 
simulate the global force-displacement response of the walls in the aforementioned 
database. The lap splice response is considered through a new equivalent uniaxial steel 
stress-strain law, therefore bypassing the need for interface bond-slip elements. We also 
propose an axially equilibrated displacement-based beam element model, which indirectly 
accounts for tension shift effects in RC structures. This element maintains the simplicity of 
beam formulations and improves the simulation of local-level quantities in RC members, 
which are better related to structural damage. The lap splice response can be included by 
using the derived strain limit expression.    

Finally, by using the experimental data, a novel mechanical model describing the behaviour 
of spliced RC wall boundary elements is presented. The model extends the tension chord 
model [31] by accounting for anchorage slip and the presence of lap splices. It allows the 
determination of the global force-displacement response of the boundary element and the 
crack distribution and width, as well as the concrete and steel stress and strain distributions 
along the structural member. The mechanical model also provides the steel stress and 
strain distribution of the pair of spliced rebars until lap splice failure.  

Lap splice provisions in Switzerland have evolved with each code generation. In fact, the 
minimum required lap splice lengths reduced over time (for tension regions, straight bars 
and steel S500: ls = 65Øl in SIA 162 (1968) [32] compared to 40Øl ≤ ls ≤ 60Øl in SIA 262 
(2013) [33]). The experimental results of this study show that these lengths together with 
the required minimum confinement reinforcement of each code generation is sufficient to 
reach the yield strength as well as to allow inelastic strain development of the longitudinal 
reinforcement. On the other hand, preliminary analysis on bridge configurations found in 
Switzerland---carried out for 12 bridges---seem to demonstrate that no yielding of the 
reinforcement at the base of the piers occurs for the design earthquake scenario. The main 
reasons are related to the relatively low deformation demand on the piers, which in most 
cases is further reduced by the presence of bearings isolating the deck from the 
substructure and foundations that do not provide a full rotational restraint. The experimental 
campaign therefore showed that for most bridge piers in Switzerland the deformation 
capacity of the lap splices would be sufficient in the event of a design level earthquake.  

The report is complemented by a set of data and supporting material that is openly shared. 
This includes the experimental data, the input files for the shell element models in VecTor2 
[34], the implementation of the axially equilibrated beam element model in the open-source 
code OpenSees [35], and the implementation of the mechanical model in a Matlab code 
[36]. 

Structure of the Report 
The following paragraphs summarize the main points of this report. A review of past tests 
on RC walls with lap splices is presented first which was used to identify the main 
parameters influencing the displacement capacity of such members. Based on these 
findings, an experimental programme on RC wall boundary elements performed at the 
structural laboratory of EPFL is illustrated. By means of the experimental data, the 
deformation capacity of lap splices is defined and a predictive equation proposed. Two 
numerical models, based on nonlinear shell and beam elements, and a mechanical model 
for the simulation of the inelastic behaviour of spliced members are then described.  
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Review of experimental tests on RC walls with lap splices in 
the plastic hinge region 
Tests on walls with lap splices are recent when compared to those on beams and columns. 
Although four wall units were tested before 2008 [37,38], the other 12 specimens were 
tested over the past six years. Within the two previous FEDRO projects, three test units 
representing wall-type bridge piers with lap splices were subjected to quasi-static cyclic 
loading. The complete database of 16 walls with lap splices and 8 reference units with 
continuous reinforcement experimentally tested under cyclic loads to date is summarized 
in Tab. 19.  

Tab. 19 Database of tests on RC walls with lap splices. Test units VK2, VK4 and VK5 
were tested as part of the two previous FEDRO projects on bridge piers with lap splices 
in the plastic zone [25,39].  

Test Unit Ref. Unit Ref. Paper Ls h ls Øl ρt ρw LF δdeg 

   [mm] [mm] [mm] [mm] [%] [%] [-] [%] 

W1 [-] [37] 3250 1200 900 25 0.19 0.52 Y 0.75 

W2 [-] [37] 3750 1200 900 25 0.19 0.52 Y 1.75 

CW2 [-] [38] 5000 1000 360 16 0.29 0 Y 0.2 

CW3 [-] [38] 2250 1000 360 16 0.29 0 Y 0.31 

VK2 VK1 [39] 3300 1500 600 14 0.08 0.43 Y 0.9 

VK4 VK3 [39] 3300 1500 600 14 0.08 0.43 Y 0.9 

VK5 VK6 [25] 4500 1500 600 14 0.08 0.43 Y 0.9 

W1* [-] [40] 3250 1200 600 20 0.27 0 Y 0.35 

W2* [-] [40] 3250 1200 600 20 0.27 0 Y 0.4 

PW2 PW4 [11] 6710 3048 609 13 1.09 3.71 N 1.1 

RWS RWN [41] 6096 2286 1140 19 1.31 3.01 Y 1.2 

W-60-C W-MC-C [9] 3660 1520 1520 25 0.61 2.96 Y 1.8 

W-40-C W-MC-C [9] 3660 1520 1020 25 0.61 2.96 Y 1.8 

W-60-N W-MC-N [9] 3660 1520 1520 25 0.61 1.73 Y 1.35 

W-60-N2 W-MC-N [9] 3660 1520 1520 25 0.61 1.73 Y 1.35 

TW3 TW2 [42] 3150 2700 215 6 0.36 1.40 Y 0.75 

Legend: Ls: shear span; h: wall length; ls: lap splice length;  Øl: longitudinal reinforcement diameter; ρt: 
transverse (shear) reinforcement; ρt: confining reinforcement preventing the formation of splitting cracks; LF: 
lap splice failure causing member strength degradation; δdeg: drift at strength degradation 

The following observations could be derived from the cyclic behaviour of the wall tests: 

 Well detailed lap splices (e.g. adequately long and confined, as the ones detailed 
according to ACI provisions [43]) do not lead to any significant reduction in the strength 
or rotation capacity of the flexural hinge [11]. They simply allow the relocation of the 
plastic hinge above the lap splice region, with an entailing reduction of the shear span 
of the wall. 

 Walls with short and unconfined lap splices fail before reaching the flexural yield 
capacity [37,38,40]. 

 Lap splices with adequate lengths but insufficiently confined allow the attainment of the 
wall flexural capacity but bring about a significant reduction of the displacement capacity 
[9,25,42]. 

 Failure of the wall due to slip of the spliced rebars is always initiated by the failure of the 
outermost lap splices, i.e. the ones located in the boundary element.  
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 By comparing the displacement at the onset of strength degradation of the collected 
wall tests, lap splice length, confining reinforcement, moment gradient, and loading 
history were identified as the main parameters influencing the deformation capacity of 
lap splices (see Fig. 29). 

 Various further factors influence the wall drift at the onset of strength degradation and 
lead to scatter in the data. These are in particular: concrete cover, longitudinal bar 
spacing and diameter, concrete strength, wall length and casting position (see 
discussison in Section 2.4.2). 

 

                            (a)                 (b) 

Fig. 29 Relation between drift at onset of strength degradation and: (a) Ratio between 
lap splice length and shear span; (b) Confining reinforcement ratio. 

Experimental tests on spliced boundary elements 
Building on the experimental observations derived from the assembled database of RC 
walls with lap splices, an experimental programme on RC wall boundary elements was 
carried out at the structural laboratory of EPFL. The objective was to quantify the influence 
of lap splice length, confining reinforcement and loading history on the deformation capacity 
of lap splices. The test units were designed based on the RC walls tested in the framework 
of two previous FEDRO projects [25,39]. The test setup as well as the main geometrical 
characteristics and reinforcement layout are provided in Fig. 30. The test units were cast 
in horizontal position, leading thus to two top-cast and two bottom-cast splices (Fig. 30d). 

  

                  (a)            (b) (c) (d) 
Fig. 30 Test setup, geometry and reinforcement layout of the unit LAP-P3: (a) Photo of the 
TU before the test; (b) reinforcement content in the N-S direction; (c) reinforcement content 
in the E-W direction; (d) cross section. 

The entire test matrix, consisting of 22 units with lap splices and 2 reference units with 
continuous reinforcement is listed in Tab. 20. Four different lap splice lengths (ls) were 
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considered ranging from 25 to 60 times the longitudinal rebar diameter (Øl) as well as five 
different transverse reinforcement ratios from 0 to 0.3% as representative of 60s and 70s 
Swiss construction practice. Finally, five different loading protocols were imposed, one 
monotonic and four cyclic differing between them for the applied compression levels (C1 
and C2: 10:1 and 10:2 ratio between the imposed tension and compression displacements; 
C3: repeated cyclic loading; C4: 90% of the axial load ratio was reached at each 
compression level). Further information on the loading protocols is provided in Tab. 21. 

Tab. 20 Test matrix of RC wall boundary elements.  

Label h b ls Al (ρl) At (ρt) 

 [mm] [mm] [mm] [mm] [mm] 

LAP-P1 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@100 (0.3%) 

LAP-P2 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@300 (0.1%) 

LAP-P3 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P4 1260 200 350 (25 Øl) 4Ø14 (1.5%) Ø6@100 (0.3%) 

LAP-P5 1260 200 840 (60 Øl) 4Ø14 (1.5%) Ø6@300 (0.1%) 

LAP-P6 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P7 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P8 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P9 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P10 1260 200 840 (60 Øl) 4Ø14 (1.5%) Ø6@100 (0.3%) 

LAP-P11 1260 200 350 (25 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P12 1260 200 350 (25 Øl) 4Ø14 (1.5%) Ø6@300 (0.1%) 

LAP-P13 1260 200 840 (60 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P14  1260 200 840 (60 Øl) 4Ø14 (1.5%) [-] (0%) 

LAP-P15 1260 200 560 (40 Øl) 4Ø14 (1.5%) [-] (0%) 

LAP-P16 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@150 (0.2%) 

LAP-P17 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-P18 1260 200 700 (50 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-P19 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-P20 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-P21 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-P22 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) 

LAP-C1 1260 200 [-] 4Ø14 (1.5%) Ø6@200 (0.15%) 

LAP-C2 1260 200 [-] 4Ø14 (1.5%) Ø6@100 (0.3%) 

Legend: h: specimen height; b: cross-section width; ls: lap splice length; Øl: longitudinal bar diameter; 
Al: longitudinal reinforcement content; ρl: longitudinal reinforcement ratio; At: confining reinforcement content; 
ρt: confining reinforcement ratio. 

 

Tab. 21 Imposed loading protocols.  

Applied displacement Δ in mm (+ tension, - compression) 
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Type LS: 1-3   LS: 2-4  LS: 5-7  LS: 6-8  LS: 9-11  LS: 10-12 
LS: 13-15,  
17-19, 21-23, … 

LS: 14-16,  
18-20, 22-24, … 

C1 1 -0.1 2 -0.2 3 -0.3 6, 9, 12, ... -0.6, -0.9, -1.2,... 

C2 1 -0.2 2 -0.4 3 -0.6 6, 9, 12, ... -1.2, -1.8, -2.4,... 

C3 1 0 2 0 3 0 6, 9, 12, ... 0 

C4 1 0.9ALR* 2 0.9ALR* 3 0.9 ALR* 6, 9,12, ... 0.9 ALR* 

M Tensile displacement increased monotonically to failure 

Legend: LS : Load step, * displacement at the attainment of 90% of the specimen axial load ratio (ALR)  

 

All the units were heavily instrumented. Force quantities as well as several global and local 
displacement quantities were continuously monitored during the tests. The strain capacity 
of lap splices (εls) was defined as the deformation at lap splice failure coming exclusively 
from the lap splice region (deformation contributions due to strain penetration of the rebar 
anchored in the foundation as well as deformations due to the bar developed above the lap 
splice region were removed). From the experimental data, this quantity was computed for 
all lap splices within each unit. The obtained database of experimental strains was then 
used to analyze the influence of the variable test parameters on εls, which can be 
summarized as follows: 

 The deformation capacity of lap splices increases with the splice length, irrespectively 
of the provided confining reinforcement.  

 The effectiveness of the confining reinforcement depends instead on the lap splice 
length. Namely, the deformation capacity of short lap splices (ls = 25Øl) is insensitive to 
the confining reinforcement ratio; on the other extreme, even very low levels of confining 
reinforcement are sufficient to increase the deformation capacity of long lap splices (ls = 
60Øl); for intermediate lap-splice lengths the splice deformation capacity increases only 
beyond a certain confining reinforcement ratio (ρt > 0.15%).  

 Increasing the attained compression level leads to a decrease in the strain capacity of 
lap splices; however, further testing is required to adequately quantify the influence of 
loading history on the deformation capacity of lap splices. 

 Larger deformation capacities were reached by bottom-casted splices with respect to 
top-casted, underlining the importance of concrete quality. 

The factors influencing the strain capacity of lap splices (εls) and on theie relative influence 
are discussed in Chapter 6 of the report, which also includes a proposal for an expression 
to quantify εls. This latter is shortly described in the following paragraph. 

By means of the experimental results, an expression for εls is proposed in the two-variable 
space ls and ρt, with 25Øl < ls <60Øl and 0< ρt <0.3%. Two regions were defined in this [ls, 
ρt] domain: one in which an increase in ρt causes an increase in εls (labelled subdomain A) 
and another where the strain capacity does not depend on the confining reinforcement 
(subdomain B). The separation between the two regions is specified by the following 
equation: 

𝒍𝒔
∅𝒍
+
𝟔𝟎 − 𝟐𝟓

𝟎. 𝟑
 ∙ 𝝆𝒕 − 𝟔𝟎 = 𝟎 (21) 

where ρt is defined in percentage [%]. The previous expression represents the line passing 
through the points with coordinates [ls, ρt] = [60Øl, 0%] and [25Øl, 0.3%]. All combinations 
of [ls, ρt] leading to positive values for equation (21) fall into subdomain A while those 
resulting in negative values belong to subdomain B. Moreover, since for ls = 60Øl and 
ρt > 0.15% no lap splice failure was observed, the equation should not be used in that 
subrange. A linear equation in the two variables ls and ρt is then fitted, for each subdomain, 
through the experimental εls values. The following two systems of equations, for top- and 
bottom-casted lap splices, were respectively obtained: 
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{
 

 𝜺𝒍𝒔
𝑻𝑪 = −𝟐𝟑 + 𝟓𝟎 ∙ 𝝆𝒕 + 𝟎. 𝟒𝟒 ∙

𝒍𝒔
∅𝒍
        →  [𝒍𝒔, 𝝆𝒕]  ∈ 𝐬𝐮𝐛𝐝𝐨𝐦𝐚𝐢𝐧 𝐀 

𝜺𝒍𝒔
𝑻𝑪 = 𝟏. 𝟐 + 𝟎. 𝟎𝟒 ∙

𝒍𝒔
∅𝒍
                            →  [𝒍𝒔, 𝝆𝒕]  ∈ 𝐬𝐮𝐛𝐝𝐨𝐦𝐚𝐢𝐧 𝐁

 

(22) 

(23) 

{
 

 휀𝑙𝑠
𝐵𝐶 = −36 + 70 ∙ 𝜌𝑡 + 0.76 ∙

𝑙𝑠
∅𝑙
         →  [𝑙𝑠, 𝜌𝑡]  ∈ subdomain A

휀𝑙𝑠
𝐵𝐶 = −2.1 + 0.2 ∙

𝑙𝑠
∅𝑙
                            →  [𝑙𝑠, 𝜌𝑡]  ∈ subdomain B

 

(24) 

(25) 

where εls is expressed in permille [‰]. From a geometrical viewpoint, equations (22) to (25) 
represent two planes in the [ls, ρt] space. The two planes of each system intersect on a line 
whose projection on the plane εls = 0 is given by equation (21). The fit between the 
experimental and predicted values of εls is displayed, for top- and bottom-casted splices, in 
Fig. 31 (a) and (b) as resifual plots. The predictive equation captures rather well the trend 
of the experimental data as well as the coupling between ls and ρt. The effect of the different 
loading protocols shows up in the relatively large scatter observable at combinations [ls = 
40Øl; ρt = 0.15%] and [ls = 40Øl; ρt = 0.25%]. The good match between the predicted and 
experimental εls is confirmed by an average error of 20% and 26% for top- and bottom-
casted splices, which drops to 13% and 20% if only TUs tested under the main loading 
protocol (C1) are considered. 

  

(a) (b) 
Fig. 31 Predictive equation for εls vs experimental results. Residual plot for: (a) top-casted 
and (b) bottom-casted lap splices. 

Modelling approaches to simulate the inelastic behaviour of 
RC walls with lap splices 
Different modelling approaches are presented in the following three subsections to simulate 
the behaviour of RC members with lap splices. The first is a shell element model 
implementing an equivalent, uniaxial, lap splice constitutive law to simulate response of 
spliced RC walls. The second is a beam element model, which indirectly account for the 
presence of tension shift effects in RC members. It improves the simulation of local level 
results (i.e. curvatures and strains) provided by current beam element models and can 
account for the presence of lap splices by using the strain limit derived in the previous 
section for the steel fibers within the lap splice region. Finally, the third one is a mechanical 
allowing to describe the tensile behaviour of RC wall boundary elements with lap splices. 

Shell element model 
A simple numerical model, suitable for engineers, to simulate the inelastic force-
displacement response or RC walls with lap splices is presented herein. An example of the 
model, including the mesh discretization (Fig. 41) is provided in the ‘Models Examples’ 
section. The influence of lap splices is accounted for through an equivalent, uniaxial stress-
strain law, thus avoiding the use of complex interface bond slip elements. This latter is 
depicted in Fig. 32 and is composed of two parts: an elastic branch, up to an equivalent 
yielding point (εy,ls, fy,ls), and a post-yield region up to an ultimate point (εu,ls, fu,ls). The 
equivalent yield point is defined by the equivalent yield stress fy,ls and the equivalent yield 
strain εy,ls, which is simply obtained by dividing the former by the Young’s modulus Es of 
the reinforcing steel. The equivalent yield stress fy,ls is determined as the minimum between 
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the steel yield stress fy and the lap splice strength fs, which is computed according to the 
model proposed by Canbay and Frosch [16]. If the lap splice strain is larger than the steel 
yield strain εls > εy , then the lap splice strength is approximatively equal to the steel yield 
strain fs ≈ fy. On the contrary, if the lap splice strain is smaller than the steel yield strain εls < 

εy , then the lap splice strength can be computed as the  strain capacity multiplied by the 

steel elastic modulus: fs ≈ εls  Es. 

 

 

(a) (b) 
Fig. 32 Equivalent lap splice stress strain law: (a) fs < fy; (b) fs > fy. 

The ultimate strain limit εu,ls is defined as the strain at the onset of strength degradation of 
the RC wall εdeg, which can be computed as: 

𝜺𝒅𝒆𝒈 = 𝜺𝒚,𝒍𝒔 + 𝟎. 𝟔𝟓 ∙ 𝝆𝒘 + 𝟎. 𝟎𝟑 ∙
𝒍𝒔
𝑳𝒔

 (26) 

where εy,ls represents the equivalent yield strain, ls is the length of the outermost lap splice 
in tension, Ls is the shear span of the member, and ρw  is the confining reinforcement ratio 
preventing the opening of splitting cracks. It is important to point out that, if the transverse 
reinforcement cannot exert its confining action, either because there are no stirrups or 
because the shear reinforcement is not appropriately detailed at the wall edges (135° hooks 
or closed up), the value of ρw should be set equal to zero. 

Equation (26) was derived according to the procedure below: 

a. The RC walls with lap splices included in the assembled database were modelled with the 
nonlinear FE software VecTor2 [34] assuming single continuous reinforcement along the 
entire member height and perfect bond between steel and concrete. For those cases where 
the lap splice strength fs was smaller than the steel yield stress fy, an elasto-plastic stress-
strain law was assigned to all the reinforcing elements within the lap splice region. 

b. The model strains within the lap splice region were compared to the available experimental 
strains (units TW3, VK2, VK4 and VK5). It was observed that the model predicted 
satisfactorily the experimental strains values until the onset on global strength degradation. 

c. A database of lap splice strains at degradation onset was obtained from the models of all the 
walls in the database.  

d. A multivariate regression analysis is performed using the variables mostly influencing the 
strain capacity of la splices, yielding the final expression for εdeg. 

Once the strain at the onset of degradation εdeg is estimated—it corresponds to the ultimate 
strain εu,ls of the proposed equivalent lap splice constitutive law—the equivalent ultimate 
stress fu,ls can be determined as follows:  

 If the steel yield stress fy is larger than the lap splice strength fs, i.e. when fy,ls = fs: an 
elastic-perfectly plastic stress strain curve is assumed for the equivalent steel and hence 
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fu,ls = fy,ls = fs. It is noted that strains beyond fy,ls come from bond slip and not mechanical 
straining of the rebar. 

 If the steel yield stress fy is smaller than the lap splice strength fs, i.e. when fy,ls = fy: the 
stress strain curve of the equivalent uniaxial material is assumed to be equal to the one 
of the reinforcing steel up to the value of εu,ls. 

In the proposed shell element model, the equivalent constitutive law is assigned to all the 
longitudinal steel elements (truss) within the lap splice region. The model allows to 
satisfactorily simulate the nonlinear behaviour of RC walls with lap splices, both in terms of 
maximum strength and displacement capacity. This can be observed in Fig. 33, where the 
experimental results are compared for three test units with the proposed model and with a 
model assuming continuous reinforcement with as tested steel stress strain law. It is 
pointed out that the validation was performed against all RC walls collected in the database 
with an average numerical to experimental ratio of 12 and 25% for the member strength 
and displacement capacity, respectively. 

 

(a) (b) (c) 
Fig. 33 Comparison between experimental and numerical results (shell element model). 

Beam element model 
Although the shell element model presented in the previous section shows the ability of 
satisfactorily predicting the inelastic response of RC walls with deficiently detailed lap 
splices, it presents the following drawbacks: the model setup as well as the interpretation 
of the results require a high level of expertise and it is computationally expensive. For these 
reasons shell element models are typically restricted to research application and to the 
simulation of a single isolated element (or part of it). 

Distributed plasticity beam elements represent the best compromise between accuracy and 
computational costs and are therefore commonly used to evaluate limit state demands for 
performance based analysis of reinforced concrete (RC) structures. Strain limits are often 
preferred to drift limits since they directly relate to damage and are therefore less 
dependent on member geometry and boundary conditions. However, predicting accurately 
strain demands through beam element models still represents a major simulation 
challenge. Namely, linear curvatures are generated in the plastic hinge region due to 
inclined shear cracks (Fig. 34 (a)), which intersect the elastic curvature profile at a certain 
height above the member foundation. These effects cannot be captured by current force-
based formulations (Fig. 34 (c) and (d)) that satisfy equilibrium exactly, which consider only 
the effect of the moment gradient. Displacement-based formulations provide the natural 
framework to account additionally for tension shift effects as the linear plastic curvature 
distribution observed within the plastic region can be reproduced by imposing appropriate 
transversal displacement fields to the beam element (Fig. 34 (e)). However, the linear axial 
displacement profile used in classical displacement-based elements is a fundamental 
limitation to the accuracy of this approach when inelastic material behaviour is considered. 
The resulting axial forces are equilibrated only in an average sense (Fig. 34 (f)), resulting 
in poor simulations of the experimental force-displacement response, as well as curvature 
and strain profiles. 

In view of the above, a displacement-based element that strictly satisfies axial equilibrium 
is herein proposed.  An intra-element iterative scheme that automatically adjusts the axial 
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strain profile is implemented to attain constant axial forces in all integration points, and 
equal to the applied axial load. The curvature profiles are instead kept linear as in classical 
displacement-based elements, although they result quantitatively different on account of 
the axial equilibrating procedure. The principle of virtual work is employed to obtain the 
element basic forces and a consistent stiffness matrix. 

The axially equilibrated displacement-based element is validated against two sets of cyclic 
tests on RC cantilever piers and walls. Assuming an appropriate member discretization, 
with the length of the bottom element equal to two times the plastic hinge length according 
to Priestley et al. [44], it provides accurate results in terms of global and local scale 
response. Namely, the simulation of experimental curvatures (Fig. 35) and strains show a 
significant improvement when compared with models using classical force-based or 
displacement-based elements. As an example, when base curvatures over different 
ductility levels are considered, the model using the proposed formulation provides the best 
estimation in about 80% of the cases, with an average error of about 15% (41% and 57% 
respectively for classical DB and FB element models). The improved predictions come at 
the cost of slightly increased computational time with respect to the classical displacement-
based formulation. 

 

Fig. 34 RC member subjected to top vertical and horizontal load: (a) Qualitative sketch of 
inclined cracks due to tension shift effects; (b) Structural discretization with FB and DB 
elements; Qualitative experimental vs numerical curvature and axial strain profiles: FB 
element models - (c) and (e);  DB element models - (d) and (f). 
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Fig. 35 Experimental vs numerical curvature profiles for test T9 at positive ductility levels: 
(a) FB 5 IPs, (b) two elements DB/c and (c) two elements DB/ae models. 

The presence of lap splices may be accounted for by assigning the strain limits provided 
by equations (22) to (26) to the steel stress-strain law of the rebar fibers located within the 
lap splice region. Satisfactorily results were obtained when simulating the global force-
displacement response of the spliced RC walls tested by Bimschas [24] and Hannewald 
[26], as showed in the following Fig. 36. Further development and validation is required at 
the local level, where the reduced deformations due to double-reinforcement occurring 
within the lap splice region prior to failure are currently not accounted for. 

 

Fig. 36 Comparison of the experimental and numerical (model with 2 DB/ae with the length 
of the bottom element equal to the height of the lap splice region) force-displacement 
response of the spliced TUs: (a) VK2; (b) VK4; (c) VK5. 

The proposed finite element was implemented in the open source software OpenSees [35]; 
the source code is available on GitHub (https://github.com/eesd-
epfl/OpenSees/wiki/Axially-Equilibrated-Displacement-Based-Element) where it is also 
possible to download an OpenSees executable containing it. A thorough documentation 
and some application examples for nonlinear static and dynamic analyses are as well 
provided. 

Mechanical model 
A mechanical model for the simulation of RC wall boundary elements with lap splices is 
developed and briefly described in the following. It builds on the tension chord model [31] 
from which it maintains the hypothesis on the material and bond slip relationships. The 
model is composed of an assembly of components, each one accounting for a different 
source of deformation. Namely: (i) an anchorage-slip element accounting for the strain 
penetration of the longitudinal reinforcement into the foundation; (ii) a basic tension chord 
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element evaluating the member response outside the lap splice zone; and (iii) a lap splice 
element describing the behaviour within the lap splice region.  

The model is highly versatile and allows any combination and number of the above-
mentioned components. Fig. 37 (a) illustrates the assembly of an anchorage, lap splice, 
and several basic tension chord elements, to which a global top displacement Δtot is 
imposed. Given the steel and concrete material properties, outputs of the model are the 
resisting axial force, crack spacing and widths (inside and outside the lap-splice region), 
steel and concrete strain distributions, and the ultimate displacement. Iterations are 
required to solve the nonlinear problem, unless global forces are imposed, wherein a 
straightforward non-iterative solution is available. A flowchart depicting the steps involved 
in the iterative procedure is illustrated in Fig. 37 (b) and further discussed in the ‘Model 
Examples’ subsection. 

  

(a) (b) 
Fig. 37 RC boundary element model: (a) Assembly of the components for a RC member 
featuring lap splice, anchorage, and multiple basic tension chord (TCi) elements; (b) 
Flowchart of the iterative procedure. 

Given an estimate of the steel strain at crack (εac), the solution of the lap splice element is 
briefly described in this paragraph while the solution of the tension chord and the anchorage 
components will be omitted, as it can be found in Marti et al. [31] and Feng and Xu [45], 
respectively. Once crack stabilization is attained along the lap-splice length (Fig. 38 (a)), 
the resisting force is transferred from the anchored to the free end (unloaded) rebar through 
concrete bond. In this model, it is assumed that the concrete remains undeformed while 
transferring the force from one bar to another. Although the applied tensile load is partly 
resisted by the concrete, causing the formation of splitting cracks, the previous 
simplification represents a reasonable approximation up to the point of lap splice failure. In 
fact, as pointed out by Tastani et al. [46], neglecting the concrete strain contribution does 
not result in large model errors since the maximum tensile strain carried by normal strength-
concrete up to tensile failure is less than 5% of the yield strain of the reinforcement. 
Nevertheless, this hypothesis implies a slight overestimation of the crack width as the latter 
is computed from the steel deformations alone, i.e. the tension stiffening effect due to 
concrete strains is ignored. A qualitative sketch of the steel stress and strain distribution for 
the couple of spliced rebars is represented in Fig. 38 (b) and (c) for two different levels of 
strain at the interface crack εac (pre- and post-yielding). The total lap splice displacement 
(Δls) is calculated as the integral of the steel strain envelopes along the entire lap splice 
length while the width of the cracks located within the lap-splice region (for instance wlap,1 
and wlap,2 in Fig. 38 (a)) is computed by integrating the strain envelope along the 
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corresponding influence lengths (e.g. l1 and l2 in Fig. 38 (a)). The steel strain envelope is 
considered because, along the lapped zone, the spliced rebars are in general not equally 
stressed; the more stressed bar governs the crack width [46]. The width of interface cracks 
is obtained by summing up the contributions due to deformations occurring within and 
outside the lap splice region. 

 

(a) (b) (c) 
Fig. 38 Lap-splice element: (a) Sketch; (b) Qualitative steel strain profile; (b) Qualitative 
steel stress profile. 

The ultimate displacement of the lap splice element, Δls,ult, is defined as the product 
between the average lap splice strain capacity (εls, equations (22) to (26)) and the nominal 
lap splice length, ls. When attained, the total and sudden loss of the boundary element axial 
load carrying capacity is assumed.  

The mechanical model was validated against the entire set of tests on RC wall boundary 
elements described above in terms of force-displacement response, crack width and strain 
distribution along the pair of spliced rebars. In all cases, a good match is found between 
numerical and experimental results with relative errors regarding the ultimate displacement 
and crack widths on average below 20%. As an example, analytical results and 

experimental data obtained from TU LAP-P16 (lap splice length ls = 560 mm (40Øl) and 
confining reinforcement ratio ρt ≈ 0.2%) are compared in Fig. 39. Global force-displacement 
responses are shown in plot (a) from which it can be observed how the numerical pushover 
follows satisfactorily the tensile backbone curve of the cyclic experimental results. 
Moreover, the ultimate displacement capacity is also rather well predicted (relative error 
below 20%) in which the numerical failure is triggered by the attainment of the ultimate lap-
splice displacement. For each state (A, B, C) represented by a coloured dot in the force-
displacement curve, the numerical vs experimental crack width as well as the steel strain 
distribution of the bottom anchored spliced rebar are displayed in plots (b) and (c), 
respectively. In both cases, the models proves to adequately simulate the experimental 
data. 

Although the presence of inadequately detailed lap splices was identified as a critical 
source of damage in recent earthquakes [47], they are commonly used in the plastic hinge 
region of RC walls, which represent the main lateral bracing system for RC walled building 
or bridges with wall-type piers. In the literature, only few studies are available concerning 
these structural members, for the most part performed in the last decade. In particular, the 
quantification of their displacement capacity is fundamental in the framework of 
performance-based earthquake engineering, where displacement rather than forces are 
compared to the seismic demand. Expressions to estimate the deformation capacity of 
poorly designed lap splices are lacking in the literature, as well as simple tools for practicing 
engineers to simulate the nonlinear response of spliced RC walls. In fact, available finite 
element models generally account for the deformation contribution brought about by the 
presence of lap splices with complex interface elements and local bond-slip models.  
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(a) (b) (c) 
Fig. 39 Experimental vs numerical comparison for TU LAP-P16 (ls = 40 Øl): (a) Force-
displacement response; (b) Crack width; (c) Steel strains within the lap-splice region for the 
bottom anchored rebar. 

Conclusions 
The objective of this report is to contribute to the understanding of the behaviour of RC 
walls with lap splices as well as to propose suitable tools for predicting their nonlinear 
response under cyclic loading. The main contributions are listed in the following: 

 A database of past tests on RC walls with lap splices is assembled. From the analysis 
of the experimental data, lap splice length, confining reinforcement, moment gradient 
and loading history are identified as the parameters mainly affecting the displacement 
capacity of spliced RC walls; 

 An experimental programme involving the test of 24 RC wall boundary elements, 22 of 
which with lap splices is performed. From the processed data (now publicly available 
from the Zenodo platform at the DOI: 10.5281/zenodo.1205887), the strain capacity of 
lap splices is defined and successively quantified. The proposed equation is function of 
lap splice length, confining reinforcement and casting position.  

 A detailed shell element model is proposed which employs a newly developed 
equivalent, uniaxial steel constitutive law to account for the presence of lap splices in 
RC walls.  

 A new distributed plasticity beam element model is developed allowing to account for 
tension shift effects in RC members, thus leading to better prediction of strain demands 
with respect to classical force-based and displacement based formulations. The 
presence of lap splices can be accounted for by imposing the proposed strain capacity 
limits to the steel stress-strain law of the rebar fibers located within the lap splice region. 

 A mechanical model, based on the tension chord model and describing the behaviour 
in tension of RC wall boundary elements with lap splices is presented. It allows 
computing the distribution of steel stresses and strains along the pair of spliced rebars 
as well as the crack width. 
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SIA provisions, Dababase of Swiss bridges 
and Application Examples 

SIA provisions on lap splices and database of Swiss bridges 
Already the first version of the Swiss building guideline concerning reinforced concrete 
structures (SIA 162 (1956) [48])stated that lap splices should be placed in regions 
subjected to low stress demands. Moreover, staggering of lap splices was suggested in 
order to avoid that all the longitudinal reinforcement is spliced in the same section. The 
same provisions can be found in the most recent SIA 262 (2013) [33]. However, code 
requirements relative to the minimum lap splice length lbd evolved in successive SIA code 
generations, as shown in the following Tab. 22. 

Tab. 22 SIA requirements for minimum lap splice length.  

SIA version Design lap splice length lbd 

 General Zone experiencing tension 

 Steel S235 Steel S500 Steel S235 Steel S500 

 30 - 36 - - - - - 

SIA 162 (1956) [48] 35 - 30 45 55 - 45 65 

SIA 162 (1968) [32] 30 - 25 40 50 - 40 60 

SIA 162 (1993) [49] - - [28-42] a [40-60] a - - [28-42] a [40-60] a 

SIA 262 (2003, 2013) [33,50] 30 - 36 - - - - - 

a: function of the steel and concrete strength, ls decreases with fbd and increases with fsd 

Focusing on the steel S500 (typically used for reinforcing steel bars) and to straight lap 
splice lengths located in regions that may experience tensile deformations (as plastic hinge 
regions of RC walls or bridge piers), the following observations can be drawn:  

 The design lap splice length lbd was progressively reduced in recent versions of the SIA 
specifications for RC structures; 

 In the current SIA 262 (2013) [33], lbd is proportional to the steel design strength and 
inversely proportional to the concrete bond strength; 

 lbd is always larger than 50Øl for normal strength concrete and steel (in SIA 262 (2013) 
[33], lbd = 50Øl for concrete C30/37 and steel S500). 

A database of Swiss bridges with lap splices in the plastic hinge region of the piers was 
assembled in order to assess their seismic performance and evaluate their vulnerability 
with respect to lap splice failure. The list of bridges is reported in Tab. 23 together with 
some important geometrical and detailing information. 

Tab. 23 Database of Swiss bridges with lap splices in the plastic hinge region of the piers.  

Bridge Canton Seismic zone Year Ls/h Bearings    ls/Øl 

Gabelbach Viaduct Bern 2 1980 1.5-5.4 Y 65 

Morges Railway Bridge Vaud 1 1962 1.4-1.6 Y 35 

Pianturino Viaduct Tessin 1 1979 2.4-2.7 N 55 

San Leonardo Viaduct Tessin 1 1978 1.8-4.2 N 55 

Bridge on the Grandsonnet Vaud 1 1982 2-10 Y - 

Corcelles Bridges Bern 1 2001 3.8-6 Y 60 

Chantemerle Bridge Vaud 1 1988 2.1-2.3 N 60 
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Bridges on the Paudeze Vaud 1 1971 1.9-3.8 N 65 

Ile Falcon Viaduct Valais 4 [-] 1.5-2.4 Y 65 

Matran Viaduct Fribourg 1 1982 3.9-5.1 N 40 

 

It is noted that most of the bridges featured lap splice lengths ls ≈ 60 Øl at the base of the 
piers, which is in line with the SIA provisions. Moreover, for the examined piers, the 
provided confining reinforcement was in all cases ρt > 0.15%. According to the experimental 
results on RC wall boundary elements presented earlier in the document, ls > 40 Øl 
represents a lap length sufficient to obtain a splice strength larger than the yield strength 
of the longitudinal reinforcement, even for unconfined lap splices (ρt = 0). For specimens 
with ls = 60 Øl and ρt = 0.1%, a  strain capacity 8‰ ≤ εls ≤ 12‰ was reached, corresponding 
approximatively to 3 to 5 times the steel yield strain, while no lap splice failure was observed 
for units with ls = 60 Øl and ρt ≥ 0.15%.  

However, yielding of the reinforcement at the base of the piers was not attained in any of 
the performed seismic analyses of the collected bridges, which were performed using a 
475 years-return-period spectrum. The main reasons are related to the relatively low 
deformation demand on the piers, which in most cases is further reduced by the presence 
of bearings isolating the deck from the substructure and foundations that do not provide a 
full rotational restraint. Fig. 40 shows the seismic assessment via nonlinear static analysis 
of the Morges Railway Bridge, which was the one with the shortest lap splice length located 
in the potential plastic hinge region. As it can be seen, the bridge behaves elastically when 
subjected to the prescribed seismic demand. 

 

Fig. 40 Nonlinear static analysis of the Morges Railway Bridge and comparison with the 
ADRS spectrum. 

In conclusion, the SIA provisions regarding lap splice length and transverse reinforcement 
lead in general to a safe design, which could be perhaps relaxed in future revisions of the 
code. However, further tests (aimed at investigating the influence of other parameters on 
the strain capacity of la splices such as concrete quality, cover concrete etc. and further 
investigating the influence of loading history) and analysis (including more bridges located 
in seismic zones 3a and b) are strongly recommended before such rules are implemented. 

Model Examples 
In this section, the shell element, beam element and mechanical model used to obtain the 
results presented above are illustrated. For each model, the required input variables are 
defined and the main user choices discussed (i.e. discretization, material models). 

Shell element model for wall unit VK5 
The model is created within the nonlinear finite element software VecTor2 (V2) [34], 
developed at the University of Toronto and based on the Modified Compression Field 
Theory [51]. Fig. 41 displays the mesh discretization of the specimen VK5 which is 
constituted by plane stress rectangles (size of approximatively 100 mm) and discrete truss 
bars. The former were used to simulate the joint behaviour of the concrete matrix and the 
horizontal reinforcement, using a smeared approach. The latter, instead, served to simulate 
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the longitudinal reinforcement. The truss elements shared the same nodes as the RC 
elements. The equivalent stress-strain lap splice law of Fig. 32 (b) was assigned to the 
truss elements within the lapped region (represented in dark blue color). Foundation and 
top loading beam belonging to the test setup were explicitly included in the models. Since 
no damage is expected in those regions, large tensile and compressive strengths (≈100 
MPa) were assigned to the corresponding concrete material. In order to achieve a realistic 
simulation of the confinement effect provided by the foundation to the wall, the concrete 
elastic stiffness was, however, not enhanced (this model stiffness homogeneity also help 
promoting numerical convergence). An incremental lateral displacement Δ is imposed 
(pushover) at the shear span height and a constant axial load N = 1300 kN is distributed 
along five top loading beam nodes. 

 

Fig. 41 Mesh discretization for the model of wall unit VK5. 

The input material parameters consist of standard mechanical properties (concrete 
compressive strength, steel yield and ultimate strength, steel ultimate strain and young 
modulus) which were obtained from material tests. As for the adopted material models, 
reported in Tab. 24, default VecTor2 settings were used with the following exceptions: (i) 
tension stiffening was disregarded since including this modelling option overestimated for 
all RC walls the stiffness and strength of the experimental force-displacement curves—as 
also observed by Almeida et al. [52]; (ii) the model proposed by Palermo and Vecchio 
[53,54] and suggested by Palermo and Vecchio [55] and Pugh [56] is used for the hysteretic 
behaviour of the RC elements. Although all the structures in the analyses were loaded 
monotonically up to failure, partial unloading and reloading may occur at the material level. 
It was observed that, when compared with simulations employing the default hysteretic 
model [57], the model by Palermo and Vecchio [53,54] lead to appreciable improvements 
in the global F-Δ predictions.  

Tab. 24 Material models used to in the shell element model.  

Bridge 

Pre-peak response: Hognestad  Dilation: Variable Kupfer 

Post-peak response: Park-Kent  Cracking criterion: Mohr-Coulomb 

Softening response: Vecchio 1992  Crack stress: Basic (MCFT/DSFT) 

Tension stiffening: Not considered*  Crack width: Agg./2.5 Max w 

Tension softening: Not considered*  Crack slip: Walraven 
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Confined strength: Kupfer-Richart  Histeretic behaviour: Palermo 2002* 

Steel 

Histeretic response: Bauschinger (Seckin)  Buckling: Akkaya 2012 

Dowel action: Tassios (crack slip)    

* not a default VecTor 2 setting 

Axially equilibrated beam element model for wall unit VK5 
The beam element model, created within the open source finite element software 
OpenSees [58], discretizes wall VK5 through two axially equilibrated displacement based 
beam elements (Fig. 42 (a)). In order to best simulate tension shift effects, the length of the 
bottom element is taken equal to two times the theoretical plastic hinge length Lp, defined 
by Priestley et al. [44] (for unit VK5 2*Lp ≈ 1.2 m). 

 

(a) (b) 
Fig. 42 Beam element model: (a) Structural discretization; (b) Sectional discretization. 

Four integration sections are defined within each finite element (discretization in Fig. 42 
(b)). They were all discretized into approximately 150 fibers in total, to which different 
material parameters and constitutive laws were assigned (see Tab. 25). 

Tab. 25 Material models and parameters used to in the beam element model.  

Cover concrete: Uniaxial material Concrete04 (Mander) 

fc = -35.2 MPa Ec = 28000 MPa 

εc0 = -0.002 fct = 3.3 MPa 

εc2 = -0.05 εct = 1.2e-4 

Core concrete: Uniaxial material Concrete04 (Mander) 

fc = -36 MPa Ec = 28000 MPa 

εc0 = -0.0021 fct = 3.3 MPa 

εc2 = -0.05 εct = 1.2e-4 

Reinforcing steel: Uniaxial material Steel02 (Menegotto-Pinto) 

fy = 521 MPa Es = 202000 MPa 

b = 0.005 R0 = 20 

cR1 = 0.925 cR2 = 0.15 

The bottom finite element is fully fixed at the bottom node while at the top node of the top 
finite element is applied a constant vertical force of N = 1300kN and the experimental quasi-
static cyclic lateral displacement history. To the steel fibers of the bottom two integration 
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sections within the bottom element a strain limit is imposed (with the OpenSees command 
‘minmax’) equal to the strain capacity calculated with equation (25). Bottom casted 
conditions were assumed as the piers were casted upright [26]. The comparison between 
the experimental results and the numerical model is represented in Fig. 36, where a 
convergence failure caused the interruption of the analysis. 

 

Mechanical model for wall boundary element unit LAP-P16 
The geometrical parameters and material properties required to set up the mechanical 
model are listed in Tab. 26 and Tab. 27, respectively. 

Tab. 26 Geometrical parameters used in mechanical model of LAP-P16.  

Parameter Description 

L0 = 1260 mm TU height 

l0 = 440 mm Length of the straight portion of the anchored rebar 

Øl =14 mm Longitudinal rebar diameter 

lanc = l0 + 5 * Øl Anchorage length to account for rebar bend 

b = 200 mm Section width 

As = 4 * π * Øl  ^ 2/4 = 615 mm2 Longitudinal steel area 

Ac = b ^ 2- As = 39385 mm2 Concrete area 

ρl = As / b ^ 2 = 1.54% Longitudinal reinforcement ratio 

srm0 = Øl * fct * (1- ρl )/(2 * τb0  * ρl) = 200 mm  Maximum crack spacing 

srm = 0.7 * srm0 = 140 mm Average crack spacing 

ls = 40* Øl =560 mm Lap splice length 

 

Tab. 27 Material parameters used in mechanical model LAP-P16.  

Concrete 

fc = -31.7 MPa Ec =  5000* fc ^(1/2) = 28150 MPa 

fct = 0.3* fc ^(2/3) = 3 MPa  

Steel 

fy = 510 MPa Es = 204000 MPa 

fu = 635 MPa εu = -0.09 

Bond 

τb0 = 2*fct = 6 MPa τb0 = fct = 3 MPa 

In the following paragraphs the steps performed in order to obtain the analytical results of 
Fig. 39, which are illustrated in the flowchart of Fig. 40, are presented in greater detail. 

Until first cracking, perfect bond exists between steel and concrete, which therefore share 
the same strain: 

𝜺𝒔 = 𝜺𝒄 =
∆𝒕𝒐𝒕
𝑳𝟎

 (27) 

where L0 represents the total length of the boundary element. First cracking occurs at a 

displacement level Δtot = (fct/Ec)L0. The corresponding force level Nfc can be obtained as: 

𝑵𝒇𝒄 =
(𝑬𝒄 ∙ 𝑨𝒄 + 𝑬𝒔 ∙ 𝑨𝒔) ∙ 𝒇𝒄𝒕

𝑬𝒄
 (28) 
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Between first cracking and crack stabilization (identified by the subscript ‘cs’), cracks open 
one after the other with the axial force that is assumed constant and equal to N = Nfc. In 
reality, small force drops occur due to the stiffness reduction caused by each crack 
opening, which are disregarded. The displacement at crack stabilization Δcs is identified by 
a steel strain at crack equal to: 

𝜺𝒄𝒔 =
𝑵𝒇𝒄

𝑬𝒔 ∙ 𝑨𝒔
 (29) 

The above does not apply to cracks located within the lap-splice region where the steel 
area contributing to the axial stiffness is double. Such cracks open at an imposed axial 
force Nfc,lap > Nfc; however, for common longitudinal reinforcement ratios the difference 
between the two forces is relatively small and can be neglected (e.g., for TU LAP-P16, 
Nfc,lap = 140 kN while Nfc = 130 kN).  

For imposed displacements larger than Δcs, each component of the boundary element 
(anchorage, lap splice, and basic tension chord) can be solved separately for a given strain 
at crack εac. This quantity is initially estimated as εac = Δtot/L0 which is then used to compute 
the resulting total boundary element displacement. The latter, identified as Δcomput, is 
obtained by summing up the resulting displacement of each element, which can be 
computed by means of closed form equations (see Chapter 7 of this report for further 
details). The computed displacement Δcomput is then compared to the externally imposed 
Δtot: if their difference is smaller than a user-defined tolerance (in the following applications 
tol = Δtot/1000 is used), convergence is attained, otherwise an updated estimate of εac is 
calculated (see Fig. 38 (b)) and a new iteration is performed. At convergence, the 
steel/concrete stress/strain distributions can be retrieved from each element, as well as the 
crack widths (see Fig. 38 (a)). Finally, the total imposed axial force is calculated as:  

{
𝑵 = 𝜺𝒂𝒄 ∙ 𝑬𝒔 ∙ 𝑨𝒔                                                    𝜺𝒂𝒄 < 𝜺𝒚

𝑵 = 𝜺𝒚 ∙ 𝑬𝒔 ∙ 𝑨𝒔 + (𝜺𝒂𝒄 − 𝜺𝒚) ∙ 𝑬𝒔𝒉 ∙ 𝑨𝒔           𝜺𝒂𝒄 > 𝜺𝒚
 (30) 

Without a specific criterion defining the failure of the boundary element, the procedure 
above can be performed for any imposed displacement Δtot up to a strain at crack equal to 
the ultimate steel strain (εac =  εult). For the case of LAP-P16, the attainment of the ultimate 

displacement of the lap splice element, Δls,ult = εlsls, signals the member failure, which leads 
to the total and sudden loss of the axial load carrying capacity. 

Data and supporting material 
The following data and supporting material are published openly alongside this report:  

 Experimental force-displacement response of the 16 wall units with lap splices and 8 
reference units with continuous reinforcement collected in the database (DOI: 
10.5281/zenodo.19224)  

 V2 models of all the walls in the database (DOI: 10.5281/zenodo.2653488); 

 Experimental data of the 24 tests on RC walls boundary elements with lap splices (DOI: 
10.5281/zenodo.1205887) 

 Input files for the models contained in the section ‘Application Examples’ (DOI: 
10.5281/zenodo.2653680). 
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1 Introduction 

1.1 Background and motivation 

Lap splices are the most common method of obtaining a joint structural entity from two 
rebar segments [21]. They are created, as the name suggests, by overlapping and then 
wiring together two lengths of rebar. Due to shipping constraints as well as efficient material 
use, splicing of longitudinal reinforcement is found in almost all reinforced concrete (RC) 
structures and in all types of structural members such as beams, columns and walls [59]. 
The transfer of forces between spliced rebars relies fundamentally on the brittle mechanism 
of concrete-steel bond [16]; for this reason, in particular under tensile loading, the 
performance of lap splices differs substantially from the one of continuous rebars, 
potentially leading to undesired and fragile failures [60]. Namely, field observations (e.g. 
[1–3]) as well as past experimental tests (e.g. [4–9]) showed that inappropriate detailing or 
positioning of lap splices might cause a significant reduction in the strength and/or 
displacement capacity of structural members. 

RC walls represent the main source of lateral resistance for bridges featuring wall-type 
piers and for buildings braced by shear walls. Although the current practice in bridge design 
is to avoid lap splices in regions undergoing plastic deformations (plastic hinges), in RC 
building walls longitudinal rebars continue to be typically spliced at the base of the member 
where stresses and strains are largest [10,11]. For these walls, specific safety provisions 
are adopted by international seismic guidelines including: (i) limits on the reinforcement 
percentage that can be spliced as a function of the ductility category of the plastic region 
[61]; (ii) location of splices away from high tensile stress regions [43,50,62]; and (iii) a 
minimum amount of confining reinforcement for lap splices in regions where inelasticity 
concentrates [50,62]. However, RC walls or piers constructed before the introduction of 
seismic codes do not respect such provision and may feature short and unconfined lap 
splices within their plastic hinge region.  

In Switzerland, capacity design guidelines were introduced in the 2003 code generation 
[12]. According to a technical documentation issued by the Federal roads office (FEDRO) 
[13], only 10% of the existing Swiss bridge stock was built after that year. Of the remaining 
bridges, which can be assumed to have lap splices in the plastic hinge region of the piers, 
it is estimated 10-15% are represented by multi-span girder bridges with relatively short 
and squat wall-type piers [13]. Although Switzerland is a region with moderate seismicity 
(maximum horizontal peak acceleration on rock is agh = 1.6 m/s2), piers with such an aspect 
ratio may still undergo inelastic deformations to meet the imposed displacement demand. 

In this framework, two research projects were funded by the FEDRO [25,63] aiming at 
establishing a displacement-based approach for the assessment of Swiss bridges. Seven 
half-scale RC wall-type piers were tested under quasi-static cyclic loading up to failure, of 
which three featured poorly detailed lap splices above the pier-foundation interface. The 
test parameters were the presence of lap splices, amount of longitudinal and transverse 
reinforcement and shear span. When comparing the response of the spliced specimens 
with the corresponding companion walls with continuous reinforcement, it was observed 
that the presence of lap splices always affected negatively the behaviour of the structural 
member. In the spliced units damage concentrated about the splices and, although the 
walls nominal force capacity was attained, failure occurred at reduced ductility levels with 
respect to units with continuous reinforcement. This can be observed in Fig. 43 where the 
failure mode and the force-displacement response of two companion walls with and without 
lap splices are contrasted. In order to predict the overall behaviour of the tested units, 
Hannewald [18] proposed a plastic hinge model in which the ultimate displacement 
capacity was determined using strain limits. However, the latter were based on the results 
obtained from only three test units, therefore requiring further validation and investigation.  

The above research projects revealed the scarcity of experimental studies focusing on the 
deformation capacity of lap splices. The characterization of this quantity, which involves 
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additional experimental research, represents one first subject of the present thesis. The 
second topic regards instead the development of suitable models for practicing engineers 
to simulate the response of spliced RC walls, which are also underrepresented in current 
literature. 

  

 

(a) (b) (c) 
Fig. 43 Effect of poorly detailed lap splice presence on the behaviour of RC walls: (a) failure 
mode of specimen VK6 with continuous reinforcement (figure from [64]); (b) failure mode 
of specimen VK5 with lap splices in the plastic hinge region (figure from [64]); (c) 
Comparison of the cyclic behaviour. 

1.2 State of the art 

The purpose of the following paragraphs is to provide a state-of-the-art overview of the 
different topics addressed in this thesis, i.e. experimental tests, numerical and mechanical 
modelling of RC walls with lap splices. A detailed literature review of the different subjects 
is performed in each Chapter, to which the reader is herein referred. 

Although in performance based earthquake engineering (PBEE) deformation rather than 
force quantities are compared to seismic demand, past experimental studies primarily 
focused on the strength capacity of lap splices. Relatively less research was committed to 
the evaluation of the deformation capacity of lap splices. Moreover, experimental testing 
was mainly carried out on reinforced concrete beams and columns rather than wall 
specimens; this is in contrast with the fact that the use of lap splices is common in plastic 
hinge regions of bridge piers and walls, which was identified as a critical source of damage 
in recent earthquakes [47]. A detailed review of post-earthquake field observations as well 
as past experimental programmes on members with lap splices is presented in subsections 
2.2.1 and 2.2.2 respectively. 

Tests on RC walls are also reviewed in subsection 2.2.2, which includes ductile specimens 
designed for high-seismic regions (e.g. [11,41]) as well as units detailed to simulate 
American and European non-ductile RC construction practice (e.g. [24,40]). When 
compared to the response of reference units with continuous reinforcement, the 
performance of spliced RC walls depended on the detailing. Sudden lap splice failure prior 
to reaching the member nominal yield force occurred in walls with short and unconfined lap 
splices [37,40]. On the other hand, in ACI-318 [43] code compliant specimens, the splices 
only affected the location of damage [11], with the plastic region relocating above and below 
the lap splice zone. 

VK6 VK5 
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In line with the available experimental data, several expressions were proposed to predict 
the strength capacity of lap splices—reviewed in subsection 3.2.1, while only few models 
were put forward characterizing their deformation capacity—revised in subsection 3.2.2. 
Including the method suggested by Hannewald, to the author’s knowledge only three 
studies [17–19] provide an estimation of the deformation capacity of spliced members, 
which are all related to plastic hinge analysis. As for simulating the behaviour of spliced RC 
members with detailed finite elements models, outlined in subsection 3.2.4, interface bond-
slip elements are typically employed to integrate numerically the lap splice response. This 
approach results in complex and computationally expensive models, which are typically not 
suitable for practicing engineers. 

Plastic hinge analysis is the simplest modelling technique for representing the global 
response of RC walls. The inelasticity is lumped at pre-defined plastic hinge locations and 
the accuracy of the results strongly depends on the formula employed to evaluate the 
plastic hinge length. Yet, it can only capture the monotonic response of a single member 
and it does not provide information on local level quantities such as strains. Advanced 2D 
or 3D finite element models represent the most powerful simulation technique to predict 
the cyclic behaviour of RC members. The details of the structural member along its height 
can be explicitly modelled and the interaction between axial force, flexure and shear is 
directly accounted for at the material level through multidimensional constitutive 
relationships. However, the complexity involved in the model setup and interpretation of 
the results alongside with the computational burden usually limit the application of this 
modelling technique to research purposes or very specialized engineering applications. 
Nonlinear beam element models represent the best compromise between accuracy and 
computational cost and are often the preferred choice to perform nonlinear static or 
dynamic analysis of multi-element structures. They typically provide satisfactory results for 
members behaving mainly in flexure while their use in shear-dominated members still 
represent an active topic of research. Namely, the consideration of tension shift effects and 
shear deformations are the main causes of mismatch between experimental and numerical 
results. Nonlinear beam element formulations are revised in subsection 4 while a full review 
of the modelling techniques available to simulate the response of RC walls can be found in 
Almeida et al. [52]. 

Finally, mechanical models describing the transfer of forces between spliced rebars are 
also scarce. In fact, most of the research effort aimed at the characterization of local bond-
slip relationship for anchored rebars (e.g. [65]), generally calibrated from pull-out tests. A 
first mechanical model predicting the force-displacement response of lap splices was 
proposed by Tastani et al. [46]—reviewed in subsection 0 which assumed an elasto-plastic 
bond-slip model along spliced rebars. However, the provided solution is limited to the 
elastic branch of the steel stress-strain relationship and therefore it is only applicable to 
very short lap splice lengths. 

1.3 Problem statement and research objectives 

Previous research on lap splices primarily focused on the evaluation of their force capacity. 
Few expressions are currently available characterizing the deformation capacity of lap 
splices, all derived from limited test data. The possible overearly strength degradation 
brought about by the presence of lap splices is particularly relevant for RC walls or piers, 
as these members often represent the bracing system of buildings and bridges. Moreover, 
lap splices in RC walls are usually located above the foundation interface, where seismic 
actions are largest and inelastic deformations may occur. 

Due to their structural importance, an accurate prediction of the displacement capacity of 
RC walls is fundamental when performing the seismic assessment of a building or a bridge. 
Complex finite element models are typically employed to accomplish this task, where the 
response of lap splices is obtained by integrating local bond-slip laws through interface 
elements. These approaches require a high level of expertise and computational cost; 
therefore, they are only suitable for research or very specific engineering applications. On 
the contrary, a simple and dependable finite element model, convenient for practicing 
engineers, is at present not available. When approximate calculations are sufficient or 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

80 Error! Reference source not found. 2022 

required by time constraints, mechanical models are preferable to numerical models. 
However, as stated in the previous section, few of these approaches have been proposed 
simulating the behaviour of spliced rebars in RC members.  

Based on the observations above, the objectives of the present report are: 

 To identify the main parameters governing the displacement capacity of RC walls with 
poorly designed lap splices;  

 To derive an expression quantifying the deformation capacity of lap splices as function 
of these parameters;  

 To develop finite element models suitable for practicing engineers to simulate the cyclic 
response of RC walls with lap splices, namely capable of predicting their displacement 
capacity; 

 To propose a mechanical model describing the behaviour of RC memebrs with lap 
splices, which allows describing the stress transfer mechanism between spliced rebars, 
evaluating the crack evolution and width along the member, and computing the 
displacement at failure. 

 

1.4 Methodology 

Experimental programmes, numerical and mechanical modelling were performed 
throughout the present work in order to accomplish the objectives listed in the previous 
section. The main features of each research activity, alongside with the role and relevance 
played in attaining a specific goal, are separately discussed in the following three 
paragraphs. 

Experimental activity: With the aim of identifying the parameters mostly influencing the 
displacement capacity of RC walls with lap splices, past cyclic tests on this type of structural 
member were reviewed, systematized and collected in a database. The dataset included 
16 units with lap splices and 8 reference units with continuous reinforcement. Two wall 
specimens, one with lap splices and a reference unit with continuous reinforcement, were 
tested at the structural laboratory of EPFL. These two specimens featured the smallest 
shear span ratio among the RC walls in the database, therefore allowing to further 
investigate the influence of the moment gradient on the lap splice performance. Test results 
showed that lap splice failure was primarily governed by confining reinforcement and ratio 
of lap splice length to shear span; moreover, it was observed that the strength loss of the 
units was typically triggered by bond degradation occurring at the outermost lap splices, 
i.e. those located at the boundary elements. The above findings prompted a second 
experimental programme on spliced RC wall boundary elements carried out at the 
structural laboratory of EPFL. Out of 24 specimens, 22 featured lap splices above the 
foundation interface and two were reference units with continuous reinforcement. Variable 
parameters of the test series were lap splice length, confining reinforcement and loading 
history. The experimental data allowed to improve the understanding of the behaviour of 
lap splices under cyclic loading as well as to calibrate an empirical equation characterizing 
the deformation capacity of lap splices. 

Numerical modelling: Two nonlinear finite element models were developed for the 
simulation of spliced RC walls: a two-dimensional shell element model and a beam element 
model. In the former, the presence of lap splices is considered through an equivalent, 
uniaxial, steel stress-strain law, therefore avoiding the use of complex interface bond-slip 
elements. The constitutive relationship represents the response of spliced rebars in RC 
walls up to the onset of strength degradation. The strain capacity is derived by means of a 
semi-empirical approach, and it is a function of the confining reinforcement ratio and the 
ratio of lap splice length to shear span. The validation was performed against the walls 
collected in the database demonstrating that the model is capable of adequately capturing 
the peak strength as well as the displacement capacity of the spliced units. The second 
finite element model presented in this report is a displacement-based beam element in 
which axial equilibrium is strictly enforced. The exact verification of axial equilibrium 
improves the poor performance of classical displacement based formulations while the 
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assumed linear curvature profile allows to indirectly account for tension shift effects in RC 
members subjected to lateral loading. As previously discussed, the latter is amongst the 
main causes for the mismatch between experimental and numerical estimates of 
curvatures and strains obtained through existing beam formulations. Strain limits derived 
from experimental results can then be used to introduce the deterioration of the structural 
performance caused by the presence of inadequately designed lap splices. 

Mechanical modelling: Based on the experimental findings, a mechanical model describing 
the behaviour of RC wall boundary elements with lap splices was also developed. This 
model shares the fundamental hypothesis of the tension chord model proposed by Marti et 
al. [31] yet extending it to account for the presence of lap splices and the strain penetration 
effect. Given an input global force or displacement, the model provides cracks location and 
width as well as the steel and concrete stress and strain distributions along the RC member. 
For a boundary element with lap splices, the ultimate displacement can be calculated 
through the direct application of the proposed relationship characterizing the deformation 
capacity of lap splices. 

1.5 Report layout 

This report includes a compilation of six articles, four published, one submitted and one 
under submission for publication in scientific journals. The organization of the document, 
presented in the following, is illustrated schematically in Fig. 44, where different 
background colors are used to distinguish the three main research activities performed, i.e. 
experimental work, numerical and mechanical modelling. 

 

Fig. 44 Sketch of the report layout 

 Chapter 2 represents the post-print version of the journal paper: 

“J.P. Almeida, O. Prodan, D. Tarquini, K. Beyer, 2017. Influence of lap-splices on the 
cyclic inelastic response of reinforced concrete walls. I: Database assembly, recent 
experimental data, and findings for model development, ASCE Journal of Structural 
Engineering 143 (12)”. 
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The Chapter presents a database of tests on spliced RC walls, which primarily aimed at 
collecting information on the deformation capacity of lap splices. Two new wall tests 
performed at the structural laboratory of EPFL are included. It is shown that confining 
reinforcement ratio and the ratio of shear span to lap splice length mostly influence the lap 
splice strain capacity. 

 Chapter 3 represents the post-print version of the journal paper: 

“D. Tarquini, J.P. Almeida, O. K. Beyer, 2017. Influence of lap-splices on the cyclic 
inelastic response of reinforced concrete walls. II: Shell element simulation and 
equivalent uniaxial model, ASCE Journal of Structural Engineering 143 (12)”. 

In this Chapter, building on the information collected from the RC wall database of Chapter 
2, a semi-empirical expression for the ultimate lap splice strain is derived. An equivalent 
uniaxial steel stress-strain law simulating the response of lap splices is first proposed and 
then successfully used, in conjunction with shell element models, to predict the force-
displacement response of spliced RC walls. 

 Chapter 4 represents the post-print version of the journal paper: 

“D. Tarquini, J.P. Almeida, K. Beyer, 2017. Axially equilibrated displacement‐based 
beam element for simulating the cyclic inelastic behaviour of RC members, Earthquake 
Engineering and Structural Dynamics 46 (9): 1471-1492”. 

This Chapter presents a displacement-based beam element model improving the 
simulation, with respect to classical beam element formulations, of local-level quantities 
such as curvatures and strains, strictly related to structural damage. The proposed 
formulation consists in a displacement-based beam element in which axial equilibrium is 
strictly enforced along the element length; curvature profiles are assumed linear which 
allows the beam element to indirectly account for tension shift effects in RC structures 
(columns and walls).  

 Chapter 5 represents the post-print version of the data paper: 

“D. Tarquini, J.P. Almeida, K. Beyer, 2018. Uniaxial cyclic tests on reinforced concrete 
members with lap splices, accepted for publication in Earthquake Spectra, published 
online”. 

In this Chapter, an experimental programme on RC wall boundary elements with lap splices 
is described. The test units were subjected to uniaxial cyclic loading with the objective of 
investigating the influence of lap splice length, confining reinforcement and loading history 
on the behaviour of lap splices.   

 Chapter 6 represents the pre-print version of the journal paper: 

“D. Tarquini, J.P. Almeida, K. Beyer, 2018. Experimental investigation on the 
deformation capacity of lap splices under cyclic loading, submitted to Bulletin of 
Earthquake Engineering (under review)”. 

Based on the experimental data derived from the tests presented in Chapter 5, an empirical 
expression for the deformation capacity of lap splices is derived as function of lap splice 
length, loading history and casting position. The ultimate strain capacity of lap splices is 
determined considering only deformations originating within the lap splice zone.  

 Chapter 7 represents the pre-print version of the journal paper: 

“D. Tarquini, J.P. Almeida, K. Beyer, 2019. Extended tension chord model for boundary 
elements of RC walls accounting for anchorage slip and lap splices presence, under 
submission”. 

This Chapter presents a mechanical model for the simulation of RC wall boundary elements 
with lap splices subjected to tensile loading. It allows to evaluate the steel and concrete 
stress-strain distributions as well as the crack distribution and opening along the structural 
member. For spliced boundary elements, the ultimate displacement is computed through 
the relationship proposed in Chapter 6. 
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Finally, an overall summary of the experimental findings as well as general conclusions on 
the proposed numerical and mechanical models are provided in Chapter 0, which is 
concluded with an outlook of possible future works. 
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2 Reinforced Concrete Walls with Lap Splices: 
State of the Art, New Tests and Database 
Assembly 

This Chapter collects a database of tests on RC walls with lap splices available in the 
literature including two tests performed at the structural laboratory of EPFL. It represents 
the post-print version of the article:  

J.P. Almeida, O. Prodan, D. Tarquini, K. Beyer, 2017. “Influence of lap-splices on the cyclic 
inelastic response of reinforced concrete walls. I: Database assembly, recent experimental 
data, and findings for model development”, ASCE Journal of Structural Engineering 143 
(12), DOI: 10.1061/(ASCE)ST.1943-541X.0001853. 

Figures and tables formatting, reference-, section-, and equation- numbering were adapted 
to the style of this document. 

Abstract 

Recent postearthquake missions have shown that reinforced concrete (RC) wall buildings 
can experience critical damage owing to lap splices, which led to a recent surge in 
experimental tests of walls with such constructional details. Most of the wall tests described 
in the literature thus far were carried out in the last six years. This Chapter presents a 
database with these wall tests, including the description of a new test on a wall with lap 
splices and a corresponding reference wall with continuous reinforcement. They 
complement the existing tests by investigating a spliced member with a shear span ratio 
smaller than two, which is the smallest among them. The objective of this database is to 
collect information not just on the force capacity but mainly on the deformation capacity of 
lap splices in reinforced concrete walls. It is shown that (1) well-confined lap splices 
relocate the plastic hinge above the lap splice, (2) lap splices with adequate lengths but 
insufficiently confined attain the peak force but their deformation capacity is significantly 
reduced, and (3) short and not well-confined lap splices fail before reaching the strength 
capacity. The analysis of the test results, which are used in Chapter 3 for the finite element 
simulation of walls with lap splices, indicates in particular that the confining reinforcement 
ratio and the ratio of shear span to lap splice length influence the lap splice strain capacity. 

2.1 Introduction 

The transfer of forces between lap-spliced rebars relies fundamentally on the inherently 
brittle mechanism of concrete-steel bond. Although the common practice for the design of 
bridges is to avoid lap splices within plastic hinges, in reinforced concrete (RC) building 
walls, longitudinal rebars are typically spliced at the base of the member where stresses 
and strains are largest [10,11]. To avoid brittle failures, current standards impose limits on 
the reinforcement percentage that can be spliced as a function of the ductility category of 
the plastic region [61], promote the location of splices away from high tensile stress regions 
[43,62], or accept lap splices only at the extremity of the plastic region furthest away from 
the critical section [50]. Minimum confinement reinforcement for lap splices in regions 
undergoing plastic deformations is also prescribed [50,62]. Walls in buildings constructed 
before such guidelines were in place have often all their bars spliced at the base, short 
splice lengths and unconfined splices.   

Performance-based seismic design and assessment requires estimates of the deformation 
capacity of members undergoing inelastic deformation. Previous research on lap splice 
performance focused largely on the strength capacity of lap splices (e.g. [14,15]). 
Experimental research on the deformation capacity of members with lap splices is scarce. 
Past tests were carried out on RC beams and columns (e.g. [17,19]), and on RC walls (e.g. 
[18]). This Chapter focuses on the latter. 

https://doi.org/10.1061/(ASCE)ST.1943-541X.0001853
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The objective of this Chapter is threefold: (i) to establish a database of wall tests with lap 
splices, which collects and systematizes the experimental results on RC walls; (ii) to 
present the results of two new walls tests, one with lap splices and one without, which 
complement the existing tests by investigating for the first time a spliced member with shear 
span ratio Ls/h < 2; and (iii) to discuss qualitatively and quantitatively on the basis of 
observations from post-earthquake reconnaissance missions and tests the influence of the 
individual factors previously outlined on the deformation capacity of lap splices.  

The Chapter starts with a review of field and experimental observations on structural 
elements with lap splices, continues with the presentation of the new experimental results 
on two RC walls, and finally, based on these field and experimental results, considers the 
influence of lap splices on the cyclic response of RC walls. It concludes with a summary of 
the factors that have the most significant influence on lap splice displacement ductility. 

2.2 Review of field and experimental observations 

The force-transfer mechanism of lap splices involves bond stresses between concrete and 
rebars. The resultant bond force can be decomposed into a component parallel to the rebar 
axis and a radial one. The former causes shearing of the concrete between the rebar ribs, 
whereas the latter radial forces induce tensile stresses in the surrounding concrete [66]. 
These two components can be directly related with the two types of bond failures that are 
usually considered, namely pull-out—also described as ‘crushing and sleeving’ [17]—and 
splitting. If the rebar lugs are spaced far apart, the concrete cover is insufficient, the tensile 
strength is low, or the confinement provided by the transverse reinforcement does not 
suffice to keep cracks small, splitting failure will occur. In particular, concrete cover appears 
to be a critical factor when it is equal to or less than three rebar diameters—although 
splitting can also take place with larger covers [67]. Therefore, while anchored bars in 
foundations or well confined beam-column joints are more likely to sustain pull-out failures, 
rebars along the height of RC walls are more susceptible to splitting failure due to the small 
concrete cover characteristically employed in wall construction. Throughout this work, this 
will be the failure mode assumed. Note that a larger attention from the research community 
has been given to anchorage and bond-slip relations for anchored bars sustaining pull-out 
failure rather than splitting failure. For spliced rebars, researchers highlighted the role of 
transverse ties in enabling a shear friction mechanism to transfer forces from one spliced 
bar to the other, namely in sustaining a diagonal compression field across the spliced 
rebars [6]. Before splitting cracks form, the bond transfer relies largely on the tensile 
strength of the concrete while the shear friction plays a lesser role. Shear friction is 
activated after splitting cracks form and the confining reinforcement is subjected to 
significant tensile strains [17]. 

The detailing and content of the member longitudinal reinforcement will determine the 
orientation of the splitting cracks, and a typical division is often made in terms of side-
splitting and face-splitting. According to ACI [67], for reinforcing layers with rebar spacing 
larger than twice the concrete cover, splitting cracks occur perpendicularly to the surface 
and along the rebar lengths (face-splitting). On the other hand, if the cover is larger than 
twice the bar spacing, cracks will form in the plane of the reinforcing layer (side-splitting). 
Additionally, Orangun et al. [14] illustrated how face-splitting cracks just before failure will 
develop either a ‘face-and-side split failure’ or a ‘V-notch failure’ (i.e., with further inclined 
cracking to the surface), the latter occurring if the bar spacing is several times larger than 
the concrete cover. This separation between face- and side-splitting has been considered 
in physically-based models to predict lap splice strength [16], the results of which compare 
well with those of other models developed from regression analyses alone [14,15].  

When subjected to cyclic loading, cracks propagate in both loading directions and may 
eventually join up some distance away from the rebar surface, creating regions of 
disintegrated concrete and hence degraded bond. The effects of reversing curvatures on 
large diameter bars of flexural members may also have a weakening influence on the cover 
[4]. However, the same authors also point out that the onset of splitting does not constitute 
failure and that the confinement by the stirrups allows to carry loads up to concrete spalling. 
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2.2.1 Post-earthquake field observations 

Different degrees of structural damage following past earthquakes, ranging from minor 
cracking to collapse, can be partly or totally attributed to the response of lap spliced wall 
regions. This Section presents examples of concrete structures that have undergone 
observable damage during recent earthquakes. Due to space limitations, column and beam 
damage is not included. 

Damage to wall buildings associated with lap splices have been reported after some of the 
major earthquakes occurring during the last decade of the previous century. As examples, 
one can cite the damage to the Guam Hilton Hotel after the Guam 1993 earthquake [68], 
or the concrete spalling that occurred in the Indian Hills Medical Center during the 
Northridge earthquake of 1994. The RC walls in this building, which had already shown 
vertical splitting associated to bond slip problems during the San Fernando earthquake of 
1971, exhibited more extensive spalling over the height of the lap splice, evidencing the 
effects of the internal bond-slip mechanism that contributed to concrete splitting [69].  

Chimneys do not have the redundancy of wall buildings and thus a failure at a critical 
section will inevitably lead to its partial or total collapse. This was highlighted by the 
performance of two RC chimneys that failed due to poor lap splice performance. Firstly, 
during the Marmara 1999 earthquake in Turkey a 115-m tall RC chimney collapsed. The 
failure occurred at a height of 30-35 m, where an opening and lap splices were present. 
The structure had been designed in 1978 according to the ACI provisions in force at the 
time. Kilic and Sozen [1] concluded that the most plausible cause for collapse was the 
association between the critical section for flexural yielding formed by the opening and the 
failure of lap splices at that location, which did not withstand the imposed stress reversals 
in the nonlinear response range. A 58-m tall chimney also failed during the Niigata-ken 
Chuetsu-Oki 2007 earthquake in Japan [3,70]. The chimney, constructed in 1994, had been 
designed according to the latest seismic standards, which imposed lap splice lengths of at 
least 40 times the diameter of the largest spliced bar. The damage concentrated at a height 
of approximately 17.5 m above the ground level where three constructional details 
contributed to a strength discontinuity that attracted large inelastic deformation demands: 
(i) splicing of the exterior layer of vertical bars, (ii) cut-off of the interior layer of longitudinal 
rebars, (iii) change from double to single transverse hoops.  

More recently, damage to several of the more than one hundred high-rise RC wall buildings 
that were damaged during the Chile earthquake of February 27, 2010, can be traced back 
to lap splice failures [2]. The only building with more than three storeys that suffered total 
collapse during the earthquake was the 15-storey Alto Río building, completed in 2009. 
Song et al. [2] analysed possible failure sequences of the building and concluded that lap 
splice failure was likely to have played a role. The same authors also claim to have 
observed splice failures, and failures at points where bars were cut off, in at least other 
eight buildings in Chile. However, they do not provide further information on the lap splice 
configurations in these buildings. 

Finally, lap splice damage in RC walls was observed after the 2010-2011 earthquakes of 
Canterbury in New Zealand. Sritharan et al. [47] report the occurrence of damage about 
the lap splice in a 10-m long wall of a 13-storey apartment building (Terrace on the Park) 
built in 1999. The splice had poorly detailed shear reinforcement and lack of ties between 
the two layers of web reinforcement. It is noted that the lap splice was not located in the 
plastic hinge region. 

2.2.2 Past cyclic experimental tests on members with lap splices 

Many experimental and numerical studies have been performed on lap splice behaviour to 
date, the majority of which focused on lap splice strength under monotonic loading. There 
is less research on lap splice strength under cyclic loads, and even more so regarding the 
deformation capacity of lap splices, which are two fundamental quantities that are required 
when modelling the seismic response of members with lap splices. The present Section 
starts by reviewing the most relevant experimental tests carried out to date. In particular, a 
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short summary of past cyclic tests on beams and columns is performed, followed by an 
extensive review of experimental tests on walls with lap splices. 

Beams and columns 

Up until the late 1970s and the extensive test programmes carried out at Cornell University 
on 68 beam and column specimens [71–73], there was an almost complete lack of 
experimental data on splice performance under cyclic loading. The work performed by 
these researchers brought forward that the main factor that affects the rate of bond 
deterioration and the deterioration propagation was the amount and spacing of transverse 
reinforcement along the splice and just beyond the splice end [4]. Building on the 
observation that maintaining stirrup strains substantially below yield improves splice 
strength and ductility, Paulay [6], Priestley et al. [17] and Sivakumar et al. [74] proposed 
design procedures and expressions to determine the amount of transverse confinement 
necessary to insure that lapped splices can sustain a large number of reversed cyclic loads 
just below yield level as well as some cycles into the inelastic range. Sparling and 
Rezansoff [75] observed, from 12 large-scale beam tests, that such recommendations 
allowed the specimens to achieve appreciable displacement ductilities. Rezansoff et al. 
[76], again building on the results of additional experimental tests, further underlined the 
need to account for the actual rebar yield strength—which can be appreciably larger that 
the specified yield strength—in designing the transverse reinforcement to ensure a 
reasonably ductile member response.  

The behaviour of lap splices in compression was addressed in the first half of the 1990s 
[59], as well as the retrofit of columns with inadequate lap splices [77–79]. Lynn et al. [7] 
and Melek and Wallace [80] performed cyclic tests on columns with constant axial load and 
deficient lap splices (both in terms of splice length and confining reinforcement), typical of 
old building design. Lynn et al. [7] showed that the more confined columns kept the moment 
capacity for larger displacement amplitude cycles, while the experimental program 
performed by Melek et al. [8] evidenced the influence of the applied loading history on post-
peak strength degradation. More recently, Pam and Ho [81] studied the effects of the 
location of well-detailed lap splices on four RC columns. They concluded that the flexural 
strength increased slightly as the percentage of splices in the critical region also 
augmented, while the ductility capacity decreased due to an upward shift of the inelastic 
damaged region. Tests on beams with lap splices continue to date [10]. However, despite 
the many past tests that have been performed on beams and columns, few proposals can 
be found regarding the ductility capacity of lap splices expressed as a function of its 
detailing characteristics and mechanical properties [18,82]. 

Walls 

Tests on walls with lap splices are recent when compared to those on beams and columns 
described in the previous sub-section. Although four wall units were tested before 2008 
[37,38], the other 12 wall specimens with lap splices that are documented in the literature 
were tested over the past six years. The objective of the present sub-section consists in 
carrying out a compilation of data on walls with lap splices. The following Section describes 
also two new experimental tests (units TW2 and TW3) carried out at the structural 
laboratory of EPFL on companion walls with and without lap splices. They complement the 
existing tests by considering a large lap splice length to shear span ratio, hence allowing 
to investigate the influence of the moment gradient on lap splice performance. In this 
context, Tab. 28 presents a complete summary of the characteristics of the walls with lap 
splices that were experimentally tested under cyclic loads to date, along with the list of 
reference units with continuous reinforcement. The reinforcement layout and the main 
measured material properties of the specimens are depicted in Fig. 45. Observations on 
the behaviour of each spliced test unit are provided in Tab. 29. As this summary can be 
useful to other researchers, all the information collected in Tab. 28, Fig. 45 and Tab. 29, as 
well as the associated experimental force-displacement data, are available through the 
webpage www.zenodo.org using the DOI:10.5281/zenodo.19224.



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

 

November 2022         89 

Tab. 28 Review of experimental tests on walls with lap splices tested under cyclic loads.  

Test Unit Main Ref. Ref. Unit Geom. Scale ls dbl nsplices cb0 cs0 csi s dbt Ls h FS SD δdeg 

     (mm) (mm) (-) (mm) (mm) (mm) (mm) (mm) (-) (-) (%) (mm) (mm) 

W1 
[37] 

[-] Symm. Rectang. 1:1 900 25 2 63 40 60 350 11 3250 1200 N Y 0.75 

W2 [-] Symm. Rectang. 1:1 900a 25 2 63 40 60 350 11 3750 1200 N Y 1.75 

CW2 
[38] 

[-] Symm. Rectang. 1:3 360 16 2 27 27 17 180b 6b 5000 1000 Y Y 0.2 

CW3 [-] Symm. Rectang. 1:3 360 16 2 27 27 17 180b 6b 2250 1000 N Y 0.31 

VK2 [24] VK1 Symm. Rectang. 1:2 600 14 4 26 26 31 200 6 3300 1500 N Y 0.9 

VK4 
[26] 

VK3 Symm. Rectang. 1:2 600 14 4 26 26 31 200 6 3300 1500 N Y 0.9 

VK5 VK6 Symm. Rectang. 1:2 600 14 4 26 26 31 200 6 4500 1500 N Y 0.9 

W1* 
[40] 

[-] Symm. Rectang. 1:1 600 20 2 36 50 6 250c 11c 3250 1200 Y Y 0.35 

W2* [-] Symm. Rectang. 1:1 600 20 2 36 50 6 250c 11c 3250 1200 Y Y 0.4 

PW2** [69] PW4 Symm. Rectang. 1:3 609 13 2 19 19 19 51d 152e 6d 6e 6710 3048 N N 1.1 

RWS [41] RWN 
Unsymm. 
Rectang. 

1:2 
1140 19 2 25 18 21 51d 190e 6d 9e 

6096 2286 N Y 1.2 
1730 29 2 31 9 9 62d 190e 6d 9e 

W-60-C 

[83]  

W-MC-C Symm. Rectang.  1520 25 2 30 19 56 64d 127e 6d 10e 3660 1520 N Y 1.8 

W-40-C W-MC-C Symm. Rectang.  1020 25 2 30 19 56 64d 127e 6d 10e 3660 1520 N Y 1.8 

W-60-N W-MC-N Symm. Rectang. 1:1 1520 25 2 30 19 56 127f 10f 3660 1520 N Y 1.35 

W-60-N2 W-MC-N Symm. Rectang. 1:1 1520 25 2 30 19 56 127g 10g 3660 1520 N Y 1.35 

TW3 [42] TW2 T-shaped 2:3 215 6 2 15 15 39 130h 6h 3150 2700 N Y 0.75 

Legend: Ref. Unit: reference unit with continuous reinforcement; ls: lap splice length; dbl: longitudinal reinforcement diameter; nsplices: number of splices potentially crossed by a splitting 
crack; cbo: clear face cover; cso: clear side cover; csi: half of the clear spacing between splices in the plane of a splitting crack; s: spacing of lateral or confining reinforcement (classical 
closed hoops or stirrups when not differently specified); dbt: horizontal reinforcement diameter (classical closed hoops or stirrups when not differently specified); Ls: shear span; h: wall 
length; FS: lap splice failure before the wall has reached the flexural capacity; SD: specimen experiences strength degradation due to the presence of lap splices; δdeg: Drift at degradation. 
NOTE: all quantities aforementioned are associated to the outmost reinforcement layer perpendicular to the plane of bending. 

*Used to differentiate the 2 TUs from those of Paterson and Mitchell, which are equally labelled. ** PW1 and PW3 tested by the same authors showed a similar behaviour to PW2 (no lap 
splice failure) and were omitted. aLap splice zone starts 600 mm above the foundation level. bShear reinforcement consisting of 2 straight single leg rebars (no reinforcement preventing 
face splitting). cSingle leg rebar located in between the longitudinal reinforcement. dQuantity referred to the confining hoops present in the boundary element. eQuantity referred to the 
shear reinforcement. fShear reinforcement consisting of 2 single leg rebars with 135° hook. gShear reinforcement consisting of 2 single leg rebars with 90° hook  hHorizontal reinforcement 
inside the flexural reinforcement. 
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Fig. 45 Geometrical details of the walls presented in Tab. 28 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

 

November 2022  
  
  
  
 91 

Tab. 29 Main observations on the behavior of the spliced units under cyclic loads.  

Test Unit Comments 

W1 

The specimen exhibited very poor ductility, failing soon after yielding at a lateral drift of 
0.6%. There was a brittle failure of the lap splices at the tensile end of the wall that led to 
a significant drop in the wall capacity. A visible vertical side splitting crack along the entire 
length of the lap splice was visible prior to failure. 

W2 

The wall, which had a lap splice zone located 600 mm above the foundation, showed a 
ductile response until almost 2% drift. As inelasticity (and cracks) spread from the bottom 
and reached the height at which the splice started, a brittle tensile failure of the lap splices 
on one side of the specimen occurred, resulting in a large drop in the capacity of the wall. 

CW2 

At the very first loading cycle at a low drift of 0.05%, flexural cracks developed at the 
bottom of the wall and spread to near midheight. Upon increasing the lateral load, the 
existing cracks started to open up and a new horizontal crack developed just at the top 
end of the lap splice zone. At a drift below 0.1% (far below the yielding point) the wall 
failed prematurely due to bond slip of the lap splices. 

CW3 
At 0.5% drift two diagonal cracks were observed at inclined ±45° direction. While loading, 
cracks opened up and extended from corner-to-corner of the wall in both directions. At a 
horizontal drift of approximately 1.5% the wall failed due to bond slip of the lap splice. 

VK2 

The first side splitting cracks in the tensile edge of the wall appeared at 1.5% drift. At 2% 
drift, a large bond crack extended along the entire lap splice height. By the second cycle 
at this drift level the four reinforcement bars in the outmost layer of each tension zone of 
the cross section were essentially ineffective due to bond failure of the splices. With the 
increase of the lateral loading, more lap splices successively failed causing a subsequent 
progression of the cyclic strength degradation of the member. 

VK4 

At about 1% drift, while loading in one direction, compression cracks appeared at the wall 
edge. At the same drift level, upon reversal, splice failure occurred followed by a sensible 
drop of the wall strength. At the second peak at 1% drift, some splices at the tension side 
of the pier also failed. At 1.2% drift, all cover concrete along the splices sounded hollow. 
The wall had thus reached its residual capacity (25% of the peak force) and the force-
displacement relationship remained rather flat even when higher displacement levels 
were imposed. 

VK5 

At 1% drift, vertical side splitting cracks were clearly visible along the splice length in the 
tension wall side. Also noticeable was a horizontal crack above the splice level. During 
loading to 1.5% drift, splice failure occurred followed by a decrease of the wall lateral 
strength. As for VK4, at this point the specimen had reached its residual strength capacity 
(30% of the peak force) which remained rather constant with the increase of the 
displacement demand. 

W1* 
The wall exhibited a non-ductile cyclic response due to brittle side splitting of the external 
lap splices prior to yielding. The specimen was able to withstand only 80% of the predicted 
flexural capacity. 

W2* 
Same behaviour as for wall W1 described above. However, specimen W2 was only able 
to carry 68% of its predicted flexural capacity. 

PW2** 

Cover spalling initiated above the splice region at 0.75% drift (determined from imposed 
top displacements at 3.66m). After 3 cycles at the same drift level the longitudinal 
reinforcement was exposed and longitudinal bars buckled in the boundary element above 
the splice region. At 1.05% drift concrete crushed where buckling had occurred and the 
damage extended to the web of the wall, propagating down towards the top of the of the 
web splices. 

RWS 

Noticeable strength degradation appeared at 1.2% drift with the fictitious flange in tension, 
probably due to slipping occurring in the splice region. Main cracks were located 
approximatively above the lap region and at the wall base. Bond degradation progressed 
increasingly with the demand. In the end, as the crack at the wall-foundation interface 
became wide enough, the relative slip between paired bars led to initial local buckling of 
the longitudinal reinforcement in the boundary element that contained rebars with 
dbl=19mm. 

W-60-C 

Splitting cracks were first observed at drift ratios ranging from 0.25% to 0.5%; the widest 
side splitting cracks occurred near the splice ends, being widest near the base. At the 
final imposed displacement, neither continuous splitting cracks along the entire splice 
length nor fully exposed splices were present. However, the loss in strength due to bond 
degradation in the splice regions is easily inferable from the global force displacement 
response of the specimen at 2% drift ratio. 
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W-40-C 

Similarly to specimen W-60-C, tensile splitting cracks were observed at early stages of 
loading. However, before reaching the target drift ratio of 2.5% a crack along the entire 
length of the boundary splices opened. A drop in lateral load (10% and 4% of the peak 
lateral load respectively in each direction) occurred when this crack formed. With further 
displacement reversals the relative slip between splices on one face of the boundary 
elements led to further decrease of the wall strength until the boundary elements were 
fully exposed. 

W-60-N 

The response of W-60-N was similar to the one described above for the specimen W-60-
C. However, the smaller amount of confining reinforcement present in W-60-N led to an 
anticipated onset of strength degradation occurring at a value of drift of 1.5% (0.5% less 
than the one observed in W-60-N). 

W-60-N2 
The cyclic behaviour of the specimen W-60-N2 was substantially identical to the one of 
W-60-N. 

TW3 

When loading towards the wall end without flange, the test unit failed due to crushing of 
the wall base. When loading towards the flange, the wall exhibited a softened response 
due to a progressive failure of the lap splices. Most deformations concentrated in a crack 
above and below the lap splice zone. 

* Used to differentiate the 2 test units from those of Paterson and Mitchell (2003) which are equally labelled. 
** PW1 and PW3 tested by the same authors showed no lap splice failure (as PW2) and were omitted. 

 

2.3 New experimental tests on walls 

Five RC walls at 2:3 scale were tested under quasi-static cyclic loading at École 
Polytechnique Fédérale de Lausanne within an experimental program that aimed at 
analysing the effect of several parameters in the cyclic response of walls. Among them, the 
influence of lap splices on the in-plane structural behaviour was addressed by test units 
TW2 and TW3. A brief description of the test setup and of the wall response follows: the 
data of these tests and a more detailed description of the test setup is available in Almeida 
et al. [84]. 

Walls TW2 and TW3 were identical from the geometrical viewpoint and had a total length 
of 2700 mm, a thickness of 120 mm, and a height of 2000 mm. The specimens were cast 
with a 400×400×3600 mm RC foundation, which was prestressed to the laboratory strong 
floor, and a 2930×420×400 top RC beam to which the vertical and lateral loads were 
applied. Both units had a 440 mm flange at one extremity, which simulates the effect of a 
perpendicular wall on member stability. The reinforcement detailing, in which the flexural 
reinforcement was located on the outside of the shear reinforcement, intended to represent 
Central European construction practice between 1950 and 1970. The reinforcement layout 
of the two specimens was identical, apart from the presence of lap splices in test unit TW3, 
depicted in Fig. 46 (a). The lap splice length was 215 mm, corresponding roughly to 35 
times the diameter of the longitudinal bars. The material properties of TW2 and TW3 are 
summarized in Fig. 46 (b).  

A sketch of the general test setup is shown in Fig. 47 (a). The walls were loaded by two 
vertical actuators, that applied a moment and an axial load, and by one horizontal actuator. 
The horizontal actuator imposed cyclic in-plane displacements according to the loading 
protocol shown in Fig. 48 . The vertical actuators were controlled such that the axial load 
and the shear span was constant throughout the test. The axial load was 690 kN and the 
shear span 3.15 m, which corresponds to a shear span ratio of 1.17.  

The walls were instrumented using conventional (e.g. LVDTs) and optical measurement 
systems, a complete description of which can be found in Almeida et al. [84]. The 

deformations of the wall surface were measured using a grid of 29 columns  18 rows of 
light-emitting diodes (LEDs) on the east face of the wall; see Fig. 47 (b). On the west face 
of the wall the evolution of cracks was monitored with digital image correlation techniques. 
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Reinforcement ratios (TW2 & TW3) 

 ρvertical ρhorizontal ρorthogonal 

Web 0.49% 0.35% [-] 
Flange 0.64% 0.19% 0.35% 

Reinforcing steel properties (TW2 & TW3) 

  𝑓𝑦 𝑓𝑢 𝐸𝑠 휀𝑠𝑦 휀𝑠ℎ 휀𝑠𝑢 

460 MPa 625 MPa   200 GPa 2.5‰ 2.5‰ 80‰ 

Concrete properties 

 𝑓′𝑐 𝑓′𝑡 𝐸𝑐 휀𝑐 
TW2 50.7 MPa 2 MPa 31.8 GPa 2‰ 
TW3 43.3 MPa 2 MPa 30.2 GPa 2‰ 

(a) (b) 
 

Fig. 46 (a) Geometrical and detailing characteristics of test unit TW3; (b) Material 
properties. 

 

(a) (b) 
Fig. 47 (a) View of the test setup; (b) LED grid used for the optical measurement system. 

 

(a) (b) 
Fig. 48 Drift protocols of the two quasi-static cyclic tests: (a) TW2; (b) TW3. 

2.3.1 Hysteretic behaviour and influence of lap splices 

The cyclic force-displacement responses of the test units TW2 and TW3 are depicted in 
Fig. 49, which also includes the load stages at which different observable physical events 
took place. Crushing and splitting cracks were identified by the occurrence of vertical 
cracks, the former occurring in the compression edge of the test unit and the latter taking 
place in the tensile side signalling a local bond-slip failure. Tab. 30 summarises the applied 
load and drift ratio at the occurrence of these events. Cover spalling was not clearly 
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observed when loading towards the flanged side (i.e., flange in compression). When loaded 
towards the edge without the perpendicular flange (i.e. flange in tension), the test unit TW2 
presented a stable hysteretic response until a lateral drift of -0.75% (LS17). Along the same 
direction of loading, a loss of strength capacity of almost 50% occurred in the following 

cycle to -1% (LS18→LS19), determining the failure of the member. Failure is herein 
assumed as a 20% drop in the lateral capacity. As expected, the test unit showed a more 
ductile response towards the opposite direction (flange in compression) due to the 
presence of the flange, and only showed signs of degrading force capacity above drifts of 

1.75% (LS19→LS20). 

 

(a) (b) 
Fig. 49 Hysteretic force-displacement response of test units: (a) TW2 (Note: the sudden 
drop occurring at a drift of around 1.25% was due to an emergency stop and it should be 
disregarded); (b) TW3. 

Tab. 30 Applied load and drift ratio at the occurrence of key events during the tests.  

TU Dir. Horizontal 
Cracking 

Spalling 
Peak 
Load 

Drift 
Capacity 

Splitting 
Crack 

Bar 
buckling 

Bar 
fracture 

Horizontal 
Cracking 

Spalling 
Peak 
Load 

𝑃 [𝑘𝑁] 𝜃 [%] 𝑃 [𝑘𝑁] 𝜃 [%] 𝑃 [𝑘𝑁] 𝜃 [%] 𝑃 [𝑘𝑁] 𝑃 [𝑘𝑁] 𝜃 [%] 𝑃 [𝑘𝑁] 

TW2 
N 475 0.10 - - 688 1.84 538 2.16 1.00 - 

S -559 -0.11 -759 -0.75 -759 -0.75 -607 -0.91 - - 

TW3 
N 455 0.10 - - 640 0.75 501 1.15 0.25 - 

S -471 -0.10 -763 -0.49 -763 -0.49 -610 -0.93 - -0.49 

𝜃: Lateral drift (ratio of horizontal displacement to height of application of horizontal load) 

The member response of TW3 was similar to TW2 when the flange was in tension, as 
shown in Fig. 49. Yet, when the flange was in compression, TW3 did not attain the same 
value of load capacity (7% less, as indicated in Tab. 30), and the strength degradation 
started at a smaller drift level (after a drift of 0.75%) resulting in a drift capacity reduction 
of almost 50%. The reason for this reduction is the presence of lap splices in TW3, which 
will be discussed in the following. For the loading cycles that tensioned the flange, the well 
distributed crack patterns on the two walls (near the flange side) were similar. Therefore, 
the following paragraphs will focus mainly on the distinct local member behaviour that 
occurred when compressing the flanged edge. 

TW2 formed well distributed shear-flexure cracks in the lower half of the wall, see Fig. 50 
(a). As loading progressed the width of all cracks increased approximately evenly, which is 
a desirable type of plastic hinge behaviour. The first incipient signs of bond-slip degradation 
along the continuous vertical reinforcement showed up in LS18 (corresponding to a drift of 
1.0%), through minor face-splitting vertical surface cracks at the edge without the flange. 
These cracks spread upwards and downwards (extending only for a couple of centimetres) 
from a few pre-existing horizontal cracks along the wall height. This is a major difference 
in comparison with TW3, as discussed subsequently. Fig. 51 (a) shows the final condition 
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of TW2 at the base of the non-flanged edge, which resulted from distributed concrete 
compression crushing above the base crack and rebar tensile fracture.  

 

(a) (b) 
Fig. 50 Crack pattern at 0.75% drift: (a) TW2; (b) TW3. 

 

                  (a)            (b) (c) 
Fig. 51 Base of the wall edge without flange in the last load stage: (a) TW2; (b) TW3; (c) 
Photographic evidence of bond slip failure in TW3 at LS16 (1% drift), after spalling of the 
corners. 

The behaviour of TW3 was governed by signs that highlighted the high stress demand on 
the concrete in the lap splice region: Fig. 49 (b) indicates that the first face-splitting vertical 
cracks at the edge without flange appeared at the early loading stage LS08 (corresponding 
to a drift of 0.25%). This should be compared with the incipient splitting cracks that 
appeared at 1% drift for wall TW2, see Fig. 49 (a). In TW3, at LS10 (0.35% drift), a clear 
side-splitting crack at the non-flanged edge extremity also showed up extending throughout 
approximately the height of the entire lap splice, see Fig. 52 (a).  

From cycles LS11 and LS12 onwards (0.5% drift), deformations of TW3 started to 
concentrate in the horizontal crack just above the lap splice (at around 220 mm above the 
foundation). No new cracks formed, and the pre-existing ones above the lap splices 
progressively reduced their width. This redistribution of stresses within the member 
associated to the localization of deformations is a consequence of lap splice failure. 
Concrete crushing localized in that same crack when loading was reversed and the wall 
was pushed towards the edge without flange. 

At LS16 (1% drift), following concrete cover spalling in the lap splice region, the large 
relative slip at the lower end of the splice could be observed visually, Fig. 51 (c). Tensile 
failure of bars along the large crack above the lap splice involved a combination of rebar 
fracture and lap splice failure, Fig. 51 (b). Bar rupture seems to have taken place when 

loading from LS17→LS18 (1.5% drift), when consecutive sounds of rebar rupture could be 
heard. At this value of lateral displacement the wall had already lost 20% of its force 
capacity—see point of failure depicted in Fig. 49 (b)—which further confirms that bond-slip 
was the triggering source of lateral load failure. Fig. 51 provides evidence on the influence 
of lap splices at member failure: in the wall without lap splices (Fig. 51 (a), TW2), damage 
(concrete crushing and rebar fracture) spreads along a height of around 300 mm, while in 
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the wall with lap splices (Fig. 51 (b), TW3) crushing initiates and concentrates at a single 
major crack above the web. Looking at the entire wall, Fig. 52 (c) confirms that damage 
concentrated in the lap splice region, while the remaining part of the member remained 
largely intact, contrasting with the equivalent view of unit TW2 in Fig. 52 (b). 

 

                  (a)            (b) (c) 
Fig. 52 (a) Occurrence of side-splitting crack along the lap splice height for TW3, at LS10 
(0.35% drift); Visual condition of the walls at last load stage before the end of the test, 
wherein both specimens were resisting approximately to 60% of the peak force: (b) TW2; 
(c) TW3. 

 

2.4 Inelastic cyclic response of lap splices in walls loaded in 
plane 

2.4.1 Influence of lap splices on cyclic wall performance from tests and field 
observations 

Based on the experimental findings in literature and the new tests presented above, this 
section addresses the effect of wall lap splices with regard to: (a) the location of the critical 
section within the wall and the displacement capacity of the wall, (b) failure modes of lap 
splice and the influence of a moment gradient, (c) force-displacement response of walls 
with lap splices, and (d) the axial load bearing capacity of walls after lap splice failure. 

a. Location of critical section and displacement capacity of the member. Field 
observations showed that lap splices often shift the critical section resisting to overturning 
moments and concentrate inelastic response. This was evident in the reported collapse of 
the chimneys during the 1999 (Turkey) and 2007 (Japan) earthquakes, as well as in several 
buildings in Chile and New Zealand after the earthquakes of 2010 and 2011. These notes 
from field reports are backed up by conclusions from experimental tests (Tab. 29), which 
show that lap splices in walls reduce the displacement ductility relative to that of a wall with 
continuous reinforcement. In walls designed according to modern detailing rules, which will 
require appreciable confinement of the lap splice, the plastic hinge is forced to relocate to a 
section above the lap splice, where damage will concentrate (e.g., in the form of concrete 
crushing and rebar buckling/fracture), leaving the lap splice region largely undamaged [11]. 
Shifting the plastic hinge to a section above the lap splice reduces the member ductility (as 
already previously observed for columns [81] and also increases the shear demand on the 
wall. For walls with lower horizontal reinforcement ratios (ρh < 0.25%) or shorter lap splices 
(ls < 40-45 dbl), damage generally first manifests in the form of splitting cracks along the lap 
splice length. As the imposed member displacement demand further increases, such bar 
slippage reflects in the build-up of horizontal cracks forming at the top and bottom of the lap 
splice. Finally, if the wall lap splice region is not adequately confined, a corresponding 
reduction of the splice deformation capacity is inevitable, and consequently the member 
flexural ductility capacity also diminishes. For cases of poor transverse reinforcement or 
short lap splices, the flexural yield member strength may not even be attained and a sudden 
brittle failure will occur.  

b. Failure modes of lap splices and influence of a moment gradient. Lap splices can fail in 
three modes, i.e. (i) tension failure, (ii) tension failure upon load reversal after concrete 
crushing in compression took place, and (iii) compression failure of the lap splice in 
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conjunction with crushing of the concrete. The latter is uncommon in walls (compression 
failure tends to initiate in the crack above the lap splice) but the two first modes have both 
been observed. When walls are tested under cyclic loads, it is often difficult to distinguish 
between these two modes. During quasi-static cyclic tests, the onset of formation of splitting 
or crushing cracks indicates whether failure of the splice initiated when it was in tension or 
in compression, respectively. It is noted that member failure due to lap splices does not imply 
that all rebars must fail through a bond slip mechanism. In fact, mix of bar fractures and 
splice failures were observed both in post-earthquake scenarios, such as in the Alto Río 
building in Chile [2], and in experimental tests, such as wall TW3 as depicted in Fig. 51 (b). 
The existence of a moment gradient (shear) over the lap splice length appears to be another 
fundamental aspect in the behaviour of walls. Although the presence of shear and therefore 
a gradient in tension force over the length of the lap splice is in principle beneficial to its 
performance (see discussion on factors affecting lap splice response in the next Section), it 
can lead to degradation of the lateral load capacity due to the occurrence of a single widening 
flexural crack just outside the high moment end; hence, closely spaced confinement should 
be extended to the neighbouring region whenever possible in design.  

c. Force-displacement response of walls with lap splices. The analysis of the cyclic force-
displacement responses of the wall specimens collected in the database, depicted in Fig. 67 
and Fig. 68 of the next Chapter, indicate that the failure of the outermost layer of lap splices 
typically signals a marked specimen strength degradation and can be hence assumed as 
member failure. The displacement corresponding to this onset of degradation, as observed 
from the experimental tests (Δdeg), is also indicated in the abovementioned figures. In Tab. 

28 the corresponding drift (deg), defined as the ratio between Δdeg and the specimen height, 
is reported. Pinching of the hysteresis curves after such onset of lap splice strength 
degradation are also evident in many tests, indicating bond deterioration and slip along the 
lap length, which is a type of behaviour that had been also observed in beam tests [75]. 
Additionally, past experimental programs on columns showed the large sensitivity of the 
post-peak branch to variations of the loading history [8].  

d. Axial load bearing capacity of walls after lap splice failure. Lap splice failure originates 
a rocking type of response that does not necessarily result in overturning [2,18]. However, it 
is believed that such type of lap splice response in relatively thin RC walls is not reliable 
because it is uncertain whether the wall base can endure the impacts associated with rocking 
(which can cause concrete crushing) and because a lateral out-of-plane shift of the wall can 
occur due to ground motion components in the perpendicular direction or due to torsional 
effects. Song et al. [2] name the same causes for the collapse of the Alto Río building in 
Chile. Conversely, in bridge piers that are typically wider than walls, the rocking response 
after lap splice failure might be rather stable [26]. Finally, in walls with insufficient shear 
reinforcement, a premature lap splice failure might precede a shear failure [26]. Lap splices 
might therefore act as a “fuse”, which prevents the loss of the axial load bearing capacity 
entailing from shear failure. 

2.4.2 Factors affecting lap splice strength and strain at degradation onset 

With a view to contribute to seismic modelling tools, the three following quantities define the basic 
corner points of an equivalent uniaxial stress-strain curve for lap splices of longitudinal reinforcement 
in cyclically loaded walls: 

a. Strength. Lap splice strength has been thoroughly addressed over the last decades and 
therefore its influencing factors are well known, particularly in the context of monotonic 
loading. Discussions and computation of lap splice strength are inseparable from the concept 
of bond stress, which plays a central role in most strength prediction models and code 
prescriptions. They are typically based on estimations of an average bond stress (averaged 
over bar lengths of at least 18 bar diameters). It is noted that local bond stresses, derived 
from measurements along shorter distances of one to three bar diameters [85] can be four 
to five times larger [67].  

b. Strain at degradation onset. Average strains within the splice length at the onset of 
degradation were seldom measured in past experimental tests. However, it is a fundamental 
quantity for the development of an equivalent constitutive model for lap splices. From 
analysis of experimental and numerical results (Chapter 3), it appears too conservative to 
assume that the strain corresponding to the onset of cyclic strength degradation corresponds 
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to the lap splice strength divided by the steel Young’s Modulus. Despite its relevance for 
simulation purposes, only few expressions could be found in the literature to estimate the 
strain capacity of lap splices [17–19], of which only one provided an expression for the 
maximum tensile strain that the lap splice can sustain [19].   

c. Residual strength and strain. Upon the onset of lap splice degradation, the strength of 
most test units with lap splices dropped sharply while for two test units the loss of strength 
was more gradual (TW3 and VK2). Post-peak response modelling is a delicate task as it 
requires challenging procedures to match numerical and physical localization issues 
[52,86,87]. This applies in particular to brittle deformation mechanisms such as lap splices, 
which are often characterized by steep softening slopes. Both under monotonic and cyclic 
loads, some resistance is maintained even at large values of bar slip due to friction and 
interface shear [67], which is however difficult to quantify.  

The derivation of expressions to estimate both lap splice strength and the strain at the onset 
of cyclic degradation relies on a correct identification of the corresponding governing factors. 
Many expressions are available in the literature to estimate the monotonic strength of lap 
splices since the corresponding influencing factors are well identified and there is sufficient 
experimental test data for calibration and statistical validation. It can be expected that most 
factors governing the monotonic strength also significantly influence the response under 
repeated or reversed cyclic loads. For what concerns the strain at the onset of degradation, 
scarcer experimental results are available. The governing parameters are therefore retrieved 
from regression analysis of the simulated wall database, which is detailed in Chapter 3. A 
summary of the determined key factors influencing both lap splice strength and strain at the 
onset of degradation is given in the following. 

Splice length 

Design and assessment codes assume an average (constant) bond strength for concrete 
that is estimated based on a number of parameters [67]. The lap splice length is not among 
them, which is at odds with the established decades-long observation that there is a 
nonlinear relation between splice length and splice strength [20,88]. In fact, under monotonic 
loading the effectiveness of a splice reduces with the increase in length as the bond stress 
throughout the length progressively changes from an approximately constant distribution to 
one wherein stress concentrates at the splice extremities [16]. Further, it is also known that 
this bond stress concentration is more pronounced for smaller diameters, and hence the ratio 
between the lap splice length and the bar diameter should be the controlling parameter. As 
stated in Song et al. [2], who used data reported by the ACI [89] and Seliem et al. [90], the 
monotonic unit bond strength of unconfined deformed bars with relatively small cover shows 
a clear inverse proportionality with the previously noted ratio. Canbay and Frosch [16] 
analysed a database of 203 beam tests containing lap splices in constant moment regions 
with splitting failure and estimated that splice strength is proportional to the square root of 
the ratio lap splice length-bar diameter. 

The extent to which the previous observations apply to cyclic response is still not clear. 
However, as discussed below, it is known that transverse confining reinforcement plays a 
fundamental role to ensure that longer lap splices perform well under cyclic loading. If an 
adequate confinement is not provided to prevent bond strength degradation, additional lap 
length is of little added value as yielding will quickly penetrate from one or both ends 
accompanied by progressive longitudinal splitting. Paulay [6] named this succession of 
events as an ‘unzipping phenomenon’. 

Lap splice length is also strongly correlated to the average lap splice strain capacity. This 
effect can be also observed at the member level regarding the drift δdeg at the onset of 
strength degradation, see Fig. 53 (a). As discussed in the next sub-section, the abscissa 
coordinate depicts the ratio between the lap splice length and the shear span, but it is the 
former variable that relevantly affects this trend. In contrast, the statistical correlation for the 
lap splice strain capacity does not improve when the ratio between the splice length and the 
rebar diameter is considered. 

Moment gradient 
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Most experimental tests to date have been carried out on lap splices in beam and column 
regions subjected to a constant moment [20]. When the effect of moment gradient was first 
studied under monotonic loading, some researchers proposed simple modifications for the 
splice strength to account for the ratio between the smaller and the larger stress at the two 
splice ends [88,91]. Others observed that, for tests below yield and from statistical analyses, 
the effect of moment gradient did not seem relevant enough to justify an inclusion in the 
developed expression for the bond strength [14]. 

As further experimental evidence accumulated, it became clear that a moment gradient 
along the lap splice was always unquestionably beneficial for splice performance. In fact, 
without shear (uniform moment), damage progresses from both ends of the splice 
potentiating its detrimental interaction. With increasing shear (and thus larger moment 
gradients), the failure initiates from the extremity with higher moment and the interaction 
between the two ends is reduced. The specimens with shear tested at Cornell University 
sustained unequivocally a larger number of cycles above 95% of yielding than the 
specimens under constant moment [4].  

Because lap splice tests with varying moment are difficult to interpret and provide larger 
estimates of bond strength [16], most available expressions for the prediction of lap splice 
strength do not account explicitly for the effect of the moment gradient. 

For RC walls with continuous longitudinal reinforcement, plasticity spreads along the 
member as the moment gradient decreases, enabling the member to achieve a larger 
ductility capacity. For many decades, most expressions for the plastic hinge length have 
thus reflected this effect, wherein the moment gradient is represented by the shear span 
[44]. As mentioned in the beginning of this sub-section, the moment gradient along the lap 
splice is also expected to influence its ductility. However, unlike for continuous longitudinal 
reinforcement, a larger moment gradient is now expected to increase the ductility capacity. 
This effect has been mentioned in recent wall tests with lap splices [9,10]. Because the 
member shear span only insufficiently reflects the effect of the moment gradient along the 
lap splice, the ratio between the lap splice length and the shear span should be considered 
instead, see Fig. 65 of Chapter 3. At the member level, the influence of this ratio on the drift 
at degradation onset δdeg is also apparent; see Fig. 53 (a). 

Finally, it is observed that this effect on lap splices in walls is expected to be possibly more 
detrimental than along column lap splices in ductile frames. In fact, whereas for the latter 
the shear span varies typically between half and the total storey height, the shear span at 
the wall base in a building with more than 4-5 storeys can be a multiple of the storey height, 
therefore inducing a close to uniform moment profile along the lap splice length.  

Transverse reinforcement 

Transverse (confining) reinforcement is the most critical factor in the response of lap 
splices, regarding both strength and strain at degradation onset. The effect of transverse 
reinforcement is particularly important after tensile splitting has taken place, since splitting 
planes inevitably cross layers of transverse reinforcement [17]. The tension stress in the 
hoops allows to transfer bond stresses between bars and concrete via a shear friction 
mechanism [17]. Transverse reinforcement delays yield penetration rate into the splice [4]. 
It has been shown experimentally that specimens with well-confined lap splices can sustain 
many cycles of repeated load up to a displacement ductility of at least two before failure 
[4,75].  

However, a large amount of transverse reinforcement can bring undesired consequences. 
By limiting yield penetration into the splice region, the plastic hinge length may reduce 
significantly. The curvature ductility required to attain the imposed lateral displacement will 
therefore increase, resulting potentially in large steel strains, excessive strain hardening 
and possible fracture of longitudinal reinforcement [6]. Conversely, and alternatively, 
splices detailed according to modern codes can force wall damage to occur at the top of 
the splice, thus relocating the critical section and reducing the member drift capacity 
[11,81]. 
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Based on tests of four columns subjected to monotonic tensile loading and four columns 
under severe load reversals, Aristizabal-Ochoa et al. [92] concluded from strain 
measurements in transverse reinforcement that hoops at the ends of the splice are more 
effective than interior hoops in confining the lap splice and that an insufficient amount can 
lead to a reduction in deformation capacity and strength. This observation is coherent with 
the previous comment regarding the concentration of bond stress at the extremities of long 
lap splices under monotonic behaviour. However, as discussed in ACI [67], the 
comprehensive research carried out at Cornell University [71,72] observed that the bursting 
forces tended to distribute uniformly along the lap splice as yield penetration progressed, 
concluding that uniform stirrup spacing provides the most effective confinement for cyclic 
loading, which confirmed the early studies by Muhlenbruch [93]. These observations seem 
to indicate that cyclic loading contributes to ‘smooth’ the rebar strain and stress demands 
along confined lap splices, hence supporting the use of an equivalent steel constitutive 
model for the entire region.  

Fig. 65 (b) in Chapter  3 shows that the average lap splice strain capacity correlates strongly 
with the confinement reinforcement. At the member level, the displacement at the onset of 
lap splice degradation is also clearly correlated with the confinement reinforcement ratio, 
as shown in Fig. 53 (b). A possible justification is the increased significance of the shear 
friction component after splitting cracks have formed, enabling the transfer of forces 
between two spliced bars and a more efficient yield penetration along the lap splice without 
sudden strength degradation [17]. This comes in line with the consideration that the 
frictional mechanism in the post-yield range represents an important contribution. In 
particular, low levels of strains at degradation onset were observed for those specimens 
that presented no stirrup branches between the lap splices and the side or face surfaces 
(or both), i.e. when at least one splitting crack could freely develop from the rebars to the 
surface.  

Concrete cover, longitudinal bar spacing and diameter 

All the specimens summarised in Tab. 28 with lap splice degradation developed splitting 
cracks. The occurrence of this failure mode (instead of pull-out) can be mainly ascribed to 
the fact that all specimens had a concrete cover less than 2.5 bar diameters. In the 
presence of closely spaced stirrups, splitting brings about an increase in ductility and 
energy absorption, facilitating a redistribution of forces and a nearly constant bond stress 
along the splice [4,17]. 

Concrete cover, bar spacing and diameter are directly taken into account for the 
computation of the lap splice strength. However, they do not have a clear influence on the 
strain capacity at degradation onset, possibly because they vary within a narrow range for 
most of the walls in the database. Fig. 53 (c) shows that, also at the member level, the drift 
at degradation onset δdeg is not sensitive to the clear face cover of reinforcing bars. 

Cyclic loading 

The tests at Cornell University [4] showed that repeated loading and the number of load 
cycles have little effect on lap splice behaviour if the load level is below approximately 75% 
of the monotonic capacity. However, when not appropriately confined, the rate of bond 
deterioration in lap splices increases rapidly even for a few cycles close to yield, also 
because excessive compressive strains will cause microcracks that will in turn reduce the 
tensile concrete strength [17]. To overcome this problem, Paulay [6] and Sivakumar et al. 
[74] proposed rules for adequate design of confining reinforcement, and demonstrated 
experimentally that they allow lap splices to safely sustain cycling up to 95% of its ideal 
flexural strength, and even to perform satisfactorily in the inelastic range for many cycles 
of low ductility demands.  

It is also well known that fully reversed cyclic loads are significantly more unfavourable to 
lap splice performance than repeated unidirectional loads, which can be readily explained 
by the progression of physical damage induced by cyclic loads. The beam tests carried out 
by Sparling and Rezansoff [75] are exemplary illustrations of this effect: although a well-
confined reference unit tested under monotonic loading reached 123% of the yield load at 
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a displacement ductility of 4.37 and an identical beam loaded under repeated unidirectional 
loads sustained 579 cycles between 109% and 130% of the yield load up to a ductility of 
3.91, the specimens that were subjected to reversed cycling at 109% of the yield load 
resisted only to 56-175 cycles failing at considerably smaller ductilities of 2.04-2.87.  

The previous observations suggest that the error associated with using existing 
expressions for monotonic splice strength to estimate the capacity of specimens under 
seismic loading is acceptable. The comparison of the experimental data and the results of 
the numerical simulations in Chapter  3 confirms that, for the loading protocols imposed in 
the wall tests performed at EPFL, such hypothesis is valid and will thus be adopted. 

Other factors  

Bond strength before the development of splitting cracks is directly related to the tensile 
strength of concrete, which in turn is often expressed as a function of the compressive 
strength. The relatively small size of the wall database combined with the narrow range of 
concrete compressive strengths of the test units, depicted in Fig. 45, did not allow to draw 
any conclusions with regard to the possible influence of this variable on the strain at 
degradation onset.  

Other factors influencing lap splice behaviour [67] are not herein addressed due to space 
limitations and also because they fall outside the scope of the present study. Among them, 
the wall length appears to be of possible relevance since the regression analysis of 
computed strains at degradation onset showed that these values tend to be larger for longer 
walls. This dependency can perhaps be explained by an increasing relevance of the shear 
deformation mechanism for longer walls after flexural stiffness drop due to rebar yielding 
and progression of splitting cracks, which would thus delay the occurrence of strain 
degradation at lap splices. Nevertheless, as most of the members in the database have 
lengths in the reduced band of 1-1.5 m, it was preferred to neglect such parameter and 
thus to not extrapolate the relation for larger (more realistic) values of wall lengths. Other 
influencing factors on the lap splice strength and possibly on the strain at degradation onset 
include the relative rib area (namely smooth vs ribbed bar), casting position, concrete 
vibration, reduction of bond strength due to epoxy coating [94], type of concrete [43], 
corrosion level, presence of alkali-silica reactions, temperature, effect of steel or polymer 
fibres in concrete, etc. 

 

                  (a)            (b) (c) 
Fig. 53 Linear regression of experimental data relating drift at onset of strength degradation 
with: (a) Ratio between lap splice length and shear span; (b) Confining reinforcement ratio; 
(c) Clear face cover of reinforcing bars. 

2.5 Conclusions  

Field evidence collected after recent earthquakes has shown that the cyclic inelastic 
response of many RC wall structures was adversely affected by the presence of lap splices, 
including cases in which such structures were designed according to modern codes. A 
number of experimental programmes were launched during the last years to better 
understand the full extent to which such constructional detail affects the inelastic cyclic 
performance of walls. The present Chapter collected and systematized the results of such 
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tests, which are constituted by 16 walls with lap splices and 8 reference units with 
continuous reinforcement. They include a recent test campaign performed at the structural 
laboratory of EPFL involving two large-scale walls (one with and one without lap splices). 
The latter complement the existing tests by investigating a member with a large lap splice 
length to shear span ratio, which allowed to investigate the influence of the moment 
gradient on the lap splice performance.  

The assembled database allowed for identification the factors that most crucially influence 
the displacement ductility of walls with lap splices. This aspect, of fundamental relevance 
in seismic engineering applications, has not been object of extensive studies in the past, 
which focused mainly on the determination of the strength of lap splices. The displacement 
ductility of members with lap splices was shown to be mainly affected by the confining 
reinforcement, moment gradient, lap splice length, and loading history. They are used in 
Chapter  3 to derive an expression to estimate the strain at the onset of splice degradation.
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3 Equivalent Uniaxial Lap Splice Constitutive 
Law for the Simulation of Spliced RC Walls 

This Chapter presents a uniaxial, equivalent steel constitutive law for lap splices, which can 
be used in shell element models to simulate the behaviour of spliced RC walls. It represents 
the post-print version of the article:  

D. Tarquini, J.P. Almeida, O. K. Beyer, 2017. “Influence of lap-splices on the cyclic inelastic 
response of reinforced concrete walls. II: Shell element simulation and equivalent uniaxial 
model”, ASCE Journal of Structural Engineering 143 (12), DOI: 10.1061/(ASCE)ST.1943-
541X.0001859. 

Figures and tables formatting, reference-, section-, and equation- numbering were adapted 
to the style of this document. 

Abstract 

Spliced longitudinal reinforcement may result in a reduction of both strength and 
displacement capacity of reinforced concrete (RC) members. This applies in particular if 
lap splices are located in regions where inelastic deformations concentrate, such as the 
plastic zone at the base of RC walls. The present Chapter introduces a simple numerical 
model suitable for engineering practice to simulate the force-displacement response of RC 
walls with lap splices. Based on experimental data from 16 test units, an equivalent uniaxial 
steel stress-strain law is proposed that represents the monotonic envelope of the cyclic 
response of spliced rebars in RC walls up to the onset of strength degradation. It allows to 
model lap splice response with finite element models while avoiding the use of complex 
interface bond-slip elements. A new semi-empirical expression for the strain at the onset 
of strength degradation is derived, which expresses the strain capacity of the lap splice as 
a function of the confining reinforcement ratio and the ratio of lap splice length to shear 
span of the wall. The proposed equivalent constitutive law was included in shell element 
models to predict the force-displacement response of the above set of RC walls. Results 
demonstrated the ability of this approach to adequately capture the peak strength and 
displacement capacity of the spliced units. 

3.1 Introduction 

Most performance-based assessment approaches are based on the comparison between 
the structural displacement capacity and the expected demand. In new reinforced concrete 
(RC) structures, the capacity design philosophy [44,95] ensures that the response is 
governed by a ductile flexural mechanism.  Estimating the displacement capacity of existing 
structures is a more challenging task since a large number of failure modes and 
deformation components need to be considered [96]. In particular, the displacement 
capacity of a structural member can be substantially reduced by detailing deficiencies such 
as insufficient shear reinforcement, insufficient confinement of boundary elements or the 
presence of poorly detailed spliced longitudinal reinforcement.  

This Chapter addresses the detrimental effect of lap splices in the cyclic behaviour of RC 
walls which may adversely affect the overall structural seismic response. While the force-
capacity of lap splices has been extensively studied in the past, their deformation ductility 
was only addressed in a limited number of models. They were all developed in the 
framework of plastic hinge analysis and will be herein reviewed. The present work aims at 
complementing previous studies by proposing a new equivalent steel stress-strain 
relationship for the behaviour of spliced rebars in RC walls. It can be used in numerical 
simulations avoiding the need for complex interface bond-slip models in finite element 
analysis (typically required to account for the slip of the reinforcement with respect to the 
surrounding concrete), resulting thus in a suitable tool for engineering practice. The 

https://doi.org/10.1061/(ASCE)ST.1943-541X.0001853
https://doi.org/10.1061/(ASCE)ST.1943-541X.0001853
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entailing monotonic constitutive model, intended to be an envelope of the cyclic response 
of lap splices up to the onset of strength degradation, is built from two defining points 
representing an equivalent yield and an ultimate condition. The yield point is related to the 
lap splice strength, for which the existing large number of literature proposals are first 
reviewed and subsequently applied to the spliced RC walls of the database—16 walls with 
lap splices plus 8 reference units with continuous reinforcement—collected in Tab. 28. The 
ultimate strain capacity describes instead the point of strength degradation onset triggered 
by the presence of lap splices in the structural member and is obtained from regression 
analysis of the response of the 16 spliced units. Finally, the validation of the proposed 
equivalent constitutive law is carried out by combining it with shell element models to 
estimate the force-displacement response of the complete set of RC walls. 

3.2 State-of-the-art models for lap splice behaviour 

The majority of previous studies on lap splice response concentrated on lap splice strength 
rather than lap splice deformation capacity. The latter was mainly addressed by means of 
plastic hinge models, for which moment-curvature relationships were adapted to account 
for the reduction in deformation capacity due to this constructional detail.  

Existing finite element simulations of the full monotonic or cyclic behaviour of members with 
lap splices typically employ local bond-slip laws that have been developed for isolated 
anchored rebars, which is an effort in progress since the initial thriving phase of the finite 
element method back in the late 60s / early 70s [97,98]. Currently, the most well-known 
and widely employed model to describe the hysteretic response between bond stress and 
slip in an anchored bar failing by pull-out is the one proposed by Eligehausen et al. [85]. 
Cyclic bond-slip models for splitting failure (i.e., for bars with small concrete cover, such as 
in RC walls) are scarcer [67], but a few recent proposals have addressed this gap [99–
102]. 

3.2.1 Lap splice strength: literature review and application to wall database 

Several expressions have been proposed to compute the bond strength of spliced bars. 
Most of the available models aim at predicting the strength of single lap splices under 
monotonic loading and are based on estimations of an average bond stress. They were 
obtained either from regression analyses of experimental test data [14,15,103–107] or, 
more recently, using physically-based principles of tension cracking of concrete [16,17]. 
Expressions derived from regression analysis of experimental tests under cyclic loading 
are also available in the literature, as those of Biskinis and Fardis [82] and Sakurada et al. 
[108]. In the following paragraphs a qualitative overview of the abovementioned models is 
presented.  

The first proposal for the strength of tension lap splices, based on a nonlinear regression 
analysis of results from beam tests under monotonic loading, is the one by Orangun et al. 
[14]. This equation, which forms the basis for the bond requirements of the current ACI 318 
Building Code [43], reflects the effect of splice length, cover, spacing, bar diameter, 
concrete strength, and amount of transverse reinforcement on the strength of anchored 
bars. A similar expression for compression lap splices under monotonic axial loading was 
proposed by Cairns [106]. The parameters that influence the behaviour of tensile lap splices 
play similar roles in compression splices but their relative importance changes. Namely, 
with respect to tension splices, the significance of transverse steel increases while the 
influence of concrete cover and bar size decreases. Sozen and Moehle [105] proposed a 
simple lower-bound equation for the maximum tensile unit bond strength of anchored and 
spliced bars. Besides concrete cover, bar spacing, amount of transverse reinforcement and 
concrete strength, the influence of casting position and epoxy coated bars was also taken 
into account. More recently, Esfahani and Rangan [109] also presented an expression for 
the estimation of the bond strength of tension lap splices for both normal and high-strength 
concrete. It was initially introduced for the unconfined case and later extended to account 
for transverse reinforcement [104]. One of the most commonly used predictive equation 
built on regression analysis of monotonic experimental data is the one provided by Zuo and 
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Darwin [15], which forms the basis for bond recommendations given by the ACI committee 
408 [110]. The latter expresses the splice strength of bottom cast uncoated bars as a 
function of member geometry, concrete strength, relative rib area, bar size, and 
confinement exerted by both concrete and transverse reinforcement. An improvement of 
this model was proposed by Ichinose et al. [103] whom, based on experimental data on 
pull-out and lap splice tests, modified the original equation to account for size effect. The 
revised expression suggest a large size effect for splices with small cover and short splice 
length—where brittle failure is expected—and a small size effect for splices with low rib-
height bars and high confinement—where ductile failure is likely. Based on a semi-
empirical approach, an alternative formulation for the bond strength of spliced bars—
included in fib Model Code [111]—was proposed by Lettow and Eligehausen [107]. This 
category of methods consists in using numerical results (from experimentally validated 
models) to calibrate the proposed analytical equations.   

To the author’s knowledge there are only three models for lap splice strength currently 
available in the literature, based on statistical regression analyses, which are backed by an 
experimental database including cyclic loading tests: namely the one of Sakurada et al. 
[108], Cho and Pincheira [112] and Biskinis and Fardis [82]. The first, using results from 
sixteen beam specimens subjected to reversed cyclic loading tests, proposed an equation 
for the unit bond splitting strength depending on rebar diameter and spacing, amount of 
lateral reinforcement, and concrete strength. The second, using a database of 14 column 
tests under reversed cyclic loading, suggested a modification of the equation for lap splice 
strength available in FEMA 356 [113]. Finally the third, built on a semi-empirical approach 
and stemming from a large database composed of beams and columns, proposed an 
expression where the only parameters involved are the lap length, rebar diameter, and 
material strengths.  

As mentioned in the first paragraph of the present section, models with a theoretical 
mechanical basis were also developed. The first one, introduced by Priestley et al. [17], 
estimates the strength of lap splices from considerations on the failure mechanisms and is 
applicable for circular and square beams and columns. The second, developed by Canbay 
and Frosch [16], is built on a physical model of tension cracking of concrete in the lap-
spliced region. Two different types of failure modes are considered: horizontal splitting that 
develops at the level of the bars (side-splitting failure), and vertical splitting that develops 
along the bar on the face cover (face-splitting failure). The final equation of the lap splice 
strength includes also a term that accounts for the presence of confining reinforcement and 
it was validated against a database of beam tests with lap splices in the constant moment 
region, which were loaded monotonically. 

Tab. 31 lists the results in terms of lap splice strength fs obtained by the application of the 
most relevant models, among those described above, to the database of RC walls with lap 
splices.  The diverse models produce sensibly different results, with a mean and maximum 
coefficient of variation for the computed lap splice strengths of 12.4% and 19.3% 
respectively. The table also indicates how the predicted values of fs compare with the steel 
yield and ultimate stresses (fy and fu): when fs < fy, lap splice failure is expected before 
yielding of the longitudinal rebars. This feature should be accounted for in an equivalent 
steel stress strain model for the characterization of the lap splice behaviour. 

Tab. 31 Lap splice strength predicted according to different models.  

Test Unit 
Orangun 

et al. (1977) 

Priestley 

et al. (1996) 

Zuo and 

Darwin (2000) 

Canbay and 

Frosch (2005) 

Eligehausen 

and Lettow (2007) 
C.o.V 

            

 fs fs > fy fs fs > fy fs fs > fy fs fs > fy fs fs > fy  

 [MPa] [-] [MPa] [-] [MPa] [-] [MPa] [-] [MPa] [-] [%] 

TW3 1026 ✓ 987 ✓ 1188 ✓ 669 ✓ 901 ✓ 17.8 

VK2 774 ✓ 897 ✓ 700 ✓ 691 ✓ 627 ✓ 12.5 
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VK4 776 ✓ 900 ✓ 701 ✓ 692 ✓ 627 ✓ 12.6 

VK5 736 ✓ 853 ✓ 678 ✓ 672 ✓ 611 ✓ 11.5 

PW2 986 ✓ 838 ✓ 904 ✓ 1159 ✓ 820 ✓ 13.1 

RWS A-A 895 ✓ 844 ✓ 1062 ✓ 815 ✓ 894 ✓ 9.5 

RWS E-E 1240 ✓ 1092 ✓ 1181 ✓ 1189 ✓ 906 ✓ 10.5 

W1/2 646 ✓* 714 ✓ 526 ✓* 544 ✓* 505 ✓* 13.6 

CW2/3 343  374  428  349  393  8.2 

W-MC-60C 969 ✓ 891 ✓ 882 ✓ 968 ✓ 801 ✓ 6.9 

W-MC-40C 681 ✓ 598 ✓* 645 ✓* 736 ✓ 655 ✓* 6.8 

W-MC-60N 1012 ✓ 930 ✓ 753 ✓ 817 ✓ 743 ✓ 12.3 

W1* 277  415  393  315  480 ✓* 19.2 

fs : computed lap splice strength;  fy : rebar yield strength;  fu : rebar ultimate stress;   
✓:  fs >  fu :  fs <  fu ✓*:  fy  < fs <  fu 

12.4 

3.2.2 Deformation capacity of lap splices 

Although reliable estimations of the lap splice strength are required for structural 
assessment, the simulation of the available member ductility is a no less important 
parameter for seismic evaluation. When splices are short and unconfined, the yield strength 
of the lapped rebars cannot be achieved and premature failure is reached [77–80]. If an 
adequate lap splice length is adopted as indicated based on experimental observations, 
the yield strength may be reached but a non-ductile response is still expected if the level 
of confinement remains low [6]. Further, in this situation, repeated cyclic loads above 75% 
of the yield strength may likely lead to failure [4,75]. Finally, if splices are additionally well 
confined, not only the yield strength can be developed but also a degree of ductility is 
attainable [5,11]. Since splices mainly rely on force transfer by steel-concrete bond, which 
is an intrinsically brittle deformation mechanism that can be quickly exhausted, such 
displacement ductility capacity will be always lower than the ductility capacity of a 
continuous rebar, particularly under the effect of cyclic loads (as demonstrated in Chapter 
2). Nevertheless, for the assessment of existing structures such contribution to the inelastic 
deformation can be relevant and should not be neglected (it will be subsequently shown 
that appreciable strains at the onset of degradation, in the order of 3.5%, can be reached). 

3.2.3 Plastic hinge models for members with lap splices 

Plastic hinge models are a common approach to predict the response of RC members. 
Several researchers have therefore proposed moment-curvature relationships to be used 
in conjunction with plastic hinge models that account for the presence of lap splices. 
Priestley et al. [17] modify the moment-curvature relationship of members without lap 
splices as follows: firstly it is checked whether the maximum equivalent tension stress in 
the rebar, derived from the computed lap splice strength, is less than the yield stress. In 
such case, a reduced moment capacity (Ms) is calculated, after which a post-peak branch 
begins. If the lap splice strength is sufficient to reach the nominal moment capacity (Mn), 
the latter is kept constant up to a curvature corresponding to a maximum fibre compression 
strain εc = 0.002, which is then followed by a post-peak branch. The proposed softening 
branches for both cases are rather gradual, but the authors acknowledge the small 
database from which they were derived. The rationale behind the adoption of compression 
strain limits is related to the formation of longitudinal splitting cracks which reduce the 
concrete resistance in compression and, consequently, in tension. Hannewald [18], who 
also adopted compression strain limits in the context of plastic hinge analyses of three wall 
specimens with lap splices, observed that the previously mentioned value of εc = 0.002 was 
a rather conservative bound. Instead, the strain at peak stress for confined concrete (εcc) 
suggested by Mander et al. [114] was seen to provide better results, after which a sudden 
strength drop was assumed. A model accounting for tension failure of lap splices was 
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proposed by Biskinis and Fardis [19,115], who suggested steel tensile strain limits (εsu,l) for 
the outermost lap-spliced rebars. The strain limits were derived to fit the ultimate chord 
rotation (corresponding to a 20% drop in the member lateral resistance) as obtained from 
tests of columns and beams. Walls were not included in their database since most tests on 
walls with lap splices were carried out after the publication of the research. The moment-
curvature (M-ϕ) relationships of the abovementioned plastic hinge models accounting for 
the reduced deformation capacity of spliced RC members are qualitatively depicted in Fig. 
54. 

 

Fig. 54 Existing proposals for the evaluation of the deformation capacity of spliced RC 
members (to be used with the corresponding plastic hinge model). 

The estimation of the residual strength, intended as the force level that the lap splices can 
sustain without failing for large slip values, is comparatively more challenging and there are 
no dependable conclusions on this issue. Priestley et al. [17] suggest to compute a residual 
moment (Mr) from the maximum eccentricity of the normal force within the core concrete, 
while other sources propose residual bond strengths ranging between 0% and 40% of the 
maximum strength, depending on the provided confinement [111]. Following the 
experimental work by Bimschas [24] and Hannewald et al. [26], Hannewald [18] stated that 
it does not seem reasonable to assume a slow cyclic strength degradation in between the 
onset of splice failure and a larger ductility at which the residual capacity is reached, unlike 
what other researchers had suggested [17,19].  

3.2.4 Finite element simulations of members with lap splices 

This section summarises studies in which the behaviour of RC members with lap splices 
was addressed with finite element simulations. Within this framework the use of lumped 
plasticity models for lap splice lengths larger than 25-30 diameters may be debatable since 
it becomes challenging to decide on the longitudinal reinforcement ratio to be assigned to 
the plastic hinge (single or double, see subsection on “Modelling Lap Splices as Double 
Reinforcement” for further details) and because the location of the plastic hinge may not 
be straightforward (at the wall base or above the spliced region). However, for short lap 
splices (ls < 25 dbl), lumped plasticity models appear to be a valid modelling option. Cho 
and Pincheira [112] used rotational bond-slip springs combined with beam-column models 
to simulate the response of column members. 

Xiao and Ma [28] proposed a numerical model to obtain the monotonic force-displacement 
response of columns taking into account the deformation due to bond-slip in lap-spliced 
longitudinal rebars. It corresponds to a modified plastic hinge analysis—wherein bond links 
are assumed for all the lap splices above the hinge length—involving iterations to achieve 
equilibrium between bond and tensile force. A constitutive bond-slip law based on a form 
of Popovics' equation [116] and accounting for the effects of confinement is assigned to 
the links. The same relation was adopted by Binici and Mosalam [29] to compute an 
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effective steel stress taking into account bar slip, based on the assumption of a linear 
distribution of bond stresses along the lap splice length of both the starter and the spliced 
bar, and a decomposition of the total steel strain into slip strain and mechanical strain. 
These strain components are computed iteratively to satisfy equilibrium of stresses along 
the splice region and the bond stress-slip relationship. The same authors implemented the 
resulting model in a nonlinear analysis program with displacement-based frame elements 
with cross-sectional fibre discretization, which was later expanded to include cyclic lap 
splice behaviour as well as a hysteretic damage component [117]. 

The concept of strain decomposition, together with idealized bond stress-slip relationships, 
was applied by other authors to develop truss elements [118,119] or bars with additional 
degrees of freedom to express the relative slip between steel and concrete [120]. They 
were incorporated in refined finite element models to simulate the response of columns 
with lap splices. Finally, Chowdhury and Orakcal [30] included bond-slip behaviour in a 
fibre-based flexural macro-model to simulate the cyclic response of RC columns with lap 
splices. 

3.3 Detailed finite element models for response of walls with lap 
splices 

3.3.1 Description of nonlinear shell models 

All 24 walls of the collected database were modelled using the nonlinear finite element 
software VecTor2 (V2) [34] developed at the University of Toronto, which is based on the 
Modified Compression Field Theory [51]. All the defined models, although different in 
geometry, materials, applied loads and reinforcement content, share the following features: 

 The RC walls are modelled as cantilever walls; an incremental lateral displacement Δ 
is imposed (pushover) at the shear span height and, where present, a constant axial 
load N is applied. For the cases in which, due to the particular configuration of the test 
setup, the tested specimens represent only a portion of the actually imposed shear span 
(i.e. TW2, TW3, PW2, PW4, CW2, CW3), a fictitious stiff collar is introduced to bridge 
the remaining part of the shear span up to the point of application of the imposed 
displacement. 

 Foundation and top loading beam belonging to the test setup were explicitly included in 
the models. Since no damage is expected in those regions, large tensile and 
compressive strengths (≈100 MPa) were assigned to the corresponding concrete 
material. In order to achieve a realistic simulation of the confinement effect provided by 
the foundation to the wall, the concrete elastic stiffness was, however, not enhanced 
(this model stiffness homogeneity also help promoting numerical convergence).  

 Two different element types were employed for the structure discretization: plane stress 
rectangles and discrete truss bars. The former were used to simulate the joint behaviour 
of the concrete matrix and the horizontal reinforcement, using a smeared approach. The 
latter, instead, served to simulate the longitudinal reinforcement. The truss elements 
shared the same nodes as the RC elements. For walls with lap splices the effect of bond 
on the lap splice behaviour was included by employing an equivalent stress-strain law 
in the truss elements of the lapped region; this model is derived in the next section. 
Such an implicit way of accounting for the bond-slip effect avoids the use of specific 
bond-slip elements (e.g. link or interface elements), which would simultaneously 
increase the computational demand and decrease the numerical stability (e.g. 
convergence issues) of the FE model. Instead of using truss elements with perfect bond, 
the vertical reinforcement could have also been modelled as smeared reinforcement.  

 Default VecTor2 settings concerning material models were adopted, which included: 
Hognestad [121] and Modified Park-Kent [122] models for the pre-peak and post-peak 
concrete in compression respectively, linear elastic response before cracking with post-
cracking tensile stress equal to zero for concrete in tension. Strength and ductility 
enhancement due to confining reinforcement was calculated according to a combination 
of the models proposed by Kupfer et al. [123] and Richart et al. [124]. The Mohr-
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Coulomb criterion is used to determine the failure shear stress, which is computed 
according to the Modified Compression Field Theory (MCFT) [51]. For the reinforcing 
steel the model proposed by Seckin [125] including the Bauschinger effect is employed. 
The following modifications were made to the default models: (i) tension stiffening and 
softening were disregarded since their use showed to provide, for all RC walls, stiffer 
and stronger responses with respect to the experimental force-displacement curves—
as also observed by Almeida et al. [52]; (ii) the model proposed by Palermo and Vecchio 
[53,54] and suggested by Palermo and Vecchio [55] and Pugh [56] is used for the 
hysteretic behaviour of the RC elements. Although all the structures in the analyses 
were loaded monotonically up to failure, partial unloading and reloading may occur at 
the material level. It was observed that, when compared with simulations employing the 
default hysteretic model [57], the model by Palermo and Vecchio [53,54] lead to 
appreciable improvements in the global F-Δ predictions.  

Fig. 55 displays as an example the mesh discretization of the specimen TW3 tested at the 
structural laboratory of EPFL. As discussed above, the displacement is applied at the wall 
cantilever height (i.e. at the shear span height) which does not correspond necessarily to 
the height of the displacement imposed in the experiment. The truss bar elements in the 
lap splice zone are depicted within a black dashed line box in a lighter shade of grey; as 
later clarified, those are the elements to which the developed equivalent lap splice 
constitutive law will be assigned. For the entire set of test units, the material properties as 
well as the geometrical features and reinforcing layout are presented in Tab. 28 and Fig. 
45. 

 

Fig. 55 Representation of shell and truss element mesh of wall TW3 using FE software 
VecTor2 [34]. 

3.3.2 Local-level validation of the shell element model up to the onset of lap 
splice degradation 

The finite element model presented herein for the simulation of the force-displacement 
response of spliced RC walls builds on the definition of an equivalent constitutive model for 
the lap splice behaviour up to the onset of structural strength degradation. In order to 
calibrate such a relation, information on local deformation quantities (namely vertical 
strains) from the collected database of members with lap splices is required. Due to the 
limited amount of available strain data (only 9 out of the 16 RC walls with lap splices were 
duly equipped to measure strains attributable to bond slip of lap splices), a semi-empirical 
approach was followed and the required local quantities were assembled as outcomes from 
advanced numerical models.  

In order to justify the use of the abovementioned technique, the reliability of the strain 
predictions originating from the finite element models described in the previous sub-section 
need to be validated. To accomplish this goal, the vertical strains obtained from the 
numerical models are compared against the measured local experimental results from 

Δ

Δ
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specimens TWs and VKs; the former were tested directly at EPFL while the latter were 
tested partly by Bimschas [24] and partly by Hannewald et al. [26]. In all these test series, 
experimental strains were derived from LED measurements. For each couple of companion 
walls (TW2 vs. TW3, VK1 vs. VK2, VK3 vs. VK4 and VK6 vs. VK5), the comparison 
between numerical and experimental strains was carried out up to a level of displacement 
that corresponded to the onset of strength degradation induced by the failure of the lap 
splices in the units that featured such constructional detail (TW3, VK2, VK4 and VK5). After 
the latter displacement level, softening of the force-displacement curve takes place, leading 
to complex phenomena of localized deformation. Since the equivalent model proposed in 
this work is not intended to simulate this post-peak range of response, the results beyond 
the onset of degradation are intentionally disregarded. 

Fig. 56 shows the strain maps derived from experimental measurements for test units TW2 
and TW3 at a displacement level Δ = 16.5 mm, which corresponds to the onset of strength 
degradation for wall TW3. The dimensions of the LED mesh employed to calculate the 
experimental strains were intentionally selected such that the bottom mesh layer included 
the main deformations resulting from bond-slip occurring in the lap splice region (i.e. the 
horizontal cracks developing immediately above or below lap splices were considered as 
well). This choice was driven by the fact that finer meshes would depict strain 
concentrations (where major cracks formed) that cannot be numerically simulated by a 
model that accounts simultaneously for both mechanical and bond-slip straining. Only the 
positive loading direction (towards the flange side) is considered for this validation 
procedure since this is the direction where lap splices failed in tension. The observed 
vertical strain distributions in both test units (TW2 and TW3) are similar throughout the wall 
surface. Namely, in the element rows that include the lap splice region (i.e. the bottom 
layer), negligible differences in the order of 5% can be observed between the two test units. 
This latter remark is of particular importance for the development of the proposed 
equivalent lap splice model, as it will be clarified later. 

 
(a) (b) 

Fig. 56 Vertical strain map from experimental measurements at Δ = 16.5 mm: (a) RC wall 
TW2 (b) RC wall TW3. 

The shell element model of walls TW2 and TW3, labelled V2 cont. reinf., assumes 
continuous vertical reinforcement with as-tested mechanical properties along the entire 
specimen height. This modelling choice does not account explicitly for the lap splices 
present in TW3. The hypothesis made in the present work and supported by the 
experimental evidences discussed in the previous paragraph (i.e. comparable strain 
demands between TW2 and TW3) is that the behaviour of a lap splice, until the onset of 
strength degradation, can be on average approximated by that of a single continuous rebar 
to which the unmodified stress-strain steel model is assigned. This is possible since the 
computed lap splice strength fs is larger than the yield strength fy of the rebars (see Tab. 
31). For walls where the splice strength is smaller than the rebar yield strength, the 
assumption above is no longer valid and the proposed equivalent steel model will be 
adjusted accordingly in the next section. The strain distributions predicted by the 
abovementioned shell element models for the same displacement level at which the 
experimental strains were evaluated (onset of splice strength degradation) are displayed 
in Fig. 57. 
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The strain distributions obtained from the FE models at the onset of degradation 
satisfactorily approximate the experimental ones observed for both walls TW2 and TW3 in 
Fig. 56. In fact, as discussed in Almeida et al. [52], differences of the order of several 
hundred percent can be obtained in the evaluation of strain quantities of a RC member for 
different modelling techniques, even if based on the same materials constitutive law. The 
numerical model proposed in this Chapter, as shown later, yields relative errors in strain 
prediction that are consistently smaller than 50% in the plastic hinge zone, with an 
agreement that tends to improve for regions of the wall that remain in the elastic domain. 

 
(a) (b) 

Fig. 57 Vertical strains map from numerical simulations at Δ = 16.5 mm: (a) RC wall TW2 
(b) RC wall TW3. 

Observations on the experimental tests of the selected database indicate that the global 
strength degradation of RC walls is typically triggered by the tensile failure of the outermost 
layer of lap splices. The ability of the numerical model to simulate the previous finding was 
checked by averaging the vertical strains in the left corner membrane elements of the 
models of Fig. 57 along a total mesh length similar to the one used for the experimental 
results shown in Fig. 56. The results in terms of relative error between the numerically 
predicted and the experimentally observed vertical strain for test units TW2 and TW3 are 
displayed in Fig. 58 (b) and Fig. 59 (b). This comparison was carried out for the 
displacement levels indicated in Fig. 58 (a) and Fig. 59 (a), which span from a nearly elastic 
response (Δ ≈ 2 mm) to the onset of wall strength degradation (Δ ≈ 16.5 mm). For both test 
units, the relative error in terms of vertical strains at the onset of strength degradation is 
about 30%. The average error along the entire displacement range up to strength 
degradation is of 40% and 20% for TW2 and TW3 respectively. In the next section 
(“Development of a simplified constitutive model for lap splices”) it is shown that such an 
error in strain prediction leads to errors in the displacement predictions of less than ±20%. 
The good strain match in the elastic region of the wall explains the smaller errors obtained 
for member displacements. 

 
(a) (b) 

Fig. 58 RC wall TW2: (a) points in the force-displacement curve at which the strains are 
evaluated; (b) relative error between experimental and numerical average strains at the 
outermost lap splice zone in tension. 
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In order to further validate the employed FE model, the same comparative evaluation 
procedure described above was adopted for the VK units as well, which were tested by 
Bimschas [24] and Hannewald et al. [26]. Due to space limitations, the strain maps of the 
VK units are not included. Fig. 60 (a) and (b) depict the relative error between experimental 
and numerical strains in the outmost lap splice region in tension for the reference units 
(VK1, VK2, VK6) and the spliced units (VK2, VK4, VK5) respectively. With the exception of 
VK4, for which the average relative error is around 45%, relative errors in vertical strains at 
the onset of degradation smaller than 20% were obtained. The ability of the employed 
nonlinear shell model in predicting vertical strains in the plastic zone can hence be 
considered dependable and will be used for the semi-empirical approach discussed further 
down in the document. 

 
(a) (b) 

Fig. 59 RC wall TW3: (a) points in the force-displacement curve at which the strains are 
evaluated; (b) relative error between experimental and numerical average strains at the 
outermost lap splice zone in tension. 

 
(a) (b) 

Fig. 60 Relative error between experimental and numerical average strains at the 
outermost lap splice zone in tension: (a) Reference units VK1, VK3, VK6; (b) Walls with lap 
splices VK2, VK4, VK5. 
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3.3.3 Modelling lap splices as double reinforcement 

When lap splices are long and well confined, the central region of both adjoining bars might 
be considered to effectively contribute to the lateral stiffness and resistance of the RC 
structural member. In such cases, doubling the flexural reinforcement in the lap splice zone 
could be considered to represent a suitable modelling option, which is assessed in the 
present sub-section. 

A FE model with double reinforcement (labelled V2 double reinf.) was created, which is 
identical to the one described above (V2 cont. reinf.) apart from the fact that the steel area 
of both spliced bars are assigned to the vertical reinforcing elements in the lap splice zone. 
The comparison in terms of force-displacement response between the experimental results 
and the two abovementioned models (V2 cont. reinf., V2 double reinf.) is shown in Fig. 61 
for three different RC walls, namely TW3, PW2 and W-60-C. While the first one presents a 
uniform lap splice length of about 35 diameters without seismic confinement detailing, the 
remaining two test units exhibit code-compliant confined boundary elements with lap splice 
lengths of 48 and 60 diameters respectively. As expected, doubling the longitudinal 
reinforcement leads to larger predictions in terms of lateral strength and initial stiffness with 
respect to the model V2 cont. reinf., which better matches the experimental results in the 
three cases. However, while for TW3 and PW2 the model V2 double reinf. still yields 
reasonable predictions at the global level, it overestimates the actual force capacity of W-
60-C by a factor of around two. This can be explained as follows: when modelling lap 
splices with double reinforcement, the yielding of the flexural reinforcement may occur 
within or above the spliced region and depends on the flexural demand-to-capacity ratio. If 
the flexural demand is constant along the member length (no or low moment gradient), 
inelastic deformations will occur above the lap splice zone, where single reinforcement is 
present. If, on the other hand, there is a sharp moment gradient and the lap splice is long, 
it is possible that the demand within the double reinforcement region overcomes the 
capacity of the doubled rebars before the attainment of the single-bar-capacity above the 
lap splice zone. The latter case is less common and did not apply to any of the walls 
analysed in this document. Whether the yielding of the flexural reinforcement above the 
spliced region has a significant effect on the global force-displacement response depends 
on the splice length to shear span ratio. TW3 and PW2 featured relatively small lap splice 
length to shear span ratios (6% and 9% respectively). On the other hand, the lap splice 
length to shear span ratio in W-60-C was larger than 40%; therefore shifting the plastic 
section above the lap splice (which was not observed in the experimental test) increased 
the global strength considerably. In particular, the rebars in the lap splice zone (modelled 
with double reinforcement) were able to exploit their full strength before the yielding (and 
then failure) of the reinforcing bars placed immediately above the lap splice zone. This is 
distinct from specimens TW3 and PW2, where the steel elements above the lap splice 
controlled the post-yielding branch of the member F-Δ response. 

 
(a) (b) (c) 

Fig. 61 Force-displacement curves of FE model with single and double reinforcement in 
the lap splice region. 

The numerical and experimental results were also compared at the local level for 
specimens TW3, VK2, VK4 and VK5. As an illustrative example, Fig. 62 shows the vertical 
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strain map obtained with the model V2 double reinf. for wall TW3 at the same displacement 
level discussed in the previous section. Due to the doubling of the longitudinal reinforcing 
area, the vertical strains recorded in the lap splice zone are considerably smaller than those 
obtained for the model V2 cont. reinf. shown in Fig. 57 (b). Considering that the spliced 
region of wall TW3 was not sufficiently long and confined to develop the strength of doubled 
continuous rebars, and recalling the use of perfect bond between concrete and steel in the 
models, an underestimation of the average lap splice vertical tensile strains (with 
consequent loss in accuracy) is expected when comparing numerical and experimental 
results. This is confirmed by contrasting Fig. 63(a) with its counterpart Fig. 59 (b): the 
relative error in the strain prediction at the onset of degradation increases from about 30% 
for the model V2 cont. reinf. to 60% for V2 double reinf. The same reasoning applies for 
walls VKs where, in all cases, doubling the reinforcement worsens the strain predictions at 
the onset of degradation, compare Fig. 63 (b) with Fig. 60 (b). However, it should be 
acknowledged that for walls subjected to low moment gradient and featuring sufficiently 
long and well confined splices, the use of double reinforcement may turn out to be the best 
modelling option. Nonetheless, for the wall dataset investigated in this study, modelling lap 
splices with double reinforcement leads to worse predictions of both global and local 
quantities. 

 

Fig. 62 Vertical strains map from numerical simulations for wall TW3 with double 
reinforcement in the lap splice region at Δ = 16.5 mm. 

 
(a) (b) 

Fig. 63 Relative errors between experimental and numerical average strains at the 
outermost lap splice zone in tension using double reinforcement in the lap splice region: 
(a) RC wall TW3; (b) RC walls VK2, VK4, VK5. 
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3.4 Development of a simplified constitutive model for lap 
splices 

3.4.1 Background and assumptions for development of equivalent uniaxial 
steel model 

Although several studies can be found in the literature describing the local bond-slip 
relationship under cyclic loading [85,99–102], to the author’s knowledge no such relation is 
at present available for the global characterization of lap splice behaviour. As a 
consequence, when FE methods are used to simulate the response of RC members 
featuring lap splices, the bond-slip contribution to the total deformation is normally 
accounted for in addition to the reinforcing steel straining component (through ad hoc bond-
slip elements) and needs to be numerically integrated along the lap splice length. The 
complexity both in terms of implementation and interpretation of the output renders these 
models currently beyond usual engineering practice, also because bond-slip elements are 
often not implemented in commonly available software. 

The goal of the present Chapter is to introduce a simple equivalent uniaxial stress-strain 
model capable of representing the combined behaviour of the mechanically strained 
reinforcing steel and the bond-slip mechanism occurring within the lap splice. Such a model 
can easily be implemented in common finite element software and simulates with 
reasonable accuracy the detrimental effect of lap splices in the cyclic behaviour of RC walls 
at the global level.  

As a first remark it is pointed out that the proposed equivalent average stress-average 
strain law for the splice element, although calibrated against cyclic tests on RC walls, is 
only applicable for monotonic loading, i.e. it will be a suitable tool for pushover analysis. 
However, since it was calibrated from data on cyclic tests, the effect of cyclic loading are 
indirectly included. The proposed stress-strain curve is composed of two parts (Fig. 64): an 
elastic branch, up to an equivalent yielding point (εy,ls, fy,ls), and a post-yield region up to an 
ultimate point (εu,ls, fu,ls). The definition of these two points will be addressed in the following 
two sub-sections, which characterize the equivalent yield strength fy,ls and the equivalent 
ultimate strain εu,ls. The latter is set as the maximum strain recorded at the outermost 
tension lap splice at the onset of member strength degradation and is from now on identified 
as εdeg. Once these are determined, the corresponding counterparts (equivalent yield strain 
εy,ls and ultimate stress fu,ls) can be calculated straightforwardly. After the ultimate point, the 
equivalent stress is assumed to drop to a value of zero. This simplifying hypothesis will 
naturally affect the global force-displacement response of the FE models, which will hence 
present an abrupt and conservative decay in strength capacity at the onset of lap splice 
degradation (shown later in Fig. 67 and Fig. 68). The following considerations support this 
assumption: (i) the experimental responses after the attainment of the peak force are highly 
unreliable and difficult to predict. This applies in particular to brittle deformation 
mechanisms such as those of lap splices, which are characterized by steep softening 
slopes; (ii) from the numerical point of view, localization phenomena come into play 
rendering the outcomes of nonlinear FE analysis untrustworthy and mesh dependent 
[52,86]. 
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(a) (b) 

Fig. 64 Equivalent lap splice stress strain law: (a) fs < fy; (b) fs > fy. 

3.4.2 Lap splice strength 

The equivalent yield point is defined by the equivalent yield stress fy,ls and the equivalent 
yield strain εy,ls, which is simply obtained by dividing the former by the Young’s modulus Es 
of the reinforcing steel (Fig. 64). It is thus assumed that, up to the equivalent yield point, 
the lap splice element acts as a single embedded continuous rebar.  

The equivalent yield stress fy,ls is determined as the minimum between the steel yield stress 
fy and the lap splice strength fs. In short and poorly detailed splices the spliced rebars will 
not reach the yield strength. As soon as the first splitting crack forms and the surrounding 
concrete begins to loosen its clamping action, most of the lap splice deformation will come 
from relative bar slippage. No further stresses will thus accumulate in the spliced bars 
resulting in a diminished overall force capacity. This observation finds support in the 
comparison between experimental and numerical results shown in Fig. 67 and Fig. 68: for 
those walls featuring a splice strength fs smaller than the steel yield strength fy, the results 
obtained from the FE model employing continuous vertical reinforcement with as-tested 
mechanical properties (V2 cont. reinf.) lead to a considerable overestimation of the 
experimental member strength capacity. On the other hand, for well detailed lap splices 
(adequate splice length and confining reinforcement) the concrete matrix surrounding the 
adjoining bars will be able to transfer entirely the stress at yielding of the single rebar.  

The model proposed by Canbay and Frosch [16] was chosen among the available 
formulations to compute the splice strength fs for the following two reasons: (i) It is the most 
recent and more advanced within the available physical-based approaches, explicitly 
accounting for different lap splice failures, namely side- and face-splitting; and (ii) Due to 
the theoretical framework on which Canbay and Frosch’s model [16] builds on, it is more 
suitable than statistical approaches to be extended outside the member dataset forming 
the domain of validation (RC beams and columns).  

In the context of the present work, the main limitations of the expression proposed by 
Canbay and Frosch [16] are: (i) it was derived for strength evaluation of tension splices 
under monotonic loading; and (ii) it does not account for the beneficial effect of the moment 
gradient on lap splice strength. Following the discussion in Chapter 2, monotonic splice 
strength is herein accepted as an estimate of the splice capacity under cyclic loading. 

3.4.3 Strain at onset of strength degradation: validation of model against 
wall database 

A pivotal point in the definition of the equivalent stress-strain relationship for lap splices in 
RC walls is the identification of the ultimate strain limit εu,ls, which is defined as the strain at 
the onset of strength degradation εdeg. As already pointed out, few propositions are 
currently available in the literature to determine analytically the lap splice strain capacity, 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

 

November 2022  
  
  
  
 117 

which are all targeted to plastic hinge methods. The goal of the present section is to develop 
an estimate of the strain at the onset of degradation by means of a semi empirical 
approach, as described in the following paragraphs.  

Firstly, the RC walls with lap splices included in the assembled database were modelled 
with the nonlinear FE software VecTor2 [34] as discussed in the previous section. 
Exception was made for specimens PW2 and RWS, which were disregarded for the 
following reasons: the first did not show any sign of strength degradation due to lap splices 
while the second, featuring four different types of longitudinal rebars and splice lengths, 
depicted a cyclic behaviour that was not amenable to be analytically simulated (the same 
applied to the companion unit with continuous longitudinal reinforcement, RWN). Single 
reinforcement is used along the entire height of the test units since, as previously remarked, 
this represents the best available modelling option both in terms of global and local level 
results. It is noted that, for those cases where the lap splice strength fs is smaller than the 
steel yield stress fy, an elasto-plastic stress-strain law was assigned to all the reinforcing 
elements simulating the lap splices. The latter is described in the next section representing 
the basis for the model V2 w/ fs.  

Secondly, the maximum vertical tensile strains of the outermost steel elements located in 
the lap splice region are recorded for three different displacements: at the onset of strength 
degradation as observed from the experimental tests (Δdeg), and at a lower and an upper 
bound of this value in a 20% interval (ΔLB = Δdeg – 0.2Δdeg ; ΔUB = Δdeg + 0.2Δdeg). This 
procedure allows obtaining a range of variation for the strains around the onset of strength 
degradation, which are then useful to calibrate the predictive equation. The choice of 
considering the most strained lap splice in tension reflects the fact that, in all the selected 
experimental studies on RC walls with lap splices, failure of the outermost layer of lap 
splices signals a marked specimen strength degradation (as pointed out in Chapter 2). The 
maximum value of the vertical steel strain along the lap splice length was monitored due to 
the following considerations: (i) in the case of short splices, or long splices under small 
moment gradient, the strain distribution is rather constant along the splice length, (ii) for 
long splices under high moment gradient, strength degradation can start without splitting 
cracks developing along the entire splice length, especially if the lap splice is not well 
confined. The use of an average strain value along the splice length would thus lead to 
non-conservative estimates of the strain at strength degradation.  

The results obtained for the strain at degradation onset εV2(Δdeg) are listed in Tab. 32 
together with its lower and upper bounds,  εV2(ΔLB) and εV2(ΔUB) respectively. The relative 
errors between these quantities and εV2(Δdeg) are also included in the table and it can be 
observed that they are on average larger than the error arising from the strain estimation 
by the employed refined FE model (around 30%, as shown in the previous section). The 
latter can therefore be considered to provide dependable results and the use of the semi-
empirical approach is thus justified. 

Before introducing the proposed predicting equation for the strain at the onset of 
degradation, the method used to select the governing parameters is described. Firstly an 
initial set of parameters deemed potentially relevant for the strain capacity of lap splices 
was singled out. Subsequently, their correlation with the strain at the onset of degradation 
was assessed through univariate regression analyses. Finally, the coefficient of 
determination was computed for each parameter, allowing to identify the most important 
ones, as discussed next. 

Transverse (confining) reinforcement is undoubtedly the most critical factor controlling the 
strain at degradation onset because it enables the force transfer mechanism between 
spliced bars once splitting cracks have formed and because it allows for a more effective 
yield penetration, which prevents sudden strength degradation. Lap splice length, shear 
span (which accounts for the moment gradient), and loading history are the other 
fundamental quantities governing the lap splice deformation behaviour. Due to the difficulty 
in evaluating the effects of the loading history, they are only indirectly taken into account in 
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the expression for the splice strain capacity in the measure that the RC walls in the 
database were subjected to cyclic loading histories. 

Tab. 32 Strains at the onset of degradation with associated lower and upper bounds, 
values estimated with equation (31), and comparison. 

RC Wall 𝜺𝑽𝟐(∆𝐝𝐞𝐠) 𝜺𝑽𝟐(∆𝑳𝑩) 𝜺𝑽𝟐(∆𝑼𝑩) 
𝜺𝑽𝟐(∆𝑳𝑩) − 𝜺𝑽𝟐(∆𝐝𝐞𝐠)

𝜺𝑽𝟐(∆𝐝𝐞𝐠)
 
𝜺𝑽𝟐(∆𝑼𝑩) − 𝜺𝑽𝟐(∆𝐝𝐞𝐠)

𝜺𝑽𝟐(∆𝐝𝐞𝐠)
 𝜺𝒑𝒓𝒆𝒅𝒊𝒄𝒕𝒆𝒅 

𝜺𝒑𝒓𝒆𝒅𝒊𝒄𝒕𝒆𝒅

𝜺𝑽𝟐(∆𝐝𝐞𝐠)
 

 [‰] [‰] [‰] [-] [-] [‰] [-] 

TW3 14.73 11.25 18.46 -24% 25% 13.44 0.912 

VK2 18.81 10.39 31.75 -45% 69% 10.86 0.577 

VK4 10.29 6.01 20.88 -42% 103% 10.86 1.055 

VK5 6.64 4.01 10.69 -40% 61% 9.40 1.416 

W1 11.94 10.74 14.14 -10% 18% 13.88 1.163 

W2 14.25 12.18 17.10 -15% 20% 12.77 0.896 

CW2 3.78 1.82 4.90 -52% 30% 3.90 1.032 

CW3 6.46 3.20 9.85 -51% 52% 6.54 1.013 

MC-60-C 30.31 25.30 35.40 -17% 17% 34.03 1.123 

MC-40-C 29.69 24.63 35.85 -17% 21% 29.93 1.008 

MC-60-N 24.62 20.17 27.07 -18% 10% 26.00 1.056 

MC-60-N2 25.46 19.37 28.51 -24% 12% 26.04 1.023 

W1-L 8.33 3.39 13.18 -59% 58% 7.11 0.854 

W2-L 7.59 2.57 13.50 -66% 78% 7.10 0.936 

mean    34% 41%  1.005 

std       0.178 

Once identified the abovementioned fundamental quantities, a final multivariate regression 
analysis yielded the following expression for εdeg , valid for RC walls with mechanical and 
geometrical features within the range of the walls in the database:  

𝜺𝒅𝒆𝒈 = 𝜺𝒚,𝒍𝒔 + 𝟎. 𝟔𝟓 ∙ 𝝆𝒘 + 𝟎. 𝟎𝟑 ∙
𝒍𝒔
𝑳𝒔

 (31) 

where εy,ls represents the equivalent yield strain, ls is the length of the outermost lap splice 
in tension, Ls is the shear span of the member, and ρw  is the confining reinforcement ratio 
defined as: 

𝝆𝒘 = 𝝆𝒙 + 𝝆𝒚 (32) 

𝜌𝑥 = 𝐴𝑡𝑟𝑥 ∙
𝑛𝑙𝑒𝑔𝑠

𝑠𝑥 ∙ 𝑏
 (33) 

𝜌𝑦 =
𝐴𝑡𝑟𝑦

𝑠𝑦 ∙ (𝑑𝑏𝑙 + 𝑐𝑏0)
 (34) 

where ρx and ρy are respectively the reinforcement ratios in the plane parallel and 
orthogonal to the plane of bending, Atr is the area of the confining stirrups, s is the spacing, 
nlegs is the number of stirrup legs, dbl is the diameter of the longitudinal bars, b is the section 
width, and cbo is the clear face concrete cover.  

It is important to point out that, if the transverse reinforcement cannot exert its confining 
action, either because there are no stirrups or because the shear reinforcement is not 
appropriately detailed at the wall edges (135° hooks or closed up), the value of ρw should 
be set equal to zero. In such cases, when the splitting cracks form, no additional force 
transfer mechanism between adjoining rebars is possible and strength degradation due to 
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bond slip will occur. Within the assembled database of RC walls, this is the case of 
specimens CW2, CW3, W1* and W2*, tested by Elnady and Layssi and Mitchell [38,40].  

The influence of the two parameters ρw and ls/Ls on the strain at the onset of degradation 
εV2(Δdeg) is presented in Fig. 65 (a) and (b), evidencing a strong correlation. The last two 
columns of Tab. 32 report the strains at the onset of degradation predicted by equation 
(31), referred to as εpredicted, and the ratio with those from the nonlinear FE analyses, εV2(Δdeg). 
The predicted values are very close to the ones given by the numerical model, with an 
average ratio εpredicted / εV2(Δdeg) close to unity and a coefficient of variation smaller than 20%. 
In Fig. 66 the goodness of fit of the predicted strains is represented in the form of an error-
bar plot. In all cases the values of εpredicted fall within the range of variation of εV2(Δdeg), 
represented by the interval [εV2(ΔLB), εV2(ΔUB)] and the prediction is therefore judged 
satisfactory.  

 
(a) (b) 

Fig. 65 Strain at degradation onset predicted by the V2 models vs: (a) reinforcement ratio 
ρw, and (b) ratio between the lap-splice length and the shear span, ls/Ls. 

 

Fig. 66 Comparison between the strains predicted by V2 and those computed according 
to equation (31). 

Once the strain at the onset of degradation εdeg is estimated with equation (31)—it 
corresponds to the ultimate strain εu,ls of the proposed equivalent lap splice constitutive 
law—the equivalent ultimate stress fu,ls can be determined accordingly (Fig. 64):  

 If the steel yield stress fy is larger than the lap splice strength fs, i.e. when fy,ls = fs: an 
elastic-perfectly plastic stress strain curve is assumed for the equivalent steel and hence 
fu,ls = fy,ls = fs. It is noted that strains beyond fy,ls come from bond slip and not mechanical 
straining of the rebar. 
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 If the steel yield stress fy is smaller than the lap splice strength fs, i.e. when fy,ls = fy: the 
stress strain curve of the equivalent uniaxial material is assumed to be equal to the one 
of the reinforcing steel up to the value of εu,ls. Hence, when present, the yield plateau or 
hardening branch of the steel constitutive law should be considered. It should be noted 
that, in the particular case where fy < fs < fu, the equivalent ultimate stress fu,ls may result 
larger than the predicted lap splice strength fs. However, due to the unavoidable 
inaccuracy related to the evaluation of the lap splice strength fs, a separate 
consideration of this scenario is not justified; additionally it is very uncommon and did 
not occur for any of the spliced walls included in the assembled database. 

 

3.5 Validation of model against wall database 

Fig. 67 and Fig. 68 show the comparison between the experimentally measured force-
displacement curves and the numerical simulations for all the RC walls in the database, 
which includes 16 specimens with lap splices and 8 with continuous reinforcement. The 
walls with continuous reinforcement along the entire height represent the reference units 
for 10 of the walls with spliced bars and are included for two main reasons: they serve as 
benchmark for the numerical models (e.g. if the FE model is not able to accurately predict 
the response of the reference wall, then the simulation results obtained for the companion 
spliced wall cannot be considered as reliable) and they put into evidence the premature 
failure of walls with lap splices.  

The employed shell element models have all been implemented in the nonlinear FE 
software VecTor2 (their common features were listed in the sub-section “Description of 
Nonlinear Shell Models”): 

 Model with continuous reinforcement (V2 cont. reinf.): the vertical (flexural) 
reinforcement is modelled as continuous throughout the entire height of the wall 
specimen with the as-tested mechanical rebar properties. Whilst this is an appropriate 
approach for the reference unit walls, it does not account for the presence of lap splices.  

 Model accounting for lap splice strength (V2 w/ fs): for all bar elements representing the 
longitudinal reinforcement in the lap splice zone, an equivalent elasto-plastic 
constitutive law accounting for the maximum splice bond strength fs is used. The 
equivalent steel yield stress is set equal to the lap splice strength fs—according to 
Canbay and Frosch [16]—while a large value (>10%) is imposed for the equivalent steel 
ultimate strain εsu,fs. The purpose of this model is to show the reduction in the numerically 
predicted capacity for the test units where a prior-to-yielding lap splice failure was 
expected (walls W1*, W2*, CW2, CW3 in the database).   

 Proposed model (V2 w/ eq. LS): the uniaxial average stress-average strain law 
described in the previous section (Fig. 64) is assigned to all the vertical steel elements 
within the lap splice zone. This model accounts for the limited lap splice strength and 
strain capacity.  

In all plots of Fig. 67 and Fig. 68 horizontal displacements and drifts are indicated on the 
primary and secondary x-axis respectively. The reported displacements do not necessarily 
correspond to the ones imposed in the pushover analyses (this is true only for walls tested 
as cantilever). If a particular test setup is used in order to impose a bending moment at the 
top of the specimen (as for walls TW2, TW3, PW2, PW4, CW2, and CW3), the plotted 
displacements are the ones experimentally measured at the point of application of the 
lateral load. The lateral drift is calculated as the ratio between the measured displacements 
and the height above the foundation at which the measurement is taken. The base shear 
is shown on the y-axis. In order to ease the interpretation of the results, a dashed black line 
displays the experimentally observed displacement at the onset of strength degradation 
(Δdeg). In the following paragraphs, the obtained results with the abovementioned models 
are discussed and compared. 

The reference unit walls are discussed first. Up to the peak force of the experimental 
results, the FE model with continuous reinforcement is able to accurately predict the 
backbone curve of the cyclic responses. The only exception is given by wall RWN where, 
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for negative drift values, the post-elastic stiffness degradation and the maximum force 
capacity are not well captured (error of about 20% in the prediction of the force at ultimate 
displacement). The non-symmetrical layout of the flexural reinforcement presented by this 
specimen, leading to a complex cyclic behaviour, can be the source of the model inability 
to effectively predict the experimental results. However, the analytical monotonic response 
is close to the one shown in the reference paper for this test [41], obtained through the use 
of a plastic hinge model. Regarding the displacement at which the peak force is attained, 
the numerical simulations provided noticeably good results as well. An exception is again 
the wall RWN but also PW4, for which the abovementioned displacement level is 
considerably overestimated. Beyond the displacement at peak force the analytical 
response is subjected to numerical pathologies and it should not be considered as 
dependable. Therefore, no discussion will follow on the comparison between the numerical 
and experimental post peak responses. 

The presence of lap splices in the region of RC walls where inelastic deformations are 
expected can lead to two detrimental effects: (i) reduction in the force capacity of the 
structural member and (ii) anticipation of the process of strength degradation due to bond 
deterioration occurring between adjoining bars. The first scenario is expected when the 
splice strength is not sufficient to transfer the rebar yielding force. In the selected database, 
and according to the chosen equation for the splice strength [16], this occurred in only four 
cases, namely for specimens W1*, W2*, CW2 and CW3. Obviously, for those test units, 
the model with continuous reinforcement largely overstates the experimental force 
capacity. A better estimate of the latter is obtained by employing the model V2 w/ fs 
represented in the plots of Fig. 67 and Fig. 68 with a black dotted line. As it can be seen, 
the maximum base shear predicted by this model is in line with the experimental results for 
walls W1*, W2* and CW2, while for CW3 it overestimates the experimental results by 
almost 40%. The use of a smaller value of fs with respect to Canbay and Frosch’s proposal 
[16] in the equivalent constitutive law of wall CW3 would improve the predicted force 
capacity. However, none of the modelling approaches available in the literature provided a 
sufficiently low estimate of the splice strength (see Tab. 31).  

The effect of lap splices on the displacement capacity of RC walls is not captured by any 
of the abovementioned models, neither V2 cont. reinf. nor V2 w/ fs. However, for almost all 
the test units featuring lap splices, the model V2 w/ eq. LS correctly identifies the 
displacement at the onset of structural strength degradation entailed by the lap splices 
detrimental effect (Δdeg). The only exception is represented by the wall RWS, where Δdeg is 
overestimated. A particular case is also PW2, which, although featuring lap splices, did not 
show any evident sign of strength degradation. Rather, the specimen failed due to local 
buckling of the vertical rebars above the lap splice zone of the boundary elements. For this 
case Eq. (1) predicts a lap splice strain capacity εu,ls which is larger than the numerical 
strain recorded in the outermost rebar in tension at the ultimate displacement level εu,V2 
(εu,ls = 3% vs εu,V2 = 2%), which is hence consistent with the experimental results. Looking 
at the overall shape of the force-displacement curves from the model V2 w/ eq. LS, one 
can notice the presence of a sudden drop in force at the level of the ultimate displacement. 
This corresponds to the attainment of the ultimate equivalent strain εu,ls  in the longitudinal 
reinforcing elements within the lap splice zone. A residual strength to the modified steel 
constitutive law would have to be assigned in order to obtain a global non-abrupt 
descending branch. Further research would be required in order to dependably use the 
latter approach and to deal with the consequent numerical problems such as localization. 

A final remark is due on the fact that the same database of RC walls is used for the 
validation procedure as well as for the determination of the equivalent uniaxial lap splice 
stress strain law. As a consequence, a good agreement between the analytical (model V2 
w/ eq. LS) and experimental results could in principle be expected. The reason behind the 
use of the same database lies in the limited number of spliced RC walls that were available. 
One alternative could have been to split the data set in two parts and using one for 
calibration and one for validation. This approach was investigated by performing a 
robustness analysis. The parameters of the predictive equation were determined with any 
combination of 8, 10 or 12 specimens out of the 14 test units with lap splices, showing a 
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robust fit. The entire set of walls naturally provided the best match, from which the 
predictive equation was derived. 

 
 Fig. 67 Comparison between experimental and numerical results. 
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Fig. 68 Comparison between experimental and numerical results (cont.). 

3.6 Conclusions 

Lap splices are frequently found at the wall base of existing RC structures as well as recent 
ones that are not designed for a ductile response. The simulation of the behaviour of lap 
splices is a challenging task, as it is affected by many factors, the influence of which is 
mostly understood only from a qualitative viewpoint. This contrasts with the engineering 
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need to have a simple but dependable model to account for lap splice response. The 
present Chapter proposes an equivalent uniaxial steel stress-strain model that represents 
the monotonic envelope of the cyclic response of lap-spliced rebars up to the onset of 
strength degradation. It is characterized by two points defining an equivalent yield state 
and an ultimate condition. A new expression is introduced to estimate the lap splice strain 
capacity, which was calibrated from a semi-empirical approach. It depends on the 
equivalent yield strain, confining reinforcement ratio and ratio of lap splice length to shear 
span, which turned out to be the parameters mostly influencing the ductility capacity of lap 
splices. The derived expression shows an average ratio of predicted versus semi-empirical 
strains close to unity and a mean coefficient of variation below 20%. The newly proposed 
equivalent steel stress-strain model was used in combination with nonlinear shell element 
models to simulate the response of all the RC walls in the database. A good accuracy in 
the evaluation of both member strength and displacement capacity was obtained: the 
numerical vs experimental average ratio resulted of 12 and 25% for the former and the 
latter, respectively. Beyond the point of strength degradation, the prediction of the member 
lateral resistance becomes non-dependable and it is not addressed. 
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4 An Enhanced Beam Element Model to 
Account for Tension Shift Effects in 
Reinforced Concrete 

This Chapter presents a displacement-based beam element model in which axial 
equilibrium is strictly verified. Such element can be employed to better simulate the local 
level response of RC members, and namely to account for tension shift effects. The 
Chapter represents the post print version of the following paper:  

D. Tarquini, J.P. Almeida, K. Beyer, 2017. “Axially equilibrated displacement‐based beam 
element for simulating the cyclic inelastic behaviour of RC members”, Earthquake 
Engineering and Structural Dynamics 46 (9): 1471-1492, DOI: 10.1002/eqe.2865. 

Figures and tables formatting, reference-, section-, and equation- numbering were adapted 
to the style of this document. The element was then also implemented in the open source 
FE software Opensees. Further details on this matter can be found in Annex I, which is 
based on the conference paper:   

Tarquini D., Almeida J.P., Beyer K., 2017. “Axially equilibrated displacement-based beam 
element: implementation in OpenSees and application to dynamic analysis of structures”. 
6th Internation conference on Computational Methods in Structural Dynamics and 
Earthquake Engineering (COMPDYN 2017), Rhodos, Greece. 

Abstract 

Distributed plasticity beam elements are commonly used to evaluate limit state demands 
for performance based analysis of reinforced concrete (RC) structures. Strain limits are 
often preferred to drift limits since they directly relate to damage and are therefore less 
dependent on member geometry and boundary conditions. However, predicting accurately 
strain demands still represents a major simulation challenge. Tension shift effects, which 
induce a linear curvature profile in the plastic hinge region of RC columns and walls, are 
one of the main causes for the mismatch between experimental and numerical estimates 
of local level quantities obtained through force-based formulations. Classical displacement-
based approaches are instead suitable to simulate such linear curvature profile. 
Unfortunately, they verify equilibrium only on an average sense due to the wrong 
assumption on the axial displacement field, leading to poor deformation and force 
predictions. This Chapter presents a displacement-based element in which axial 
equilibrium is strictly verified along the element length. The assumed transversal 
displacement field ensures a linear curvature profile, connecting accurately global 
displacement and local strain demands. The proposed finite element is validated against 
two sets of quasi-static cyclic tests on RC bridge piers and walls. The results show that 
curvature and strain profiles for increasing ductility demands are significantly improved 
when axially equilibrated rather than classical displacement-based or force-based 
elements are used to model the structural members. 

4.1 Introduction 

Performance-based assessment of structures is based on the definition of clear limit states, 
which are not to be exceeded under different levels of ground motion. Limit states can be 
based on drift values or local quantities such as curvatures and strains, which are deemed 
to be a better indicator of structural damage [126]. In reinforced concrete (RC) structures, 
damage concentrates in plastic hinge regions, and therefore efficient models should 
accurately simulate the main sources of deformation associated to the plastic hinge 
development. The classical interpretation of such mechanism, at least for well detailed 

https://doi.org/10.1002/eqe.2865
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members, considers three main components, namely the moment gradient, tension shift, 
and anchorage slip (or strain penetration) effects [44]. 

Although several modelling approaches are available, the attractive compromise between 
accuracy and computational cost renders beam element models one of the most widely 
employed numerical tools in engineering practice, especially when complex and multi-
member structures such as buildings or bridges are involved. Beam element models are 
typically divided into lumped and distributed plasticity approaches. The former are more 
performant from the computational viewpoint as they typically lump the three above 
mentioned components of the plastic hinge at pre-defined member locations. This is 
accomplished by using the concept of equivalent plastic hinge length, which therefore often 
features three terms [44]. On the contrary, each of those terms can be individuated in the 
so-called distributed plasticity elements. Anchorage slip can be accounted for by a zero-
length element, such as that developed by Zhao and Sritharan [127] or any other 
appropriately calibrated relation [128,129]. The moment gradient is explicitly simulated 
since the development of plasticity is not restrained to a specific member location but can 
spread along several integration points (IPs) in which the finite element (FE) is typically 
discretized. Up to the present moment, tension shift effects due to inclined cracking caused 
by shear force—see Fig. 69 (a)—have not been explicitly addressed in the pre-peak phase 
of the force-displacement member response, although their influence will necessarily affect 
the comparison between experimental and numerical results at the global (i.e., member 
displacement) level [130,131]. In the post-peak branch, the need to use a regularization 
length makes it possible to indirectly account for it [87,132]. This Chapter shows that 
models based on distributed plasticity elements and classical beam theory can also be 
adapted to directly incorporate tension shift effects whilst verifying strictly axial equilibrium, 
thus significantly strengthening the accuracy of these approaches at the local scale. 

Put simply, distributed plasticity elements can be mainly subdivided in displacement-based 
(DB) and force-based (FB) formulations [52] depending on the type of the imposed 
independent fields. As their name suggest, displacement and force distributions along the 
element length are assigned in the former and latter case. The hypotheses governing the 
beam kinematics control the number of sectional deformations that arise. The current work 
considers only Euler-Bernoulli (EB) beam hypothesis since: (i) it is simple and allows to 
model most of the structural members in a RC structure; (ii) linear and nonlinear EB beam 
elements are available in roughly all the commonly used structural analysis software (e.g., 
[35,133]). Linear and Hermitian polynomial functions are employed in classical DB 
formulations to characterize axial and transversal displacement fields. These assumptions 
provide an exact solution only for linear elastic material and nodal loads. On the other hand, 
constant and linear shape functions are used to define axial force and bending moment 
distributions in FB formulations, which results in an exact solution regardless of the 
development of material nonlinear response. Additionally, in FB formulations equilibrium is 
strictly verified along the element length—see Fig. 69 (d)—whereas in DB approaches 
equilibrium is only verified in an average sense [86]—see Fig. 69 (f).   As a consequence, 
while a single FB element usually suffices to simulate the nonlinear response of a structural 
member, member discretization in several FEs is required if DB elements are used—see 
Fig. 69 (b).  
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Fig. 69 RC member subjected to top vertical and horizontal load: (a) Qualitative sketch of 
inclined cracks due to tension shift effects; (b) Structural discretization with FB and DB 
elements; Qualitative experimental vs numerical curvature and axial strain profiles: FB 
element models - (c) and (e);  DB element models - (d) and (f). 

The state determination of DB formulations is simpler and less computationally demanding 
than their FB counterpart as the element end forces and tangent stiffness matrix are directly 
obtained by integration of the sectional responses, hence avoiding the intra-element 
iterations needed for FB approaches. However, the superiority of the latter in terms of 
theoretical accuracy and significant size reduction of the resulting global structural stiffness 
matrix has led to a gradual reduction in the use of DB formulations over the past 15-20 
years.  

More recently, experimental measurements from accurate instrumentation systems [134] 
applied to nonlinearly responding RC members have confirmed important limitations of the 
FB formulations. Disregarding the effects of tension shift in the pre-peak phase, as stated 
above, was proven to be one of the most relevant. The latter cause a linear distribution of 
plastic curvatures inside the plastic zone of the structural member ([135–138], see Fig. 69) 
and, as pointed out by Priestley et al. [44], it represents the first reason for the mismatch 
between the force-displacement response as obtained from a FB element (which verifies 
equilibrium in an exact form) and experimental results. Furthermore, the previously 
mentioned test campaign [134] has shown that the intersection between plastic and elastic 
curvature profiles occurs at an increasing height for larger ductility demands.  

DB formulations offer a solution for the analytical simulation of the above physical 
phenomena and thus provide a bypass to the limitations brought about by FB approaches. 
In fact, the observed linear curvature profiles in the plastic hinge region of RC members 
can be simulated by imposing appropriate lateral displacement fields to the beam finite 
element, which is the natural framework of DB and not FB formulations—see Fig. 69 (c) 
and (e). This Chapter represents a first step to reflect the discussed experimental findings 
in beam element models with a view to predict more confidently the performance of RC 
structures. To accomplish such goal, a fundamental drawback of the classical DB 
formulations is addressed beforehand. As already mentioned, the imposed linear axial 
displacement field implies that axial equilibrium is only verified in an average sense, which 
results in case of material nonlinearity in different values of the axial force for distinct 
integration sections. This leads to a misevaluation of the moment capacity of the structural 
member and therefore to a poor local and global performance of the finite element [86]. In 
this Chapter an enhanced DB element for the inelastic simulation of RC members is 
proposed in which the axial equilibrium is strictly verified (hence emulating the advantages 
of a FB formulation in this respect) through the use of an iterative procedure. It will be 
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shown that the use of such an element, combined with a convenient structural 
discretization, lead to an important improvement in the simulation of global and, more 
importantly, local level quantities when compared with models employing classical DB or 
FB approaches.  

The new element and its state determination are described in Section 4.2 along with an 
application example describing its main features and relative performance with respect to 
classical DB formulations. Section 4.3 benchmarks the performance of the new beam 
element against two sets of experimental tests on RC bridge piers and RC walls. 
Comparison at the global and local levels, namely curvature and strain profiles, are 
provided and limitations of the proposed formulations discussed. Conclusions are drawn in 
Section 4.4. 

4.2 Axially equilibrated displacement-based element: 
formulation and state determination 

The beam formulation herein proposed is a plane frame element, which implies that in the 
global reference system (X,Y) six components are required to characterize the vector of 
nodal forces (P) and displacements (U). Three components suffice instead to describe the 

basic forces and displacements (𝐩𝑏𝑠𝑐 = [𝑝1
𝑏𝑠𝑐 , 𝑝2

𝑏𝑠𝑐, 𝑝3
𝑏𝑠𝑐]𝑇 and 𝐮𝑏𝑠𝑐 = [𝑢1

𝑏𝑠𝑐 , 𝑢2
𝑏𝑠𝑐, 𝑢3

𝑏𝑠𝑐]𝑇) in 
the member-bound reference system without rigid-body modes (x,y), which are shown in 
Fig. 70.         

The concept of a displacement-based element satisfying axial equilibrium was originally 
proposed by Izzudin et al. [139] for nonlinear-elastic problems. No plasticity was considered 
in their work and explicit expressions were derived for both sectional forces and stiffness 
matrix. Further, shape functions were not defined for the axial displacement field while a 
quartic formulation was used for the transversal displacement field. The element end forces 

𝐩𝑏𝑠𝑐 and tangent stiffness matrix K were then obtained according to the principle of virtual 
work and by direct differentiation of each individual component respectively.  

 

Fig. 70 Element forces and displacements in the basic reference system. 

The formulation presented in this manuscript features the following distinctive aspects with 
respect to the one above: (i) Material constitutive laws including plastic deformations and 
cyclic behaviour were considered in the derivation and validation phases; (ii) Hermitian 
polynomials for the transversal displacement field are used, which results in linear 
curvature profiles as in classical displacement-based approaches. This assumption, as 
already discussed, is sought in order to numerically account for tension shift effects; (iii) A 
variational approach is employed to determine the element end forces and the tangent 
stiffness matrix. In particular, differences were obtained with respect to [139] in the 
components of the tangent stiffness matrix referring to the derivatives of the basic axial 

force 𝑝1
𝑏𝑠𝑐 with respect to the vector of basic displacements 𝐮𝑏𝑠𝑐. 

A similar procedure to the one proposed by Izzudin et al. [139] was used to achieve axial 
equilibrium of the element. The latter is discussed in subsection 4.2.1 while subsection 
4.2.2 focuses on the state determination algorithm. Finally, in subsection 4.2.3, the main 
features of the proposed FE formulation are explored and the new beam element is 
compared against classical displacement-based formulations with the aid of an application 
example. 
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4.2.1 Axial equilibrium  

In a beam subjected to nodal loads, equilibrium considerations impose the axial force N(x) 

to be constant along the beam axis x and equal to the nodal axial basic force 𝑝1
𝑏𝑠𝑐. As 

discussed in Section 4.1, this is not the case for classical displacement-based elements 
employing nonlinear material constitutive laws. In fact, the linear shape function 
approximating the axial displacement field u(x) ensures axial equilibrium only in an average 
sense, which yields different values of the axial force at distinct integration points (i.e., 

𝑁𝐼𝑃𝑗 ≠ 𝑁𝐼𝑃𝑗+1).                

The main idea behind the axial equilibrium procedure consists in correcting the set of 

sectional axial strains 휀0
𝐼𝑃𝑗

 such that the value of the axial force is the same in all IPs (𝑁𝐼𝑃𝑗 =

𝑁𝐼𝑃𝑗+1). Given the intrinsic nonlinearity of the problem, an iterative procedure is required to 
attain this goal, which is discussed in the following paragraphs and schematically 
represented in the flowchart of Fig. 71. 

Consider a Newton-Raphson (NR) cycle n within an arbitrary load step l, for which a vector 

of displacement increments in the basic reference system ∆𝐮𝑏𝑠𝑐 is imposed. The steps to 
be performed to go from the basic to the global reference system require classical structural 
analysis operations, i.e. the rotation of the coordinate system as well as the use of linear 
or nonlinear compatibility and equilibrium relations [140], and will thus be omitted in this 
work. Shape functions employed in classical DB formulations (linear and Hermitian 
polynomials for the axial and transversal displacement fields) are initially used to obtain, 

after differentiation, the corresponding increments of sectional deformations ∆𝐞𝐼𝑃𝑗 at all IPs 
along the element. The sectional deformations are calculated from the basic nodal 
displacements through pre-multiplication by the matrix 𝐁𝐷𝐵/𝑐, where the subscript DB/c 

underlines that classical DB shape functions are considered. Once the sectional axial strain 

and curvature increments are known (∆휀0
𝐼𝑃𝑗

 and ∆𝜙𝐼𝑃𝑗), the Euler-Bernoulli hypothesis and 

the sectional constitutive law enable to compute the generalized sectional forces 𝐬𝐼𝑃𝑗. The 
differences between the axial forces recorded in two successive IPs are then calculated. 
Axial equilibrium is considered to be satisfied if the cumulative sum of the absolute value 
of these differences throughout all pairs of IPs in the element is below a certain tolerance. 
It is noted that this convergence criterion is different from the one proposed by Izzudin et 
al. [139], where strain differences were checked. If such axial equilibrium is verified, the 
state determination proceeds as for the classical DB formulation, otherwise intra-element 
iterations (identified with the index m in Fig. 71) on the increment of sectional axial strains 

at each IP (∆휀0
𝐼𝑃𝑗

) are performed, as explained below.  
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Fig. 71 Flowchart for the element state determination of the axially equilibrated 
displacement-based element. 

Two conditions need to be fulfilled: (i) The axial force should be equal in all IPs, and (ii) the 
integral of the axial strains along the element length must correspond to the basic axial 

displacement 𝑢1
𝑏𝑠𝑐. They are expressed in equations (35) and (36) respectively: 

{
 
 

 
 𝑵𝑰𝑷𝒋 + 𝒌

𝟏𝟏

𝑰𝑷𝒋 ∙ ∆𝜺
𝟎

𝑰𝑷𝒋 = 𝑵𝑰𝑷𝒋+𝟏 + 𝒌
𝟏𝟏

𝑰𝑷𝒋+𝟏 ∙ ∆𝜺
𝟎

𝑰𝑷𝒋+𝟏                      𝐟𝐨𝐫 𝒋 = 𝟏 𝐭𝐨  𝒏𝒐.  𝑰𝑷𝒔 − 𝟏

∑
𝒘𝑰𝑷𝒋 ∙ 𝑳

𝟐
∙ (𝜺𝟎

𝑰𝑷𝒋
+ ∆𝜺

𝟎

𝑰𝑷𝒋
)

𝒏𝒐.  𝑰𝑷𝒔

𝒋=𝟏

= 𝒖𝟏
𝒃𝒔𝒄                                                                                           

 

(35) 

(36) 
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where 𝑘11
𝐼𝑃𝑗

 is the first row-first column component of the sectional stiffness matrix evaluated 

at IPj, 𝑤𝐼𝑃𝑗 is the integration weight of the jth integration point (it is assumed that the sum of 
the integration weights is equal to 2) and L is the element length. As it can be noticed, 
conditions (35) and (36) provide a linear system of equations; the number of equations 
corresponds to the number of IPs. The equations can be solved at each IP to obtain the 

axial strain increments ∆휀0
𝐼𝑃𝑗

 as function of the current set of axial forces. These 

relationships are provided in equations (37) and (38) for the first and the remaining IPs: 

∆𝛆𝟎
𝐈𝐏𝟏 =

𝟐 ∙ 𝐮𝟏
𝐛𝐬𝐜

𝐋
− ∑ 𝐰𝐈𝐏𝐣 ∙ (𝛆

𝟎

𝐈𝐏𝐣 +
𝐍𝐈𝐏𝟏 − 𝐍𝐈𝐏𝐣  

𝐤
𝟏𝟏

𝐈𝐏𝐣
)𝐧𝐨.  𝐈𝐏𝐬

𝐣=𝟏

∑ 𝐰𝐈𝐏𝐣 ∙
𝐤𝟏𝟏
𝐈𝐏𝟏

𝐤
𝟏𝟏

𝐈𝐏𝐣
𝐧𝐨.  𝐈𝐏𝐬
𝐣=𝟏

 (37) 

∆ε0
IPj =

(NIP1 − NIPj) + k11
IP1 ∙ ∆ε0

IP1

k11
IPj

 (38) 

The so computed strain increments ∆휀0
𝐼𝑃𝑗

 are used to update the total axial strains 휀0
𝐼𝑃𝑗

 from 

the previous intra-element iteration and new sectional forces are computed. As shown in 

Fig. 71, the procedure is repeated until the resulting axial forces 𝑁𝐼𝑃𝑗 are equilibrated. In 
other words, this internal iterative procedure corrects the constant axial strain profile as 
obtained from the classical DB approach to ensure the same value of the axial force along 
the element. Note that the curvature profile remains linear as imposed in classical DB 
formulations. 

4.2.2 Element state determination 

The present subsection discusses the state determination for the axially equilibrated DB 

element, which consists in the evaluation of the element end forces 𝐩𝑏𝑠𝑐 and tangent 

stiffness matrix 𝐊𝑏𝑠𝑐 for a given increment of basic displacements ∆𝐮𝑏𝑠𝑐. Once the axial 
force is equilibrated according to the method previously discussed, the generalized 

deformations 𝐞𝐼𝑃𝑗 at a generic integration point can be decomposed as: 

𝐞𝑰𝑷𝒋 = 𝐁𝑫𝑩/𝒄
𝑰𝑷𝒋

∙ 𝐮𝒃𝒔𝒄 + 𝐞𝑨𝑬
𝑰𝑷𝒋
                               𝐰𝐢𝐭𝐡           𝐞𝑨𝑬

𝑰𝑷𝒋
= {

𝜺𝟎,𝑨𝑬
𝑰𝑷𝒋

𝟎

} (39) 

where the first term 𝐁𝐷𝐵/𝑐
𝐼𝑃𝑗

∙ 𝐮𝑏𝑠𝑐 represents the contribution associated to the classical 

displacement-based shape functions while the second 𝐞𝐴𝐸
𝐼𝑃𝑗

 corresponds to the sum of the 

incremental corrections of the sectional axial strain computed during the internal iterative 

process, identified as 휀0,𝐴𝐸
𝐼𝑃𝑗

 in equation (39).  

The element end forces are determined by application of the principle of virtual 
displacements (PVD), which can be written as follows: 

[𝛅𝐮𝒃𝒔𝒄]
𝑻
𝐩𝒃𝒔𝒄 = ∫ [𝛅𝐞(𝒙)]𝑻 ∙ 𝐬(𝒙) 𝒅𝒙

𝑳

 (40) 

The numerical integration of the expression above over the total number of IPs yields: 

[𝛅𝐮𝒃𝒔𝒄]
𝑻
𝐩𝒃𝒔𝒄 = ∑ [𝛅𝐞𝑰𝑷𝒋]

𝑻
∙ 𝐬𝑰𝑷𝒋 ∙ 𝒘𝑰𝑷𝒋 ∙

𝑳

𝟐
𝒏𝒐.   𝑰𝑷𝒔

 (41) 

For the axially equilibrated DB element, the PVD can be specialized by using equations 
(39) and (41):  
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[𝛅𝐮𝒃𝒔𝒄]
𝑻
𝐩𝒃𝒔𝒄 = [𝛅𝐮𝒃𝒔𝒄]

𝑻
∙ ∑ [𝐁

𝑫𝑩/𝒄

𝑰𝑷𝒋 ]
𝑻

∙ 𝐬𝑰𝑷𝒋 ∙ 𝒘𝑰𝑷𝒋 ∙
𝑳

𝟐
𝒏𝒐 . 𝑰𝑷𝒔

+ ∑ [𝛅𝐞
𝑨𝑬

𝑰𝑷𝒋]
𝑻

∙ 𝐬𝑰𝑷𝒋 ∙ 𝒘𝑰𝑷𝒋 ∙
𝑳

𝟐
𝒏𝒐. 𝑰𝑷𝒔

 (42) 

The previous equations should be valid for any virtual increment δ, which results in the 
following system of two equations that have to be satisfied simultaneously: 

{
 
 

 
 𝐩𝒃𝒔𝒄 = ∑ [𝐁

𝑫𝑩/𝒄

𝑰𝑷𝒋
]
𝑻

∙ 𝐬𝑰𝑷𝒋 ∙ 𝒘𝑰𝑷𝒋 ∙
𝑳

𝟐
𝒏𝒐.   𝑰𝑷𝒔

∑ [𝛅𝐞
𝑨𝑬

𝑰𝑷𝒋]
𝑻

∙ 𝐬𝑰𝑷𝒋 ∙ 𝒘𝑰𝑷𝒋 ∙
𝑳

𝟐
𝒏𝒐.   𝑰𝑷𝒔

= 𝟎 

                                                                                     

 

(43) 

(44) 

The verification of equation (36) directly demonstrates equation (44) for any δ𝐞𝐴𝐸
𝐼𝑃𝑗

, while 

equation (43) shows that the basic end forces 𝐩𝑏𝑠𝑐 are computed from the internal section 
forces s(x) as in classical DB formulations. 

The element tangent stiffness matrix 𝐊𝑏𝑠𝑐 is then straightforwardly obtained by deriving the 

element end forces 𝐩𝑏𝑠𝑐 with respect to the element basic displacements 𝐮𝑏𝑠𝑐. With the aid 
of the chain rule of derivation and considering that the matrix 𝐁𝐷𝐵/𝑐 does not depend on 

𝐮𝑏𝑠𝑐 the following equation is derived:  

𝐊𝒃𝒔𝒄 =
𝝏𝐩𝒃𝒔𝒄

𝝏𝐮𝒃𝒔𝒄
= ∑ [𝐁

𝑫𝑩/𝒄

𝑰𝑷𝒋 ]
𝑻

∙
𝝏𝐬𝑰𝑷𝒋

𝝏𝐞𝑰𝑷𝒋
∙
𝝏𝐞𝑰𝑷𝒋

𝝏𝐮𝒃𝒔𝒄
∙ 𝒘𝑰𝑷𝒋 ∙

𝑳

𝟐
𝒏𝒐.   𝑰𝑷𝒔

 (45) 

where the partial derivatives of the sectional forces with respect to generalized strains 

𝜕𝐬𝐼𝑃𝑗/𝜕𝐞𝐼𝑃𝑗 correspond, by definition, to the sectional stiffness matrix k. The partial 

derivatives 𝜕휀0
𝐼𝑃𝑗/𝜕𝐮𝑏𝑠𝑐 at each integration point can be calculated from equations (37) and 

(38), making additional use of the conditions expressed in (35) and (36): 

𝝏𝜺𝟎
𝑰𝑷𝟏

𝝏𝒖𝒌
𝒃𝒔𝒄

=

𝝏

𝝏𝒖𝒌
𝒃𝒔𝒄 (

𝟐 ∙ 𝒖𝟏
𝒃𝒔𝒄

𝑳
) − ∑ 𝒘𝑰𝑷𝒋 ∙

(

 
 
𝒌𝟏𝟐
𝑰𝑷𝟏 ∙

𝝏𝝓𝑰𝑷𝟏

𝝏𝒖𝒌
𝒃𝒔𝒄 − 𝒌𝟏𝟐

𝑰𝑷𝒋 ∙
𝝏𝝓𝑰𝑷𝒋

𝝏𝒖𝒌
𝒃𝒔𝒄  

𝒌
𝟏𝟏

𝑰𝑷𝒋

)

 
 

𝒏𝒐.  𝑰𝑷𝒔
𝒋=𝟏

∑ 𝒘𝑰𝑷𝒋 ∙
𝒌𝟏𝟏
𝑰𝑷𝟏

𝒌
𝟏𝟏

𝑰𝑷𝒋
𝒏𝒐.  𝑰𝑷𝒔
𝒋=𝟏

 

(46) 

𝜕휀0
𝐼𝑃𝑗

𝜕𝑢𝑘
𝑏𝑠𝑐 =

(𝑘12
𝐼𝑃1 ∙

𝜕𝜙𝐼𝑃1

𝜕𝑢𝑘
𝑏𝑠𝑐 − 𝑘12

𝐼𝑃𝑗 ∙
𝜕𝜙𝐼𝑃𝑗

𝜕𝑢𝑘
𝑏𝑠𝑐  ) + 𝑘11

𝐼𝑃1 ∙
𝜕휀0

𝐼𝑃1

𝜕𝑢𝑘
𝑏𝑠𝑐

𝑘11
𝐼𝑃𝑗

 
(47) 

where the subscript k is used to indicate the component of 𝐮𝑏𝑠𝑐 with respect to which the 
derivation is performed. The derivatives of the curvatures are not presented here because 
they are similar to those obtained from classical DB approaches. The state determination 
procedure summarised in the flowchart of Fig. 71 depicts the application of the expressions 
presented in the current subsection. 

4.2.3 Axially equilibrated vs classical DB element 

The axially equilibrated displacement-based (DB/ae) formulation was implemented in the 
finite element software SAGRES (Software for Analysis of GRadient Effects in Structures), 
which also includes in its library classical displacement-based (DB/c) and force-based (FB) 
elements [141]. In this subsection the main features of the proposed FE are presented 
resorting to an application example. Namely, models using DB/ae and DB/c elements are 
compared both at the global and local level in order to highlight their relative advantages 
and drawbacks.  
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A 3 m RC cantilever column, subjected to an axial load ratio of about 1.25% and an 
incremental lateral displacement Δ, served as reference structure. The RC section was 300 
mm large, 400 mm deep (bending direction), and 20 mm concrete cover was assumed in 
both directions. The longitudinal reinforcement was formed by 16 Ø10 mm steel bars, 
corresponding roughly to a reinforcement ratio of about 1%. A schematic representation of 
the reference structure as well as of the sectional discretization used in all FE models 
herein considered is shown in Fig. 72(a). The mathematical relation proposed by Popovics 
[116] was used for both confined and unconfined concrete (Ec=30 GPa, f’c=37 MPa, 
εc=0.002, f’cc=42 MPa, εcc=0.003) while a bilinear constitutive law was assigned to the 
longitudinal reinforcement (Es=200 GPa, fy=480 MPa, b=0.005).  

The influence of mesh refinement on the global-level response is investigated in Fig. 72  
(b), which displays pushover curves, in the form of a dimensionless lateral resisting force 
VN=(V×Ls)/(N×h) versus horizontal drift Δ/Ls. Models employing one, two and three DB 
elements (both DB/ae and DB/c), as well as a single FB element were considered. DB 
elements featured two Gauss-Legendre integration points (IPs) while five Gauss-Lobatto 
IPs were used for the FB element model. As discussed in Calabrese et al. [86], FB elements 
are sensitive to the element discretization and a minimum number of four IPs is generally 
required for good-accuracy solutions. DB/c element models, on the other hand, are only 
sensitive to the structural discretization and hence it is not justifiable to use more than two 
integration points per element. For comparison purposes the same number of IPs are used 
as well for DB/ae elements, even though, as discussed below with respect to Fig. 72 (c), a 
larger number would be required for a closer-to-objective response. 

The model with a single DB/c element shows, as expected, the strongest and stiffest 
response due to the constraints imposed in both the axial and transversal displacement 
fields. By removing the constraint on the axial displacement field through the iterative 
procedure introduced in subsection 4.2.1, the model using one DB/ae element provides a 
considerably softer response, causing a reduction in the simulated lateral strength. 
However, it can be noted that the latter is still overestimated when compared to the solution 
provided by the FB formulation, where no displacement fields are assigned and exact 
equilibrium is satisfied. By increasing the mesh refinement, both DB formulations tend to 
the FB solution, although the DB/ae element model converges much faster than the one 
using classical displacement shape functions (e.g., the response with one DB/ae element 
is superior to the one provided by two DB/c elements). 

The impact of the number of integration points on the force-displacement response of the 
DB/ae element is shown in Fig. 72 (c). Different combinations of integration points and 
schemes (Gauss-Legendre/Gauss-Lobatto) were considered using a single FE to 
discretize the structural member. The figure shows that the pushover curves tend to a 
unique, objective solution—represented by the highly refined nine IPs Gauss-Lobatto 
model—as the number of IPs increase. Further, a relatively low number of IPs, e.g. three 
Gauss-Legendre or four Gauss-Lobatto IPs, suffice to provide a satisfactory response. 
Even if two Gauss-Legendre or three Gauss-Lobatto are used, a relatively small numerical 
error of about 10% at peak response is observed for this example. Fig. 72 (c) also shows 
a further particular feature: while FB and DB formulations always provide an upper and 
lower bound for the strain energy respectively, the proposed formulation does not offer a 
bound for this quantity. This relates to the exact verification of equilibrium, which is only 
achieved throughout the element for the axial force but not for the bending moment. Finally, 
the issue of localisation for softening sectional behaviour will not be addressed in the 
present document, although such pathology should occur for this formulation as it occurs 
for DB/c and FB approaches [52]. 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

134 November 2022 

 

 
Fig. 72 Application example: (a) Structural representation and sectional discretization. 
Global-level response of DB/ae models: (b) Influence of mesh refinement; (c) Influence of 
element discretization. 

The local-level performance of models with a single DB/ae element (four Gauss-Lobatto 
IPs) and one DB/c element (two Gauss-Legendre IPs) is compared in the following. Fig. 73 
(a) starts by showing, for three different values of lateral drift, that curvatures profiles are 
linear irrespectively of the employed DB formulation. This is unsurprising since Hermitian 
shape functions are employed in both DB/ae and DB/c approaches to define the element 
transversal displacement field. Note, however, that the curvature profiles of the DB/ae 
element are not quantitatively equal to those of a DB/c element. In fact, although both DB/c 
and DB/ae elements are constrained to curvature linearity, the DB/ae formulation verifies 
the principle of virtual work—as expressed by eq. (43)—under a constant member axial 
force while the DB/c approach satisfies it by assuming a constant axial strain profile. This 
is shown in Fig. 73 (b) and, as expected, on account of the shifting of the neutral axis 
towards the compression side of the section, positive strain values (tension), which 
increase with drift demands, are observed. The figure also depicts the strain profiles for the 
DB/ae element, which evidence different values for distinct integration sections resulting 
from the iterative procedure to obtain a constant axial force along the column. The highest 
tensile average strain is recorded at the bottom IP while at the element top, in 
correspondence of the inversion in sign of the curvature profile that takes place for large 
inelastic demands, small unrealistic tensile axial strains can be perceived. The constraint 
on the curvature profile is responsible for this effect. Overall, the DB/ae element better 
adheres to reality than the DB/c element as the shifting of the neutral axis is expected to 
occur at the cantilever base where the bending moment is largest. Finally, Fig. 73 (c) shows 
the evolution of the axial force at distinct IPs with lateral drift. After an initial elastic phase, 
different IP axial forces occur in the DB/c element, which are symmetric around the value 

of the imposed axial load (𝑁𝐼𝑃𝑗 = 𝑁 ± ∆𝑁). This conservation of average equilibrium, which 
was noted elsewhere [52,86], leads to an incorrect estimation of the flexural capacity of the 
structural member. This bias is not introduce by the DB/ae element, wherein the axial force 
in the four IPs is constant and equal to the external applied axial load. 

The numerical performance of DB/ae and DB/c formulations is analysed in Fig. 74 (a) by 
comparing the number of Newton-Raphson (NR) iterations required to attain convergence. 
Two models providing similar accuracy at the global level response, as shown in Fig. 72, 
were selected: a single DB/ae element with four Gauss-Lobatto IPs and two DB/c elements 
with two Gauss-Legendre IPs per element. Two to four iterations were typically necessary 
for both models, with the DB/ae converging faster on average. This observation is 
corroborated by the fact that a total of about 2700 and 3400 NR iterations were needed for 
the DB/ae and DB/c model respectively, see Fig. 74 (c). Although this could be expectable 
since only one DB/ae element is used, it is an encouraging indicator of the dependability 
of the element tangent stiffness matrix derived in eq. (45). The DB/ae total and average 
number of internal axial equilibrium iterations per NR cycle at each load step are displayed 
in Fig. 74 (b) with black crosses and a grey line respectively. An average of 2.5 iterations 
per NR cycle is required throughout the entire simulation, which represents an acceptable 
increase in computational time. However, as the classical DB formulations do not require 
this iterative procedure they remain comparatively more performant time-wise, see Fig. 74 
(c). 
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Fig. 73 Comparison between DB/ae and DB/c element models at the local level: (a) 
Curvature profiles; (b) Vertical strain profiles; (c) Axial force history in different IPs. 

 

 

Fig. 74 Numerical performance of the DB/ae formulation: (a) DB/ae vs DB/c-Global NR 
iterations; (b) Intra element iterations; (c) Summary of results. 

4.3 Validation examples 

The accuracy of the DB/ae formulation is herein benchmarked against experimental data 
from two series of quasi-static cyclic tests on RC bridge piers (subsection 4.3.1) and RC 
walls (subsection 4.3.2). Models employing DB/c and FB elements are included in the 
comparison in order to point out the strengths and weaknesses of the proposed approach. 
The numerical results are compared against the experimental results with regard to global 
and local quantities.  

4.3.1 Tests on RC bridge piers 

The ability of the DB/ae element to predict the nonlinear response of RC members is 
validated against a selection of quasi-static cyclic tests on circular RC bridge piers 
performed by Goodnight et al. [142]. The test units, which are listed in Tab. 33, were 
selected to be representative of the largest possible spectrum of shear spans 𝐿𝑠/𝐷 ∈
[4 , 8.67] and axial load ratios 𝑁/(𝑓𝑐

′ × 𝐴𝑔)  ∈ [5% , 20%]. The longitudinal and lateral 

reinforcement layout was common to all the specimens and consisted of 10 #6 rebars 
(≈Ø19 mm) and a #3 (≈Ø10 mm) spiral at 2 inches (≈50 mm) pitch, corresponding to vertical 
and lateral reinforcement ratios that ranged between 𝜌𝑙 ∈ [1.6% , 1.7%] and 𝜌𝑤 ∈
[1% , 1.3%]. A qualitative sketch of one of the test units, labelled as T9, is given in Fig. 75 
(a) 

 

 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

136 November 2022 

 

 

Tab. 33 Test matrix used for the validation of the proposed formulation (from [138]). 

Test D [mm] Ls /D [-] 
Longitudinal 
reinforcement (ρl) 

Confining 
reinforcement (ρw) 

N/(f’c×Ag) [-] 

T9 610 4 16 Ø19 (1.6%) Ø10 @50 mm (1%) 5.5% 

T19 457* 5.33 16 Ø19 (1.7%) Ø10 @50 mm (1.3%) 10% 

T20 457* 5.33 16 Ø19 (1.7%) Ø10 @50 mm (1.3%) 5% 

T23 457* 8.67 16 Ø19 (1.7%) Ø10 @50 mm (1.3%) 5% 

T24 457* 8.67 16 Ø19 (1.7%) Ø10 @50 mm (1.3%) 10% 

T27 610* 4 16 Ø19 (1.6%) Ø10 @50 mm (1%) 10% 

T28 457* 5.33 16 Ø19 (1.7%) Ø10 @50 mm (1.3%) 15% 

T29 457* 5.33 16 Ø19 (1.7%) Ø10 @50 mm (1.3%) 20% 

D: Column diameter, Ls: Shear span, *Nominal diameter, not accounting for the fact that cover concrete was 
not present in the instrumented region. 

 

 

Fig. 75 Test series by Goodnight et al. [142]: (a) Sketch of test unit T9; (b) Element 
formulation and discretization; (c) Sectional discretization of test unit T9. 

All columns were subjected to a standard cyclic loading protocol with three cycles at each 
displacement amplitude. Target markers attached to the longitudinal rebars in the plastic 
hinge region tracked the displacements during the test and allowed to isolate the main 
deformation contributions to the total lateral displacement, namely base rotation and 
flexural displacements. Due to the relatively large shear span ratio of the considered test 
units, the impact of shear deformations was negligible. 

The whole set of test units described in Tab. 33 was simulated with models employing 
DB/ae, DB/c and FB elements, following the four schemes depicted in Fig. 75 (b). Two 
models used a single FB element with three and five Gauss-Lobatto integration sections. 
The former represents the minimum number of IPs to simulate the linear response with a 
FB beam column element without under-integration [143]. However, not less than four IPs 
are recommended to simulate the nonlinear hardening response of structural members 
[144]. Despite such consideration, a discretization with three IPs was selected as it ensured 
for the studied specimens an influence length of the bottom integration point similar to the 
measured extent of plasticity as discussed below. The fulfilment of this condition is 

(
a
) 

(
b
) 

(
c
) 
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recommended to optimize the agreement between the numerical results for FB elements 
and the experimental measurements at the local level [52]. For what concerns DB/c and 
DB/ae, models featuring one and two finite elements per structural member were selected. 
Four Gauss-Lobatto IPs were used within each DB element for two reasons: (i) the Gauss-
Lobatto quadrature rule allows to have an integration section at the element ends, which is 
useful if base curvatures are to be compared; (ii) although the DB/c formulation is 
insensitive to element discretization [86], this is not the case for DB/ae elements, which 
requires around four IPs as shown in Fig. 72 For the cases where the structural member is 
discretized with two finite elements, the length of the base element is selected as the upper 
bound of the measured extent of plasticity—Lprt in Fig. 75 (b), which is given by the 
following equation [145]: 

𝑳𝒑𝒓𝒕 = 𝟐𝒌𝑳𝒔 + 𝟎. 𝟕𝟓𝑫 (48) 

where k=0.2×fu /fy-1<0.08 is the factor accounting for the moment gradient as suggested 
by [44], Ls is the shear span, and D is the column diameter. The same sectional 
discretization consisting of 80 confined concrete and 10 steel fibres is used to model the 
columns. They had no cover concrete in the plastic hinge region and therefore no 
unconfined concrete fibres were defined. The exception was specimen T9, for which 16 
unconfined concrete fibers had to be included as well for the sectional discretization as 
represented in Fig. 75 (c). The relationship proposed by Popovics-Mander [116] and 
Menegotto-Pinto [146] were used for the mechanical characterization of concrete and steel. 
The enhancement in concrete strength and strain at peak strength due to confinement were 
computed according to Mander’s model [147]. The main material parameters used to 
characterize the concrete and steel stress-strain laws were derived from the actual material 
tests reported by Goodnight et al. [142], which differed for each tested specimen. Tab. 34 
reports the parameters used to model unit T9. Due to space constraints, the comparison 
between the numerical and experimental results shown in the next figures refer to this 
specimen alone. 

Tab. 34 Main material parameters used in the numerical models of test T9. 

Concrete  Reinforcing steel 

f’c 

[MPa] 
εc 

[‰] 
Ec 
[GPa] 

f’cc 
[MPa] 

εcc 

[‰] 
 

fy 
[MPa] 

fu 
[MPa] 

Es 
[GPa] 

b 

[‰] 
46.9 2 34.3 62.6 5.3  470 640 199.8 7.3 

The force-displacement F- response for all the models discussed above is depicted in Fig. 
76 and compared with the experimental measurements. A different graph is provided for 
each type of element formulation. Flexural displacements are reported on the bottom x-
axis. These correspond to the total displacements of the numerical model; the experimental 
flexural displacements are computed by subtracting the displacement due to base rotation 
from the total displacement. The lateral displacement ductilities corresponding to the 
imposed demands of the cyclic loading protocol are shown in the top x-axis. The following 
observations can be made: (i) The FB models match satisfactorily the experimental data, 
with the model FB 3IPs slightly underestimating the actual response, which is typical for 
the bottom-up type of convergence of FB formulations [86]; (ii) Both DB models using a 

single element overestimate the experimental F- curve, although the error associated to 

the DB/ae is sensibly lower; (iii) A good match of the experimental F- curve is obtained by 
using two DB elements per member, both for the DB/c and the DB/ae approaches. 

The DB/c and DB/ae with two elements per member and the FB element with five IPs (FB 
5IP) are seen to perform better at the global level, which is the reason why they are chosen 
for the following comparison at the local level. The experimental and numerical curvature 
profiles for different levels of displacement ductility are shown in Fig. 77. Taking into 
account the symmetry of the system, only the curvature profiles in the positive direction of 

loading were analysed. Increasing displacement ductility levels from yielding (μ =1) up to 

μ =8 were considered. Within each element, the obtained curvatures at the successive IPs 
are connected with a straight line. For DB elements, were the linearity of curvatures is 
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imposed, this representation of the curvature profiles is exact; for FB elements, it 
corresponds instead to a slight overestimation of the real curvature distribution along the 
element. The better match of the DB/ae formulation is apparent: (a) The model FB 5IPs 
tends to overestimate the base curvature, and markedly so for large drift levels. As an 
example, the relative error1 corresponding to the base curvature (ηϕb) for a ductility demand 

μ=8 is approximately 110%; (b) The opposite trend applies to the DB/c model, which 

underestimates the experimental base curvature (ηϕb=50% for μ=8). Moreover, when such 
elements are employed, it is worthy to notice how the numerical curvature profiles are not 
continuous along the member length, which originates from the non-strict verification of 
equilibrium along each finite element; (c) The match between observed and calculated 
curvature profiles is remarkably improved when DB/ae are used, showing a relative error 

for the base curvature at μ=8 smaller than 5%. The agreement between analytical and 
experimental base curvature appears to decrease with the attained ductility level, with a 

maximum relative error of 35% for μ =2. This can be attributed to the use of a constant 
bottom element length, which does not reflect the experimentally observed decrease on 
the extent of plasticity with ductility demand [138]. Finally, observe that the strict verification 
of axial equilibrium almost completely eliminates the discontinuity in curvatures between 
the bottom and upper elements. 

 
Fig. 76 Experimental vs numerical force-displacement response for test T9: (a) FB, (b) 
DB/c and (c) DB/ae models. 

 
Fig. 77 Experimental vs numerical curvature profiles for test T9 at positive ductility 
levels:(a) FB 5 IPs, (b) two elements DB/c and (c) two elements DB/ae models. 
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The vertical strains are depicted in Fig. 78 and Fig. 79 for the two outmost rebars in tension 
(N3) and compression (S3), which are indicated in Fig. 75 (c). Once again, for both cases 
the DB/ae provides improved strain predictions with respect to DB/c and FB elements 
models, which tend to underestimate and overestimate respectively the maximum 
experimental strains. If base strains are averaged over all ductility levels, the following 

relative errors are obtained: 𝜂𝜀𝑏
𝑁3=75% and 𝜂𝜀𝑏

𝑆3=65% for FB, 𝜂𝜀𝑏
𝑁3=44% and 𝜂𝜀𝑏

𝑆3=37% for 

DB/c, 𝜂𝜀𝑏
𝑁3=9% and 𝜂𝜀𝑏

𝑆3=25% for DB/ae models. The errors for DB/ae reduce to 𝜂𝜀𝑏
𝑁3=2% 

and 𝜂𝜀𝑏
𝑆3=18% if only large ductility levels are considered (μ =6 and μ =8). The discrepancy 

between numerical and experimental strains obtained for the rebar in compression with 
respect to the one in tension is due to the following reasons: (i) compression strain profiles 
are not as linear as their counterpart in tension as they are more influenced by phenomena 
occurring at the micro-level; (ii) the height at which compression strains deviate from 
linearity is smaller than the extent of plasticity (Lprt) used to discretize the structural 
member. A different (shorter) length of the bottom DB/ae element would therefore be 
needed to improve the simulation of compressive strain profiles. For this reason, in the 
framework of plastic hinge models, Goodnight et al. [145] proposed a different plastic hinge 
length Lprc (to be used in conjunction with a bilinear curvature profile) to reliably evaluate 
limit state displacements based on compression strains. Nevertheless, changing the length 
of the base DB/ae element would then inevitably lead to a poorer prediction of both the 
curvatures and tensile strains. The latter have a more clear influence on the measured 
curvatures since, for the same level of top displacement, they are in absolute value 
considerably larger than compression strains.   

 

Fig. 78 Experimental vs numerical vertical strain profiles of rebar N3 for test T9 at positive 
ductility levels: (a) FB 5 IPs, (b) two elements DB/c and (c) two elements DB/ae models. 
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Fig. 79 Experimental vs numerical vertical strain profiles of rebar S3 for test T9 at positive 
ductility levels: (a) FB 5 IPs, (b) two elements DB/c and (c) two elements DB/ae models. 

As a further local level investigation, the comparison between the experimental vertical 
strains of rebar N3 monitored at the bottom of the RC column, and the numerical ones 
(measured at the bottom IP), are shown in Fig. 80. Again, the DB/ae model offers the best 
agreement between simulation and test data, especially regarding the tensile peak strain 
levels. An underestimation of the residual strains at zero displacement level is instead 
common to all three models, indicating that the accumulation of plastic reinforcement 
strains over multiple cycles is not well captured. However, this issue is not directly related 
to the element formulation and could arguably be addressed with more advanced steel and 
concrete constitutive relationships for cyclic response. 

 

Fig. 80 Experimental vs numerical vertical strain history of rebar N3 measured at the base 
section of test T9 for positive ductility levels: (a) FB 5 IPs, (b) two elements DB/c and (c) 
two elements DB/ae models. 
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Tab. 35 Numerical error in the calculation of the base curvature for all the models and 
selected test units tested by Goodnight et al. [131] at different ductility levels. 

Test 
Ductility  
Level (μΔ) 

Base curvature average relative error: 𝜼𝝓𝒃
𝒂𝒗𝒈

=
𝟏

𝟐
(|𝟏 −

( 𝝓𝒃,𝒂𝒏
+ )

𝝓𝒃,𝒆𝒙𝒑
+ | + |𝟏 −

( 𝝓𝒃,𝒂𝒏
− )

𝝓𝒃,𝒆𝒙𝒑
− |) 

FB 3IPs FB 5IPs DB/c 1 ele. DB/c 2 ele. DB/ae 1 ele. DB/ae 2 ele. 

T9 

μΔ = ± 2 43.6% 18.3% 65.1% 55.5% 59.9% 35.6% 

μΔ = ± 4 28.3% 92.7% 61.2% 47.2% 54.6% 15.6% 

μΔ = ± 6 19.5% 124.8% 58.1% 41.8% 50.0% 5.8% 

T19 

μΔ = ± 2 45.2% 5.9% 64.6% 53.9% 61.4% 35.1% 

μΔ = ± 4 37.6% 53.9% 64.1% 49.7% 60.2% 22.5% 

μΔ = ± 6 32.7% 68.5% 62.3% 46.1% 57.7% 16.1% 

T20 

μΔ = ± 2 49.0% 6.3% 67.4% 58.0% 63.6% 38.5% 

μΔ = ± 4 33.6% 58.7% 62.6% 48.1% 57.5% 17.6% 

μΔ = ± 6 33.1% 46.8% 62.9% 48.4% 57.7% 16.8% 

T23 

μΔ = ± 2 52.1% 5.6% 69.4% 56.0% 65.8% 34.9% 

μΔ = ± 4 39.0% 45.9% 65.5% 45.0% 60.9% 11.2% 

μΔ = ± 6 35.6% 26.2% 64.7% 42.7% 59.6% 4.2% 

T24 

μΔ = ± 2 51.0% 5.4% 68.2% 54.2% 65.2% 34.8% 

μΔ = ± 4 40.1% 47.5% 65.5% 44.5% 61.7% 12.9% 

μΔ = ± 6 38.1% 55.9% 65.4% 42.4% 61.1% 8.4% 

T27 

μΔ = ± 2 32.4% 44.2% 58.1% 47.3% 53.9% 23.4% 

μΔ = ± 4 17.7% 111.6% 53.8% 38.9% 48.3% 5.9% 

μΔ = ± 6 16.5% 119.7% 54.2% 38.3% 47.9% 5.0% 

T28 

μΔ = ± 2 35.0% 34.0% 58.5% 45.3% 55.7% 21.9% 

μΔ = ± 4 30.8% 79.9% 59.8% 44.1% 56.5% 13.7% 

μΔ = ± 6 30.0% 88.5% 60.3% 43.4% 56.4% 12.3% 

T29 

μΔ = ± 2 37.0% 31.7% 59.2% 45.8% 57.4% 24.8% 

μΔ = ± 4 31.6% 78.7% 59.3% 43.5% 57.2% 14.7% 

μΔ = ± 6 30.2% 90.8% 59.3% 42.3% 56.7% 12.5% 

 

Finally, Tab. 35 compares the experimental base curvatures of the entire dataset units with 

all the employed models for three distinct values of displacement ductility (μ =2, μ =4 and 

μ =6). The comparison is made in terms of average relative error (𝜂𝜙𝑏
𝑎𝑣𝑔

), which is defined 

as the mean of the relative base curvatures errors for the positive and negative directions 

of loading. For each test unit and ductility level, the minimum value of 𝜂𝜙𝑏
𝑎𝑣𝑔

is highlighted in 

bold in Tab. 35. For most cases, the model composed of two DB/ae elements per structural 

member provides the best simulation of base curvatures.  The 𝜂𝜙𝑏
𝑎𝑣𝑔

predicted by such model 

results generally smaller than 20% and tends to decrease for increasing inelastic demands. 

Values of 𝜂𝜙𝑏
𝑎𝑣𝑔

larger than 30% are obtained only for μ =2 in tests T9, T19, T20, T23 and 

T24, in which cases the model FB 5 IPs leads to the best predictions. For larger values of 

μ the experimental base curvatures are consistently and largely overestimated by the 
model FB 5IPs, as confirmed by Fig. 77. 

4.3.2 Tests on RC structural walls 

Five out of the six RC walls (labelled WSH1 to WSH6) from the experimental campaign 
carried out by Dazio et al. [148] are used in this subsection for validation purposes. Wall 
WSH1 was disregarded due to the poor ductility properties of the longitudinal reinforcement 
which led the specimen to fail at a low level of inelasticity. Moreover only manual 
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measurements were employed to evaluate local level quantities of WSH1, which were 
judged less reliable than those of all the other tests where hard wired instruments were 
used.  

The main geometrical and loading characteristics of the test specimens are shown in Tab. 
36. A constant vertical load was applied at the top of the specimens, which were then 
subjected to a standard cyclic loading protocol [149]. The test units differed mainly with 
regard to the layout and content of both longitudinal and horizontal reinforcement, as well 
as to the applied axial load ratio. 

Local deformations were obtained from linear variable differential transformers (LVDTs) 
and Demec measurements, allowing to isolate the different contributions to the total lateral 
displacement, namely due to flexure, base rotation and shear. The latter played a non-
negligible role (up to a maximum of around 10% of the total deformation) due to the small 
shear span ratios and thus could not be disregarded. In the framework of Euler-Bernoulli 
beam theory, shear deformations are not considered and therefore, in order to compare 
consistently numerical and experimental results, their contribution had to be removed from 
the total lateral displacement. However, this does not represent a limitation to the present 
validation example since: (i) the proposed formulation can be extended to a more general 
one accounting for shear deformations, e.g. Timoshenko beam theory; (ii) shear 
deformation can be included separately as a ratio of the flexural displacement [44,150–
152]. 

The same models described in the previous subsection 4.3.1—i.e. FB 5IPs, FB 3IPs, 1 and 
2 elements DB/c, 1 and 2 elements DB/ae—are employed to simulate the set of chosen 
RC walls. Due to space constrains, only test unit WSH6 is used in the following paragraphs 
to show and discuss the comparison between numerical and experimental results, both at 
the global and local level. The summary of the response of the entire set of RC walls is 
included in a table provided at the end of the present subsection.  

The geometry and cross sectional reinforcement layout of wall WSH6 are depicted in Fig. 
81 (a) and (b). Well confined boundary elements were present to increase the flexural 
capacity of the structural member. The longitudinal reinforcement consisted of 22 Ø8 mm 
and 6 Ø12 mm bars for the web (ρw=0.54%) and boundary elements (ρb=1.54%). The shear 
reinforcement was composed of Ø6 mm bars spaced 150 mm while Ø6mm and Ø4.2 mm 
hoops at 50 mm were employed to properly confine the wall edges. The fibre sectional 
discretization used in the numerical models is displayed in Fig. 81 (c). As in the previous 
subsection, the material models proposed by Popovics-Mander [116] and Menegotto-Pinto 
[146] were adopted to characterize the concrete and steel stress-strain laws. Different 
confinement factors were computed according to the model by Mander et al. [147] for the 
core concrete in the web and in the boundary elements. The main material parameters are 
given in Tab. 37. When two elements were employed to discretize the structural member 
(DB/c and DB/ae), the length of the one at the bottom was taken as the height of the plastic 
zone Lpz., which is defined by Dazio et al. [148] as the height at which the plastic curvature 
profile is equal to the yield curvature.  

The experimental and numerical force-displacement responses of wall WSH6 are 

contrasted in Fig. 82. On the bottom x-axis, flexural displacements f were calculated by 
subtracting the displacements due to base rotation and shear deformations from the total 

lateral displacements. Displacement ductility μ and lateral resisting force V are instead 
represented on the top x-axis and vertical y-axis. The two DB models using two elements 
per structural member satisfactorily reproduce the experimental results. Namely, the force 
capacity at all displacement reversals is adequately captured, with relative errors 𝜂𝑉 < 5%. 
FB models are slightly less accurate, underestimating the resisting force at loading 
reversals (𝜂𝑉 up to 12%). As expected, the DB models using a single FE overestimate the 
strength capacity of the structural member, although this effect is significantly less 
pronounced for the DB/ae model. 
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Tab. 36 Main properties of test units by Dazio et al. [148]  used for validation of the 
DB/ae formulation. 

Test 
Ls h Ls/h t N/(f’c×Ag) ρl,bound ρl,web ρh Conf. BE1 

[mm] [mm] [-] [mm] [%] [%] [%] [%] [-] 

WSH2 4560 2000 2.28 150 5.7 1.32 0.30 0.25 ✓ 

WSH3 4560 2000 2.28 150 5.8 1.54 0.54 0.25 ✓ 

WSH4 4560 2000 2.28 150 5.7 1.54 0.54 0.25  

WSH5 4560 2000 2.28 150 12.8 0.67 0.24 0.25 ✓ 

WSH6 4520 2000 2.20 150 10.8 1.54 0.54 0.25 ✓ 

Ls: shear span, h: wall length, t: wall thickness, N/(f’c×Ag): axial load ratio, ρl,bound: boundary elements 
longitudinal reinforcement ratio ρl,web: web longitudinal reinforcement ratio ρh: horizontal reinforcement ratio 
Conf. BE1: additional confining and stabilizing reinforcement in the boundary elements (hoops and ties) 

 

 

Fig. 81 Test unit WSH6: (a) Sketch of geometry and applied loading; (b) reinforcement 
layout and (c) sectional discretization. 

Tab. 37 Main material parameters used in the numerical models of test WSH6, derived 
from the properties reported by Dazio et al. [137]. 

Concrete  Reinforcing steel 

 f’c 

[MPa] 
εc 

[‰] 
Ec 
[GPa] 

f’cc 
[MPa] 

εcc 

[‰] 
 

fy 
[MPa] 

fu 
[MPa] 

Es 
[GPa] 

b 

[‰] 
Web 45.6 2 36.9 48.4 2.6 Ø8 mm 576 675 200 9.3 

Boundary 45.6 2 36.9 53.5 5.1 Ø12 mm 583 714 200 8.4 

At the local scale of analysis, the numerical versus the experimental curvature and strain 
profiles of corner rebars are displayed in Fig. 83 and Fig. 84. Only the models yielding the 
best match at the global level are included in the comparison, i.e. FB 5IPs, DB/c and DB/ae 
with two elements per structural member. Several displacement ductility demands are 
considered, each one corresponding to a point of reversal in the hysteretic force-
displacement response of Fig. 82. Due to the symmetry of both specimen cross-section 
and loading protocol, only curvature and strain profiles relative to positive top 
displacements are shown.  

The DB/ae element model best matches the experimental curvatures, with ηϕb<10% for all 

ductility levels. For large values of μ, the base curvatures are greatly underestimated by 

the DB/c model (e.g., ηϕb>40% for μ=8) and overestimated by the FB 5IPs model (e.g., 

ηϕb>120% for μ=8). Similar comments apply regarding the tensile strain profiles of Fig. 84. 
Strain profiles in compression are instead best captured by the model FB 5IPs. Although 
the DB/ae model performs slightly better than the DB/c, both underestimate the recorded 
maximum compressive strain. As discussed in subsection 4.3.1, this is a direct 
consequence of the assumed FE discretization of the structural member. A smaller length 

(
a
) 

(
b
) 

(
c
) 
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for the base element would have improved the comparison at the price of worsening both 
the simulated curvatures and tensile strains. The good fit from the model FB 5IPs is 
however not a general rule, as confirmed by the results obtained in the previous subsection 
(Fig. 79). 

 

Fig. 82 Experimental vs numerical force-displacement response for test WSH6: (a) FB, 
(b) DB/c and (c) DB/ae models. 

Finally, numerical and experimental base curvatures for the entire set of employed models 

and selected RC walls are compared in Tab. 38 in terms of the average relative error (𝜂𝜙𝑏
𝑎𝑣𝑔

), 

which is calculated at three distinct ductility levels. Similar to the results of the previous 
subsection (Tab. 35), the DB/ae model with two elements per structural member generally 
leads to the highest precision. Once again, the worst results are obtained at the lowest 

ductility level (μ=2), reaching a value of 𝜂𝜙𝑏
𝑎𝑣𝑔

 around 30%. This is sensibly smaller than 

the relative errors obtained with any of the other models, where the maximum 𝜂𝜙𝑏
𝑎𝑣𝑔

 ranged 

from 50% to 120%.  

 

Fig. 83 Experimental vs numerical curvature profiles for test WSH6 at positive ductility 
levels: (a) FB 5 IPs, (b) two elements DB/c and (c) two elements DB/ae models. 
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Fig. 84 Experimental vs numerical vertical strain profiles of corner rebars for test WSH6 
at positive ductility levels: (a) FB 5 IPs, (b) two elements DB/c and (c) two elements 
DB/ae models. 

Tab. 38 Numerical error in the calculation of the base curvature for all the models and 
selected test units tested by Dazio et al. [137] at different ductility levels. 

Test 
Ductility  
Level (μΔ) 

Base curvature average relative error: 𝜼𝝓𝒃
𝒂𝒗𝒈

=
𝟏

𝟐
(|𝟏 −

( 𝝓𝒃,𝒂𝒏
+ )

𝝓𝒃,𝒆𝒙𝒑
+ | + |𝟏 −

( 𝝓𝒃,𝒂𝒏
− )

𝝓𝒃,𝒆𝒙𝒑
− |) 

FB 3IPs FB 5IPs DB/c 1 ele. DB/c 2 ele. DB/ae 1 ele. DB/ae 2 ele. 

WSH2 

μΔ = ± 2 17.1% 16.8% 55.1% 7.7% 40.0% 0.2% 

μΔ = ± 4 34.1% 58.3% 68.3% 27.4% 58.1% 10.1% 

μΔ = ± 6 56.4% 15.7% 80.0% 52.2% 73.2% 22.7% 

WSH3 

μΔ = ± 2 29.8% 76.1% 28.0% 25.8% 23.1% 30.9% 

μΔ = ± 4 24.5% 89.7% 61.0% 44.2% 51.2% 8.8% 

μΔ = ± 6 35.1% 79.5% 68.1% 53.2% 59.6% 22.2% 

WSH4 

μΔ = ± 2 20.4% 37.2% 52.8% 27.4% 41.7% 3.0% 

μΔ = ± 4 35.2% 70.2% 67.0% 44.4% 58.5% 15.0% 

μΔ = ± 6 N/A N/A N/A N/A N/A N/A 

WSH5 

μΔ = ± 2 14.9% 20.7% 27.8% 12.2% 23.0% 30.3% 

μΔ = ± 4 20.9% 36.9% 59.2% 20.6% 49.8% 13.4% 

μΔ = ± 6 38.8% 57.5% 70.8% 36.4% 62.7% 6.8% 

WSH6 

μΔ = ± 2 12.1% 63.0% 34.4% 9.2% 21.7% 17.9% 

μΔ = ± 4 25.0% 86.2% 60.9% 40.9% 53.0% 6.1% 

μΔ = ± 6 19.4% 124.8% 59.1% 36.6% 50.9% 10.7% 

4.3.3 Limitations 

The validation examples presented in the previous sub-sections have shown that the DB/ae 
formulation can be effectively used in the simulation of the cyclic-nonlinear response of RC 
members with an encouraging match occurring also at the local strain level. Namely, it was 
shown that the linear curvature profile that develops in the plastic hinge region of a member 
in single bending due to tension shift effects can be captured by employing two DB/ae 
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elements, and assigning a length for the bottom element equal to the extent of plasticity. 
This quantity is not usually available for engineering practice applications, and further 
research is yet required on the subject. A first approximation to estimate the extent of 
plasticity, which appears to be reasonably accurate for the present case studies, can be 
obtained by multiplying the ‘equivalent plastic hinge length’ as proposed by Priestley et al. 
[44] by a factor of two. This factor intends to account for the fact that the curvature profile 
is not constant but rather approximately linear within the inelastic region. 

Additionally, as observed by Goodnight et al. [145], the length of plastification increases for 
increasing ductility demands, which is not accounted for in the present formulation. This 
contributes to a worse agreement between numerical and experimental local quantities for 
small ductility levels. Another limitation is that different lengths should be assigned to the 
bottom DB/ae element in order to optimally simulate tensile or compressive strain demand 
profiles. Because tension shift effects do not play a relevant role for compressive strains, a 
shorter length than the extent of plasticity would be required. However, this modelling issue 
is not specific to the present formulation as discussed by Goodnight et al. [145] in the 
context of plastic hinge analysis. Finally, it is noted that the entire set of test units used for 
validation showed a hardening behaviour of the structural member. Further research is 
required to investigate the softening response of the proposed DB/ae model. 

4.4 Conclusions 

Recent experimental tests on cantilever RC piers have confirmed that tension shift effects 
play an important role in the distribution of local level quantities such as strains and 
curvature profiles. Namely, linear curvatures are generated in the plastic hinge region due 
to inclined shear cracks, which intersect the elastic curvature profile at a certain height 
above the member foundation. These effects cannot be captured by current force-based 
formulations that satisfy equilibrium exactly, which consider only the effect of the moment 
gradient. Displacement-based formulations provide the natural framework to account 
additionally for tension shift effects as the linear plastic curvature distribution observed 
within the plastic region can be reproduced by imposing appropriate transversal 
displacement fields to the beam element.  

However, the linear axial displacement profile used in classical displacement-based 
elements is a fundamental limitation to the accuracy of this approach when inelastic 
material behaviour is considered. The resulting axial forces are equilibrated only in an 
average sense, resulting in poor simulations of the experimental force-displacement 
response, as well as curvature and strain profiles. 

In view of the above, this Chapter presents a displacement-based element that strictly 
satisfies axial equilibrium.  An intra-element iterative scheme that automatically adjusts the 
axial strain profile is implemented to attain constant axial forces in all integration points, 
and equal to the applied axial load. The curvature profiles are instead kept linear as in 
classical displacement-based elements, although they result quantitatively different on 
account of the axial equilibrating procedure. The principle of virtual work is employed to 
obtain the element basic forces and a consistent stiffness matrix.  

The axially equilibrated displacement-based element is validated against two sets of cyclic 
tests on RC cantilever piers and walls. Assuming an appropriate member discretization, it 
provides accurate results in terms of global and local scale response. Namely, the 
simulation of experimental curvatures and strains show a significant improvement when 
compared with models using classical force-based or displacement-based elements. As an 
example, when base curvatures over different ductility levels are considered, the model 
using the proposed formulation provides the best estimation in about 80% of the cases. 
Nevertheless, due to the different length of the plastic region over which tensile and 
compressive strains develop, different levels of accuracy are obtained for these quantities. 
The improved predictions come at the cost of slightly increased computational time with 
respect to the classical displacement-based formulation. 
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5 Uniaxial Cyclic Tests on RC Wall Boundary 
Elements with Lap Splices 

This Chapter presents an experimental programme consisting of 24 RC members tested 
under uniaxial cyclic loading. The units are used as proxy of RC wall boundary elements, 
of which 22 featured lap splices above the foundation level and two were reference units 
with continuous reinforcement. The Chapter represents the post-print version of the data 
paper:  

D. Tarquini, J.P. Almeida, K. Beyer, 2018. “Uniaxial cyclic tests on reinforced concrete 
members with lap splices”, Earthquake Spectra, published online, DOI: 
10.1193/041418EQS091DP. 

Figures and tables formatting, reference-, section-, and equation- numbering were adapted 
to the style of this document. 

Abstract  

This Chapter presents the quasi-static uniaxial cyclic tests of 24 RC members, of which 22 
feature lap splices and two are reference units with continuous reinforcement. The 
objective of the experimental programme is to investigate the influence of lap splice length, 
confining reinforcement and loading history on the behaviour of lap splices. Particular 
attention is placed on the measurement of local deformation quantities such as lap splice 
strains and rebar-concrete slip. Details on the geometry and reinforcement layout of the 
specimens as well as on the employed test setup, instrumentation and loading protocols 
are provided. The global behaviour of the test units including the observed crack pattern 
and failure modes are discussed. The organization of the experimental data, which are 

made available for public use under DOI: 10.5281/zenodo.1205887, is outlined in detail. 

5.1 Introduction 

The strength and ductility capacity of reinforced concrete (RC) members may be 
considerably reduced by the presence of lap splices, particularly if located in regions where 
the inelastic deformations are largest, such as plastic hinges. Several experimental 
programmes can be found in the literature on spliced RC members, the majority of which 
aimed at investigating the lap splice strength under monotonic (e.g. [20,21]) and cyclic (e.g. 
[4,5]) loading. A complete review of past experimental tests is available in Chapter 2. 
Research on the displacement capacity of lap splices is instead scarcer and it was only 
recently addressed by Biskinis and Fardis [19], Hannewald [18], and Tarquini et al. [153] 
(corresponding to Chapter 3 of the present document), who proposed limit strains defining 
the lap splice failure. However, the latter were based on semi-empirical approaches or 
limited experimental databases of members subjected to flexural loads wherein only global 
displacements were typically measured. Therefore, broader and more detailed test data 
are required in order to better characterize the full hysteretic response of lap splices as a 
function of the main influencing parameters.  

This Chapter presents quasi-static tension-compression cyclic tests on 24 half-scale RC 
wall boundary elements carried out at the Earthquake Engineering and Structural 
Dynamics (EESD) Laboratory of the École Polytechnique Fédérale de Lausanne (EPFL). 
The test units, of which 22 with lap splices and two reference units with continuous 
reinforcement, were designed based on the RC walls tested by Bimschas [24] and 
Hannewald [26]. Details on the prototype structure, which represent a typical Swiss bridge 
pier, as well as on the scaling procedure can be found in Bimschas [24]. The tests of the 
boundary elements have as objectives to study the influence of lap splice length, confining 
reinforcement and loading history on the behaviour of lap splices. These parameters were 

https://doi.org/10.1193/041418EQS091DP
https://doi.org/10.1193/041418EQS091DP
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singled out in Chapters 2 and 3 as those that influence the ductility of spliced RC walls 
most.  

The document is organized as follows: the geometry of the test units, the reinforcement 
layout and the mechanical features of the employed materials are first introduced. The test 
setup, loading protocol and the utilized instrumentation are then described. Next, the 
behaviour of the specimens in terms of crack patterns and failure modes is addressed. A 
section is dedicated to the organization of the raw and post-processed test data, which are 
shared online and free for download. Finally, few example plots that can be obtained from 
the processed experimental data are provided. 

5.2 Description of the test units 

5.2.1 Geometry and reinforcement layout 

The entire set of test units (TUs) are listed in Tab. 39, together with the main geometrical 
and reinforcement layout characteristics. As an example, a 3D representation as well as 
the vertical and cross-sectional views of specimen LAP-P1 are displayed in Fig. 85. Fig. 
85d shows also the position of the bars that are anchored in the top beam and in the bottom 
foundation, respectively. These bars are referred to in the following as top-anchored and 
bottom-anchored bars.  

All TUs share the same geometry with a column height h = 1260 mm and a square cross-

section of side dimension b = 200 mm. A 550550310 mm foundation and top beam were 
casted at the member extremities, in order to allow for the anchorage of the longitudinal 
rebars and to clamp the specimens to the testing machine.  

Tab. 39 Main geometrical features and reinforcement details of the specimens.  

Label h b ls Al (ρl) At (ρt) LH 

 [mm] [mm] [mm] [mm] [mm] [-] 

LAP-P1 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@100 (0.3%) C1 

LAP-P2 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@300 (0.1%) C1 

LAP-P3 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) C1 

LAP-P4 1260 200 350 (25 Øl) 4Ø14 (1.5%) Ø6@100 (0.3%) C1 

LAP-P5 1260 200 840 (60 Øl) 4Ø14 (1.5%) Ø6@300 (0.1%) C1 

LAP-P6 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) M 

LAP-P7 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) C1 

LAP-P8 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) M 

LAP-P9 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) C2 

LAP-P10 1260 200 840 (60 Øl) 4Ø14 (1.5%) Ø6@100 (0.3%) C1 

LAP-P11 1260 200 350 (25 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) C1 

LAP-P12 1260 200 350 (25 Øl) 4Ø14 (1.5%) Ø6@300 (0.1%) C1 

LAP-P13 1260 200 840 (60 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) C1 

LAP-P14  1260 200 840 (60 Øl) 4Ø14 (1.5%) [-] (0%) C1 

LAP-P15 1260 200 560 (40 Øl) 4Ø14 (1.5%) [-] (0%) C1 

LAP-P16 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@150 (0.2%) C1 

LAP-P17 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) C1 
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LAP-P18 1260 200 700 (50 Øl) 4Ø14 (1.5%) Ø6@200 (0.15%) C1 

LAP-P19 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) M 

LAP-P20 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) C1 

LAP-P21 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) C3 

LAP-P22 1260 200 560 (40 Øl) 4Ø14 (1.5%) Ø6@120 (0.25%) C4 

LAP-C1 1260 200 [-] 4Ø14 (1.5%) Ø6@200 (0.15%) C1 

LAP-C2 1260 200 [-] 4Ø14 (1.5%) Ø6@100 (0.3%) C1 

Legend: h: specimen height; b: cross-section width; ls: lap splice length; Øl: longitudinal bar diameter; 
Al: longitudinal reinforcement content; ρl: longitudinal reinforcement ratio; At: confining reinforcement content; 
ρt: confining reinforcement ratio; LH: loading history type 

 

 
(a) (b) (c) (d) 
Fig. 85 Main geometrical and reinforcement features of specimen LAP-P1: (a) 3D 
representation; (b) and (c) Vertical sections along E-W and N-S directions; (d) Cross-
section. 

The longitudinal reinforcement was composed of four diameter (Øl) 14 mm rebars which, 
in 22 out of the 24 test units (identified with the label LAP-P(i) in Tab. 39), were spliced 
above the column-foundation interface. The top anchored rebar was always placed on the 
outside with respect to the one anchored to the foundation—see Fig. 85 (d). The lap splice 
length (ls) was a variable parameter of the experimental programme and ranged from 25 to 
60 times the longitudinal rebar diameter Øl. Two TUs featured continuous reinforcement 
and were labelled LAP-C(i). Transverse (confining) reinforcement was provided by Ø6 mm 
hoops with 90-degree hooks, as representative of 60s and 70s central European 
construction practice (Fig. 85  (d)). The confining reinforcement ratio (ρt) was the second 
variable parameter of the test programme and was bounded between 0 and 0.3%. Both 
ranges of ls and ρt were defined in order to investigate pre-seismic [38,80] as well as code 
compliant [50,62] detailing configurations. A clear concrete cover c = 20 mm, measured 
from the outer edge of the stirrups, was adopted.  

For instrumentation purposes, specifically-designed plastic pieces, removed after casting, 

were used to create 2030 mm holes in the concrete cover and allow the spliced bars to 
be visible at pre-defined locations. More details on the dimensions and locations of these 
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constructive details can be found in subsection, titled ‘Optical Triangulation 
Measurements’. 

5.2.2 Material properties 

The TUs were cast horizontally, four at a time. Concrete strength was assessed for each 

casting series by testing three 160320 mm concrete cylinders according to SIA [154]. The 
average concrete cylinder strength (f’c) and the units of the corresponding batch are 
displayed in Tab. 40.  

All the rebars composing the longitudinal reinforcement (Øl = 14 mm) were obtained from 
the same production batch as well as those used for the transverse reinforcement 
(Øt = 6 mm). The main steel properties were derived from uniaxial tension tests [154] and 
are reported in Tab. 41; it is noted that, differently from the hot-rolled steel used for the 
longitudinal reinforcement, the cold-formed transverse steel did not present any yield 
plateau. The test results as well as the full steel stress-strain curves are part of the shared 
data, as discussed in section 5.5. 

Tab. 40 Mean concrete cylinder strength.  

TU LAP- 
P1, P2,  
P3, C1 

P4, P5,  
P7, P9 

P6, P8,   
P10, C2 

P11, P12, 
P13, P14 

P15, P16, 
P17, P18 

P19, P20, 
P21, P22 

f’c [MPa] 31.7 30.4 31.6 33.1 34.4 33.5 

f’c : concrete cylinder compressive strength, determined from three tests per casting series. 

 

Tab. 41 Mechanical characterization of the reinforcing bars (six tests per diameter).  

Reinforcement fy [MPa] fu [MPa] εy [%] εh [%] εu [%] 

Longitudinal (Ø14 mm) 510 635 0.25 0.95 9.3 

Transverse (Ø6 mm) 475 625 0.25 0.25 9.8 

f’c : concrete cylinder compressive strength, determined from three tests per casting series. 

 

5.3 Test Setup, loading protocol and instrumentation 

5.3.1 Test setup 

The test setup used for all the specimens is depicted in Fig. 86. The TUs are clamped, both 
at the foundation and the top beam level, to two T-shaped steel profiles. The latter are in 
turn pre-stressed to the testing machine which is composed of a mobile bottom hydraulic 
piston and a fixed top. The actuator has a capacity of 2.5 MN in tension and 10 MN in 
compression, and a stroke of 250 mm. 
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(a)                           (b) 

Fig. 86 Test setup: (a) CAD rendering; (b) Bird’s-eye view. 

5.3.2 Loading protocol 

The tests were performed under quasi-static loading conditions and displacement control. 
Five different protocols, including four cyclic and one monotonic, were defined in order to 
investigate the impact of the loading history on the behaviour of lap splices. The four cyclic 
loading protocols differed with regard to the ratio of tension and compression 
displacements that were applied within one cycle. This ratio was chosen as a test 
parameter because damage inferred by compression strains can affect the force-
displacement response of lap splices under tension. In the following, the various loading 
protocols are described. The protocol that was applied to each TU is reported in the loading 
history (LH) column of Tab. 39. 

 Reference cyclic LH (C1): It consists in the application of increasing vertical 

displacements (Δv) with a 10:1 ratio between tension and compression. This ratio was 

determined based on the strain proportion observed along the lap splice region of the 
walls tested by Bimschas [24] and Hannewald [26] at the onset of splice failure. Each 
peak displacement is referred to as load step (LS); a cycle is composed of two LS 
(tension and compression) and two cycles are performed at each displacement 
amplitude, as shown in Fig. 87 (a). Average vertical strains (εv), obtained as the ratio of 
the applied vertical displacements (Δv) and the specimen height (h) are indicated on the 

right y-axis. After the first three displacement levels at Δv = 1, 2 and 3 mm (εv ≈ 0.08, 
0.16 and 0.24%), which correspond to the pre-yield phase, 3 mm increments were 

considered for the following amplitudes (Δv = 6, 9, 12… or εv ≈ 0.48, 0.71, 0.95%) until 

specimen failure. The latter is defined to occur when the structural member has lost 
more than 20% of its maximum recorded axial force, either in tension or compression. 
The test is then concluded with a final pulling cycle until a large level of displacement 
deemed close to compromising the member integrity.  

 Double compression LH (C2): Similar to the reference protocol (C1) except that the 
imposed compression levels were twice as large, i.e., tension to compression ratio of 
10:2, see Fig. 87 (b).  

 Repeated cyclic LH (C3): No negative displacements are applied. On each LS following 
a tensile displacement, the TUs are unloaded to zero displacement—Fig. 87 (c). 
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 Fixed high compression force LH (C4): A value of approximately 90% of the axial load 
ratio (ALR = N 𝑓𝑐

′∙Ag⁄ ) is applied at each compression LS, see Fig. 87 (d).  

 Tensile monotonic LH (M): The column is subjected to a monotonically increasing 
tensile displacement until failure of the four lap splices. 

 
Fig. 87  Cyclic loading protocols used in the experimental program: (a) Reference cyclic-
C1; (b) Double compression-C2; (c) Repeated cyclic-C3; (d) Fixed high compression force-
C4. 

It has to be pointed out that the actual applied protocols slightly differed from the intended 
ones described above as the actuator was stopped manually at each load step. The real 
displacement history imposed during each test is reported in the individual TU reports that 
are discussed in section 5.5. 

5.3.3 Instrumentation 

The test units were instrumented using conventional measurements and optical 
triangulation systems. Crack widths were measured manually. Moreover, at each LS, 
photos were taken and videos recorded. 

Conventional Measurements 

The same conventional instrumentation was used in all the tests of the experimental 
programme. A total of 33 channels were recorded with the available data acquisition 
software [155], of which 18 were directly measured and 15 computed. Displacements were 
evaluated by means of linear variable differential transformers (LVDTs), while load cells 
were employed to monitor forces.   

Four LVDTs (100 mm stroke) were installed with a plumb line system at the column corners, 
from the top beam to the foundation interface, see Fig. 88 (a) and (b). They were used to 
pilot the testing machine as they indicated the applied net column deformation. Three 
LVDTs in series (with different strokes) were also placed on both the east and west 
specimen faces, as shown in Fig. 88 (a) and (b). Their base-lengths varied from test to test 
with the main objective of having a back-up measure of the strains in the lap splice region, 
besides the one obtainable from the optical triangulation system discussed below. A 
supplementary LVDT was connected to the bottom mobile actuator of the testing machine 
to monitor that the deformations due to the test setup remained relatively small. Four load 

(
a
) 

(
c
) 

(
b
) 

(
d
) 
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cells to measure the axial force, with a total capacity of 2000 kN, were located below the 
fixed top of the testing machine, as depicted in Fig. 86 (a). Additionally, an internal load cell 
back-calculated the imposed force from the hydraulic pressure of the machine actuator.  
Detailed information on the conventional measurements can be found in the individual TU 
reports, as discussed in section 5.5. 

 
(a) (b) (c) (d) 

Fig. 88 Instrumentation installed on the TU: (a) Sketch of the LVDTs pattern and close-up 
of the plumb-line LVDT system; (b) Photo of the prior-to-test east face of LAP-P1; (c) LEDs 
distribution for specimens with a lap splice length ls=40Øl; (d) Photo of the prior-to-test north 
face of LAP-P1. 

Optical Triangulation Measurements 

The north and south column faces were instrumented with a dense mesh of light-emitting 
diodes (LEDs). The three-dimensional displacement of each LED was tracked by two 
cameras, one per TU side, and each featuring three digital optical sensors. The hardware 
and software provided by the commercial system NDI Optotrak Certus HD [156] was used. 

The LED mesh on the column concrete surfaces was designed as a function of the lap 
splice length; it was therefore unit-specific but it normally followed gridlines spaced 100 mm 
in the vertical and 50 mm in the horizontal direction, as shown in Fig. 88 (c) and (d). 
Furthermore, LED pairs were also glued at a regular vertical spacing of 100 mm to the spliced 
adjacent rebars, as depicted in the close-up of Fig. 88 (c), in the concrete holes left during the 
casting phase. Such disposition permitted to track the relative slip between the spliced bars as 
well as between each bar and the surrounding concrete. Finally, on both north and south sides, 
two LED rows were attached to the foundation and top beam, as well as single markers glued 
on the steel profiles.  

The LED data were recorded during loading and, for a short time period, at each LS. The 
latter aimed at registering stable (constant) values of the imposed vertical displacements. 
In the data post-processing phase, the initial random numbering of the LEDs was ordered 
and their coordinates were transformed to the following spatial reference system: the x and 
z axes refer to the horizontal directions (positive from east to west and from north to south 
respectively) while the y-axis to the vertical direction (positive from bottom to top). The 
origin of the coordinate system is defined as the LED located at the column north-east 
bottom corner, see Fig. 88 (c). The specific LED grid for each TU and their numbering upon 
post-processing can be found in the individual test reports, see section 5.5. 
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Crack widths, Photos and Videos 

Crack widths were measured by means of crack width meters at different locations along 
the specimen height and for most tensile load steps. They were successively recorded in 
the specific TU lab books, which are part of the publically available material (refer to section 
5.5 for more details). Photos were taken at several LS, and always when a new tensile 
displacement level was attained. In such occasions, one photo per column side was taken, 
as well as of relevant signs of damage (horizontal and splitting cracks, concrete crushing, 
spalling, rebar buckling and rupture, etc). Finally, videos were recorded during all loading 
phases (i.e. between successive LS) on the north and south column faces. Only for 
monotonic tests, videos were taken on all four-unit sides. 

5.4 Test observations 

The present section summarises the behaviour of all the TUs. The pre-failure phase and 
the observed failure modes are addressed in the next two subsections. Specimen-specific 
observations are reported in Tab. 42. The force-displacement responses are shown in Fig. 
89 and Fig. 90, where the vertical axial force N is given on the y-axis and the vertical 
displacement (Δv) and average strain (εv) are reported on the bottom and top x-axes 
respectively. The vertical force N is computed by summing up the forces of the four load 
cells located below the fixed top while Δv is the average displacement measured by the 
four plumb line LVDTs. The occurrence of splice failure, maximum tension level prior to the 
onset of reinforcement buckling, rebar rupture and/or concrete crushing are signalled by 
the presence of markers while a dashed line indicates the overall specimen failure. 

5.4.1 Pre-failure behaviour 

All the specimens with lap splices behaved rather similarly until the occurrence of one of 
the three following events: failure of one or more lap splices, rebar rupture or core concrete 
crushing. The strain at which failure occurred depended, however, strongly on the test unit 
configuration; this is shown in the next subsection. The behaviour of members with 
continuous reinforcement was governed by a uniform crack pattern and a failure in 
compression:   

 TUs with lap splices (LAP-P1 to LAP-P22): upon application of the first tensile loading 

(Δv = 1 mm, εv ≈ 0.08%), six to ten cracks usually formed along the column height, while 

two opened at the foundation and top beam interfaces. Not all cracks normally run along 
the entire column perimeter, particularly within the spliced region. They were spaced 
apart about 150 to 200 mm, with an approximately constant crack width w ≈ 0.1 mm. 
Horizontal crack development (i.e. opening of the last cracks or extension and widening 
of existing ones) continued for the next two tensile amplitudes (Δv = 2 mm and 
Δv = 3 mm). At this stage, the width (w) of the cracks located above and within the lap 
splice region started to differentiate; w ≈ 0.2-0.3 mm for the former and w ≈ 0.1 mm for 

the latter. At Δv = 3 (εv ≈ 0.24%) mm the first vertical splitting cracks also appeared, 
though small and localized at the splice ends. During compression cycles, crack closure 

was observed. At the first LS to Δv = 6 mm (εv ≈ 0.48%), the TUs began to show 

specimen-specific behaviour.  Rebar yielding occurred at Δv ≈ 4 mm (εv ≈ 0.32%), after 

which several lap splice configurations failed (see Tab. 42). Only specimens LAP-P11 
and LAP-P12, featuring the shortest lap splice length and medium to low confinement 
reinforcement ratios (ls =25 Øl, ρt = 0.15% and 0.1%, respectively), did not reach the 
yield strength. For tensile displacements larger than Δv = 6 mm, the horizontal cracks 
located outside the spliced region progressively widened; on the other hand, their width 
remained approximately constant (w ≈ 0.1 mm) within the lap splice zone—see Fig. 91 
(a). The largest crack typically occurred at the top of the splices, followed by the one at 
the foundation interface. Vertical splitting cracks extended from the bottom and top lap 
splice extremities towards the middle. Regarding the behaviour of the TUs in 
compression, crack closure with no damage was observed until an average vertical 
strain εv ≈ -0.15%, corresponding to a total displacement Δv ≈ -1.8 mm. At such 
compression level, concrete spalling at major crack locations and development of 
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vertical crushing cracks (usually extending pre-existing tension splitting cracks) started 
to take place. Whenever larger compression amplitudes were reached, extensive 
spalling formed above the spliced region followed by rebar buckling and eventually 
crushing of the concrete core.  

 TUs with continuous reinforcement (LAP-C1 and LAP-C2): Differently from the units 
with lap splices, the crack width was approximately constant along the member height, 
at all displacement levels. Vertical cracks formed only due to compression loading and 
were typically located between two horizontal cracks. Failure occurred due to concrete 
core crushing after buckling of longitudinal reinforcement. 

5.4.2 Observed failure modes 

The occurrence of lap splice failure depended on several factors, among which lap splice 
length, amount of confining reinforcement, loading history, location of the stirrup hooks and 
top casting face. A thorough discussion on the influence of these parameters and a new 
predictive model for the strain capacity of lap splices is addressed in Chapter 6. Two distinct 
lap-splice failure modes were observed: splitting-unzipping and splitting-explosive. Both of 
them consisted in the opening of vertical splitting cracks along the entire splice length—
see Fig. 91 (b), which allowed the slippage of the rebars and resulted in a loss of tensile 
load carrying capacity. However, in a splitting-unzipping failure, vertical cracks formed 
gradually along the splice length; they originated at the lap splice extremities, where rebar 
strains are maximum, and extended towards the middle. This relatively slow, pseudo-
ductile crack forming process was enabled by the presence of transverse reinforcement, 
which prevented a sudden crack propagation. Before failure, vertical cracks typically 
spread along the entire lap splice length. At failure, they opened up with a non-loud, low-
pitched unzipping sound and the relative rebar slip took place. Concrete friction then 
became the only available force transfer mechanism; a residual force of around 20% of the 
rebar yield strength was typically observed. As for the splitting-explosive mode, no 
extensive vertical cracking was visible before failure, which was loud (comparable to a 
rebar rupture) and fragile. No residual force was available after failure.  

Rebar rupture always occurred after specimen failure, i.e., after the axial force had dropped 
below 80% of its maximum attained value (see subsection 5.3.2). When a specific lap splice 
did not fail, rupture of the top anchored rebar took place above the spliced region where 
the largest crack formed, see Fig. 91 (e). If large compression levels were reached, rebar 
rupture was preceded by buckling and core concrete crushing, as shown in Fig. 91 (c) and 
(d). The latter was normally associated with a strength loss of around 80%. 

Tab. 42 Description of the specific behaviour of the test units and observed failure modes.  

Specific Comments FM 

LAP-P1: At the first cycle to Δv = 24 mm (εv ≈ 1.9%), a clear relative slip between the 
spliced bars on the east side (NE and SE corners) of the column was observed. During the 
second cycle to the same amplitude, at Δv ≈ 16 mm (εv ≈ 1.3%), splitting-unzipping failure of 
these splices occurred with a loss of almost 35% of the column load carrying capacity. The 
third lap splice (NW corner) failed during the last cycle at Δv ≈ 18 mm (εv ≈ 1.4%), according 
to the same failure mode. Finally, rebar rupture occurred for the top-anchored bar of the 
SW corner lap splice at Δv ≈ 32 mm (εv ≈ 2.5%). The rupture took place above the lap 
splice, where the largest crack was located.   

M 

LAP-P2: While loading to Δv = 6 mm, upon rebar yielding (Δv ≈ 4.5 mm, εv ≈ 0.36%), 
splitting-unzipping failure of the two splices on the west side occurred. A drop in force of 
around 30% was observed. The remaining two splices failed simultaneously during the last 
cycle, at an applied displacement of Δv ≈ 10 mm (εv ≈ 0.8%), according to a splitting 
explosive failure mode.  

M 

LAP-P3: The lap splice on the NE corner failed (splitting-unzipping) during the first loading 
to Δv = 9 mm, at an applied displacement Δv ≈ 7.5 mm (εv ≈ 0.6%). A strength loss of 10% 
was recorded. The same failure mode was observed for the remaining lap splices: NW and 
SE corners failed simultaneously at Δv ≈ 9 mm (εv ≈ 0.7%), on the first cycle Δv = 12 mm. At 

S-U 
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this stage the column resisting force was reduced by 50%. The last lap splice (SW) failed at 
Δv ≈ 19 mm (εv ≈ 1.5%). 

LAP-P4: Simultaneous splitting-unzipping failure of the four lap splices occurred during the 
first loading to Δv = 6 mm, at an applied displacement Δv ≈ 4 mm (εv ≈ 0.3%), corresponding 
to the onset of rebar yielding. The residual axial force was N ≈ 50 kN, approximately 15 % 
of the column yielding force Ny.  

S-U 

LAP-P5: On the first cycle to Δv = 18 mm, splitting-unzipping failure of the NE corner splice 
occurred at a displacement Δv ≈ 17 mm (εv ≈ 1.35%). A drop of 15% of axial force was 
observed. Upon load reversal, buckling of the bars above the NE and SE lap splice region 
took place. At the second cycle to Δv = 18 mm, the resisting axial force N was around 75% 
of the peak strength. On the last tensile cycle, the SE splice failed at Δv ≈ 20 mm (εv ≈ 
1.6%), again according to a splitting-unzipping failure type. Both the splices on the west 
column side showed instead a splitting-explosive failure, occurring at Δv ≈ 35 mm (εv ≈ 
2.8%).   

M 

LAP-P6: The two lap splices on the west column side failed at an applied displacement 
level Δv ≈ 4.5 mm (εv ≈ 0.36%), immediately after rebar yielding. The lap splices located on 
the SE and NE column corners failed at Δv ≈ 9 mm (εv ≈ 0.7%) and Δv ≈ 15 mm (εv ≈ 1.2%), 
respectively.  

S-U 

LAP-P7: Both splices on the west column side failed after rebar yielding (Δv ≈ 4.5 mm, 
εv ≈ 0.36%), while loading to Δv = 6 mm. A force drop of around 20-25% was observed. The 
two splices on the east side failed simultaneously at Δv ≈ 7.5 mm (εv ≈ 0.6%). 

S-U 

LAP-P8: Splitting-unzipping failure of the two splices on the west side occurred at a 
displacement level Δv ≈ 12 mm (εv ≈ 0.95%). The same failure mode was observed for the 
splices on the SE and NE column corners, which failed at Δv ≈ 15 (εv ≈ 1.2%) and Δv ≈ 18 
mm (εv ≈ 1.4%), respectively.  

S-U 

LAP-P9: Behaviour similar to specimen LAP-P7. The two splices on the west column side 
failed at a displacement level of Δv ≈ 4 mm (εv ≈ 0.3%) while those on the east side at Δv ≈ 
10 mm (εv ≈ 0.8%). 

S-U 

LAP-P10: Deformations concentrated on the horizontal crack located about the splice top. 
At a displacement level Δv = -2.4 mm (εv ≈ -0.19%), concrete spalling was observed in the 
same region, promoting rebar bucking in the following compression cycles. The maximum 
tension displacement attained prior to first observation of reinforcement buckling was 
Δv = 24 mm (εv ≈ 1.9%). Concrete core crushing occurred on the first cycle to Δv = -2.7 mm 
(εv ≈ -0.21%), with a reduction of the compression load capacity of almost 75%. On the 
second loading cycle to Δv = 27 mm (εv ≈ 2.15%), the NW top-anchored bar fractured where 
it had previously buckled. Similarly, the NE top-anchored bar ruptured on the final cycle, at 
an applied displacement Δv ≈ 20 mm (εv ≈ 1.6%). 

C-C 

LAP-P11: Splitting-unzipping failure of the four lap splices occurred simultaneously before 
reaching rebar yielding, during the first cycle to Δv = 6 mm. A maximum vertical force 
N = 260 kN was attained at an imposed displacement of Δv ≈ 3.5 mm (εv ≈ 0.28%), 
corresponding to 80% of the column yielding force (Ny  ≈ 320 kN). The final residual force 
was N ≈ 80 kN. 

S-U 

LAP-P12: Similar behaviour as LAP-P11. Failure occurred before rebar yielding, at a 
displacement Δv ≈ 3.5 mm (εv ≈ 0.28%) and a force N = 260 kN. The residual force was 
N ≈ 80 kN. 

S-U 

LAP-P13: Similar behaviour as LAP-P10. Rebar buckling was first observed at a 
level of compression of Δv = -1.8 mm (εv ≈ -0.14%); the last tension displacement 
prior to first observation of reinforcement buckling was Δv = 15 mm (εv ≈ 1.2%). 
Concrete crushing occurred at the first cycle to Δv = -2.1 mm (εv ≈ -0.17%) with a 
drop of force of roughly 75%. On the last tensile cycle, the NE and SW top 
anchored bars fractured at the buckling locations (above the lap splice region) at 
Δv ≈ 32 mm (εv ≈ 2.5%) and Δv ≈ 35 mm (εv ≈ 2.8%), respectively. At this same 
displacement level, a splitting-explosive failure mode was instead observed for the 
SE lap splice.  

C-C 

LAP-P14: Before reaching Δv = 9 mm (εv ≈ 0.7%), the SE corner splice failed with 
a loud noise. A loss of force capacity of about 20% was observed. During the 
cycles at the following amplitude level (Δv = 12 mm), vertical cracking extended in 
the three remaining splices. They failed during the final cycle, at Δv ≈ 10 mm (εv ≈ 
0.8%) and Δv ≈ 17 mm (εv ≈ 1.35%) for the SW and both north face splices, 
respectively. At the end, the specimen showed no tensile residual force capacity.  

S-E 
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LAP-P15: All splices failed according to a splitting-explosive failure mode. The lap 
splices on the east side of the column failed before reaching Δv ≈ 6 mm (εv ≈ 
0.48%), on the first loading to such displacement amplitude. The SW and NW lap 
splices failed on the final cycle, at Δv ≈ 9 mm (εv ≈ 0.7%) and Δv ≈ 13 mm (εv ≈ 
1%). The test concluded with no residual tensile force.  

S-E 

LAP-P16: Splitting-unzipping failure of the east side splices occurred on the first 
loading to Δv = 12 mm, at Δv ≈ 9 mm (εv ≈ 0.7%). A strength loss of almost 30% 
was observed. The splices on the west side failed at Δv ≈ 13 mm (εv ≈ 1%), during 
the last loading cycle. 

S-U 

LAP-P17: The NE corner splice failed while loading to Δv = 15 mm (εv ≈ 1.2%), 
shortly before reaching the target displacement. The SE splice failed during the 
second cycle at the same amplitude. The splices located on the west column side 
failed on the last tensile cycle, again approximately at Δv ≈ 15 mm. 

S-U 

LAP-P18: Splitting-unzipping failure of both SW and NW splices occurred during 
the first loading to Δv = 18 mm, at Δv ≈ 13 mm (εv ≈ 1%) and Δv ≈ 15 mm (εv ≈ 
1.2%), respectively. The remaining two splices failed on the last tensile cycle: at 
Δv ≈ 30 mm (εv ≈ 2.4%) splitting-unzipping failure of the NE lap splice shortly 
preceded the splitting-explosive failure of the NW one. 

S-U 

LAP-P19: The lap splices on the NE, SE and NW column corners exhibited a 
splitting-unzipping type of failure at Δv ≈ 12 mm (εv ≈ 0.95%), Δv ≈ 17 mm (εv ≈ 
1.35%) and Δv ≈ 22 mm (εv ≈ 1.75%). On the other hand, the top-beam anchored 
rebar of the SW corner splice ruptured at Δv ≈ 50 mm (εv ≈ 4%). 

M 

LAP-P20: The first lap splice (SW corner) failed at Δv ≈ 12 mm (εv ≈ 0.95%), on 
the second cycle to this amplitude. The NW splice failed at the first loading to Δv = 
15 mm (Δv ≈ 13 mm, εv ≈ 1%). The NE and SE corner splices failed at the last 
tensile cycle at Δv ≈ 20 mm (εv ≈ 1.6%) and Δv ≈ 35 mm (εv ≈ 2.8%). 

S-U 

LAP-P21: Splitting failure of both east side splices occurred on the second cycle 
to Δv = 21 mm (εv ≈ 1.7%), just before the target displacement. The NW splice 
failed during the last cycle at Δv ≈ 28 mm (εv ≈ 2.2%) while the SW top anchored 
bar fractured at about Δv ≈ 40 mm (εv ≈ 3.2%). 

M 

LAP-P22: The SE corner splice failed right before reaching Δv = 6 mm (εv ≈ 
0.48%), on the first cycle to this displacement amplitude. The NE corner splice 
failed on the first cycle to Δv = 12 mm, at a displacement Δv ≈ 9.5 mm (εv ≈ 0.75 
%). Both the west corner splices failed at around Δv ≈ 12 mm (εv ≈ 0.95 %). The 
loading was continued until Δv ≈ 20 mm (εv ≈ 1.6%); the residual force was around 
80 kN. 

S-U 

LAP-C1: Core concrete crushing occurred while loading to Δv = -4.2 mm (εv ≈ -
0.33%), leading to a force drop of about 85%. Spalling between the main 
horizontal cracks, located at the centre of the column, had taken place on the 
previous cycle to Δv = -3.9 mm (εv ≈ -0.31%), followed by rebar buckling upon load 
reversal. On the last tensile cycle, rupture of the SW, SE and NW rebars was 
observed at the respective buckling locations, for Δv ≈ 35 mm (εv ≈ 2.8%), Δv ≈ 70 
mm (εv ≈ 5.6%) and Δv ≈ 90 mm (εv ≈ 7.1%). 

C-C 

LAP-C2: Similar to the behaviour of LAP-C1. Concrete crushing occurred on the 
first loading to Δv = -3.9 mm (εv ≈ -0.31%), with a force loss of about 85%. On the 
last cycle, at approximately Δv ≈ 40 mm (εv ≈ 3.2%), the NW corner rebar ruptured 
at the buckling location.  

C-C 

FM: Failure mode; S-U: splitting-unzipping failure of all lap splices; S-E: splitting-explosive failure of all lap 
splices; C-C: concrete crushing followed by rebar rupture; M: mixed rebar rupture / lap splice failures. 
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Fig. 89 Cyclic response of specimens LAP-P1 to LAP-P12. 
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Fig. 90 Cyclic response of specimens LAP-P13 to LAP-P22, LAP-C1 and LAP-C2. 
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Fig. 91 Photos of: (a) Crack pattern before failure of LAP-P21, Δv = 21 mm (εv ≈ 1.7 %), 
east face; (b) Splitting-unzipping failure of LAP-P7, Δv = 15 mm (εv ≈ 1.2 %), south side; (c) 
Failure in compression of LAP-P13, Δv = -2.1 mm (εv ≈ -0.17 %), south face; (d) Close-up 
of core crushing and rebar buckling above the spliced region of LAP-P13; (e) Rebar rupture 
after buckling, NW top anchored rebar, Δv = 27 mm (εv ≈ 2.15 %), LAP-P10. 

5.5 Organization of test data 

The test data are publically available and free to download from the platform Zenodo, at 
the following DOI: 10.5281/zenodo.1205887. The structure of the data organization is 
illustrated in the flowchart of Fig. 92. A separate folder (e.g., ‘LAP_C(i)’, ‘LAP_P(i)’) is 
uploaded for each TU, the content of which is described in the next subsection. 
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Fig. 92 Organization of the data. 

5.5.1 LAP_P(i)/Lap_C(i) folders 

An informative file and four main folders are made available for each test unit:  

 ‘LAP_P(i)/LAP_C(i)_Specimen_description’ file: these files include the unit-specific 
reinforcement layout, LEDs pattern and numbering upon post-processing, LVDTs base-
lengths, actual applied displacement history and force-displacement response. 
Moreover, a detailed description of the measured, computed and post-processed 
conventional channels is provided.  

 ‘01_Material_tests’ folder: Two subfolders contain the results of the concrete and 
reinforcement material tests. A ‘.pdf’ file is provided for the concrete cylinder 
compression tests while a ‘.xls’ file for each rebar diameter is available for the steel. The 
latter contains the experimental data (stress-strain curves) as well as mean values of 
the main quantities to be used for modelling purposes. It is noted that since the 
reinforcement came from the same production batch for all TUs, the corresponding 
material test files do not change from one specimen to the other.  

 ‘02_Experimental_level’ folder: It includes the ‘.xls’ lab book file and two folders, labelled 
‘Photos’ and ‘Videos’. The lab book reports the main facts relative to the tests as well 
as live observations on the behaviour of the TUs. Other useful information can be found 
such as date and time at which every LS was performed, LVDTs base-lengths, non-
connected LEDs in their original numbering, and attained vertical forces (N) and 
displacements (Δv) at each LS.  The folder ‘Photos’ contains a selection of photos taken 
at different LS during the test. Where available, photos of the four column sides at the 

Data

LAP_P(i)

01_Material_ tests Concrete

Reinforcement

LAP_P(i)_Compression_tests.pdf

Tensile_tests_14mm.xls

02_Experimental_level

Photos LAP_P(i)_1.jpg
LAP_P(i)_2.jpg

LAP_P(i)_Lab_Book.xls

03_Unprocessed_data Conventional LS00.asc
LS00.events
LS00.tsx

Optical_triangulation LAP_P(i)_001_3d.xls
LAP_P(i)_001.nco
LAP_P(i)_002_3d.xls
LAP_P(i)_002.nco

04_Postprocessed_data Conventional LAP_P(i)_Conventional_postprocessed.csv

LAP_P(i)_Optical_postprocessed_Xcoordinate.csv
LAP_P(i)_Optical_postprocessed_Ycoordinate.csv
LAP_P(i)_Optical_postprocessed_Zcoordinate.csv

Optical_triangulation

LAP_P(i+1)

LAP_P(i)_Specimen_description.pdf

LS00_to_LS01.asc
LS00_to_LS01.events

Videos LAP_P(i)_North_1.mp4
LAP_P(i)_North_2.mp4

Tensile_tests_6mm.xls

LAP_C(i)

North_face

South_face LAP_P(i)_South_1.mp4
LAP_P(i)_South_2.mp4
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beginning of the test (LS00), at the last LS before failure, at the first LS after failure and 
after significant localized damage are included. Similarly, the folder ‘Videos’ contains 
trimmed videos of the most important moments of the test, such as splice failures, rebar 
ruptures or concrete crushing. 

 03_Unprocessed_data’ folder: The as-recorded data belong to this folder. They were 
differentiated between conventional data and data obtained from the optical 
triangulation system. The relationship between the load steps and the corresponding 
data files is straightforward for the conventional data, while it is reported in the lab book 
for the LED data. A more detailed description of the conventional data, including the 
definition of the different channels and their numbering can be found in the specific 
specimen description file. As for the optical triangulation data, the ‘.xls’ extension files 
contain the recording of the 3D displacement field of all LEDs, organized in columns. 
Non connected or non-visible LEDs result in empty columns for the x, y and z 
coordinates.  In the NDI-specific-format files (‘.nco’ extension) the camera sensor 
settings are stored. It is recalled that at the unprocessed data level the LEDs numbering 
is unorganized and that the origin of the reference system is given by the centre of the 
master sensor. Furthermore, at this level the LED data and the data gained from the 
conventional measurement system are not synchronised. The synchronization between 
the conventional and optical measurement systems is performed during the post-
processing of the data through the LED conventional channel, which reports when the 
optical system is recording (see the TU description files for more details). The LED 
system was therefore always switched on after the conventional system and off before 
the conventional system.  

 ‘04_Postprocessed_data’ folder: The data was post-processed in order to synchronize 
the conventional and optical measurement systems, to discard data recorded prior or 
after loading and to remove any bias or data that is not linked to the behaviour of the 
TUs (e.g., LEDs falling off). Two subfolders contain the post-processed conventional 
and optical triangulation data. In the ‘Conventional’ folder, a ‘.csv’ extension file reports 
the conventional data organized in 41 columns; the first 33 involve measured and 
computed channels while the last 8 concern quantities added in the post-processing 
phase. The correspondence between columns and channels, as well as the definition 
of the post-processed quantities, is provided in the TUs description files. The 
‘Optical_triangulation’ folder features three ‘.csv’ files corresponding to the x, y and z 
LED coordinates, after renumbering and transformation into the new reference system 
presented in subsection 5.3.3 (‘Optical triangulation measurements’). Each column 
corresponds to a single LED. The LEDs numbering after post-processing is illustrated 
in the TUs specific description files. 

 

5.6 Post-processed data and example plots 

By using the post-processed experimental data, several plots can be produced. As an 
example, the force-displacement responses of Fig. 89 and Fig. 90 were obtained by using 
the forces N and vertical displacements Δv from the post-processed conventional 
measurements (channels 35 and 20 respectively). Global displacements can also be 
derived from the post-processed optical triangulation measurements, as the vertical 
displacement difference between markers glued on the top beam and foundation RC 
blocks. However, LEDs data may also be employed to evaluate local deformations: Fig. 93 
(a) displays the force vs average lap splice strain (εls) envelopes, where εls is determined 
using the LEDs immediately above and below the spliced region. The history of εls 
throughout all loading protocol is represented in Figure 5.9 (b) while the same quantity is 
shown in Fig. 93 (c), at four different load steps. 
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(a) (b) (c) 

 

(d) (e) (f) 

Fig. 93 Example plots of local-level deformation quantities on test unit LAP-P17: (a) 
Hysteretic curves of force vs average strain over the lap splice length; (b) Average lap 
splice strain histories; (c) Average lap splice strains at different displacement levels; (d) 
North face strain map at Δv ≈ 14 mm (εv ≈ 1.1 %), corresponding to the onset of lap splice 
failure; (e) Rebar axial strain of the bottom anchored rebars at the displacement amplitude 
before failure, Δv = 12 mm (εv ≈ 0.95 %); (f) Rebar vs concrete slip of the bottom anchored 
rebars at Δv = 12 mm (εv ≈ 0.95 %).  

 As it can be observed, the strain increases for increasing applied vertical displacements 
and it is rather constant between the four splices. The vertical strain distribution of LAP-
P17 at the onset of lap splice failure is illustrated in Fig. 93 (d). Note how the vertical strains 
are concentrated in the crack located right above the lap splice region and at the interfaces 
to the foundation and top beam. Moreover, the vertical strains computed within the lap 
splice region are smaller than those in the region above. Finally, Fig. 93 (e) and Fig. 93 (f) 
depict the axial strain of the foundation anchored rebar and the relative slip between the 
same rebar and the concrete, respectively. Both quantities were evaluate at the LS 
preceding the splice failure. The slip is obtained by subtracting the displacement recorded 
by the markers glued on the concrete from the adjacent LEDs glued on the rebars. As 
expected, both the slip and the rebar strain are larger at the bottom, where the bar is 
anchored and the deformations are maximum. 
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5.7 Summary 

Twenty four RC members, of which 22 with lap splices and 2 reference units with 
continuous reinforcement, were tested at the Earthquake Engineering and Structural Dynamics 

(EESD) Laboratory of the École Polytechnique Fédérale de Lausanne (EPFL). This Chapter 
presents the main features of the experimental programme, including a description of the 
specimens, the test setup, the imposed loading protocols and instrumentation. Test 
observations as well as the organization of the obtained data are described. 

All the units featured the same geometry and were tested under uniaxial quasi-static 
tension-compression cyclic loading. The goal was to study the influence of splice length, 
confining reinforcement and loading history on the behaviour of lap splices. Four different 
lap splice lengths ranging from 25 to 60 times the longitudinal rebar diameter were 
considered, as well as five distinct confining reinforcement ratios, from ρt = 0% to ρt = 0.3%. 
In total, five loading protocols were imposed, four cyclic and one monotonic.  

The test units were all equipped with conventional instrumentation and an optical 
measurement system. The latter was composed of a fine mesh of LEDs glued on both the 
north and south column faces, on the concrete surface as well as on the spliced rebars. 
This arrangement allowed to compute several local deformation quantities, such as 
concrete strains, lap splice strains and rebar-concrete slip. The raw and processed 
experimental data are made publically accessible through the Zenodo platform under the 
DOI: 10.5281/zenodo.1205887. 

All the spliced units behaved similarly until the onset of failure, which occurred due to the 
opening of vertical splitting cracks along the lap splice length. Depending on the amount of 
provided confining reinforcement, a splitting-unzipping or splitting-explosive failure mode 
could be observed. The lap splice failures occurred, however, at very different strain 
demands, which depended on the lap splice length, the confining reinforcement and to a 
lesser extent on the loading history. For very long splice that were well-confined, the splices 
did not fail and the rupture of the top anchored rebar occurred. This happened after the 
specimen failed in compression due to core concrete crushing. 
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6 Evaluating the Ultimate Deformation Capacity 
of Lap Splices under Cyclic Loading 

Based on the results from the experimental programme described in the previous Chapter, 
this Chapter investigates in detail the deformation capacity of lap splices. An expression 
for the quantification of the ultimate average lap splice strain is proposed. The Chapter 
represents the pre-print version of the paper:  

D. Tarquini, J.P. Almeida, K. Beyer, 2019. “Experimental investigation on the deformation 
capacity of lap splices under cyclic loading”, Bulletin of Earthquake Engineering 17:6645–
6670, DOI: https://doi.org/10.1007/s10518-019-00692-3  

Figures and tables formatting, reference-, section-, and equation- numbering were adapted 
to the style of this document. 

Abstract 

Correct detailing and positioning of lap splices is essential in order to prevent premature 
failure of reinforced concrete structural members. Especially before the introduction of 
capacity design guidelines, lap splices were often placed in member regions that undergo 
inelastic deformations under seismic loading. When assessing the seismic performance of 
such members, not only the lap splice strength, which was assessed in previous studies, 
but also information on the deformation capacity of lap splices is required. This Chapter 
analyses the results of a recently concluded experimental programme on spliced RC wall 
boundary elements tested under uniaxial tension-compression cyclic loading. The study 
aimed at investigating the influence of lap splice length, confining reinforcement and 
loading history on the deformation capacity of lap splices. The latter is defined as the 
average strain, at the onset of splice failure, ascribed to deformations originating from the 
lap splice zone. Analysis of the test results showed that the deformation capacity of lap 
splices: (i) increases with lap splice length; (ii) increases with confining reinforcement but 
the effectiveness of the confining reinforcement is dependent on the lap splice length; (iii) 
decreases with larger imposed compression levels; (iv) is larger for bottom-casted with 
respect to top-casted lap splices. Finally, an empirical model is proposed to estimate the 
strain capacity of lap splices, which provides a good fit with the experimental results.  

6.1 Introduction 

Splicing of longitudinal reinforcement is unavoidable in reinforced concrete (RC) structures 
and it can be found in all types of structural members such as beams, columns and walls. 
If not appropriately detailed and/or located in regions where inelastic deformations are 
expected, the presence of the lap splices may lead to a significant reduction of the strength 
and/or displacement capacity of the structural member. As reviewed in the following 
section, past research mainly focused on the evaluation of the strength capacity of lap 
splices, mostly through monotonic tests on beams spliced in the constant moment region. 
Tests on RC columns or walls are scarcer as well as tests performed under cyclic loading. 
On the contrary, to the author’s knowledge, no experimental programme was conducted 
aiming at the characterization of the deformation capacity of lap splices; and so despite its 
relevance in the context of performance-based design and assessment of structures, 
where displacement capacity rather than forces are compared with the seismic demand.  

To address this gap, the present Chapter outlines the result of a recently concluded 
experimental programme focusing on the deformation capacity of lap splices. 24 test units, 
of which 22 with lap splices, designed to represent the boundary elements of spliced RC 
walls, were tested under uniaxial tension-compression cyclic loading. The specimens 
differed in terms of lap splice length, confining reinforcement, and loading history, as these 
are among the parameters most influencing the deformation capacity of lap splices 

https://doi.org/10.1007/s10518-019-00692-3
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(previously identified in Chapters 2 and 3). All specimens were instrumented to 
continuously monitor several displacement quantities as well as the applied forces. In 
particular a dense mesh of optical sensors allowed to identify and isolate the lap splice 
deformation contribution from the total imposed displacement. 

The present Chapter is organized as follows. Past experimental tests on RC members with 
lap splices are described in Section 6.2, which is then complemented with the summary of 
the recently concluded experimental programme in Section 6.3. Section 6.4 discusses the 
influence of the main investigated experimental parameters on the deformation capacity of 
lap splices. In Section 6.5, based on experimental data, an empirical model for predicting 
the strain at failure of lap splices is proposed and validated. Conclusions are drawn in 
Section 6.6. 

6.2 Experimental tests on RC members with lap splices: 
literature review 

Early investigations on spliced RC members were conducted on beams with lap splices in 
the constant moment region, loaded monotonically up to failure [20–23]. The objective was 
to improve the understanding of the observed (splitting) failure modes as well as to quantify 
the strength of lap splices. The presence and amount of confining reinforcement, 
longitudinal rebar diameter, spacing and length of the splices, concrete cover and concrete 
strength were considered among the variable parameters. Additional experimental work on 
the strength of lap splices was done by Ferguson and Briceno [88],  Ferguson and 
Krishnaswamy [91] and Thompson et al. [157], who used constant section beams to 
simulate spliced retaining walls: longitudinal rebars of large diameters, staggered splices 
and splices in both regions of constant and non-constant moment were tested. Based on a 
regression analysis of the results obtained from a selection of the above mentioned beam 
monotonic tests, Orangun et al. [14] proposed an equation for the bond strength of lap 
splices, which is to date a major reference for estimating this quantity. 

The first experimental study on the cyclic inelastic behaviour of lap splices was carried out 
at Cornell University [4,5] at the beginning of the ‘80s. Cyclic tests were motivated by the 
fact that, due to the scarcity of information on performance of lap splices subjected to cyclic 
loading, most seismic codes of that time did not allow such details at locations of inelastic 
deformation, or else specified highly conservative design procedures. 68 large beams and 
24 columns were tested and confining reinforcement and loading history (repeated and 
reversed cyclic loading) were varied between the test units. It was observed that adequate 
confining reinforcement was more effective for cyclic rather than monotonic loading and 
that reversed cyclic loading led to earlier splice failure than repeated loading. The influence 
of a moment gradient along the lap splice was also investigated and its beneficial effect on 
the splices performance was recognized. Further experimental programmes on spliced RC 
beams were performed by Rezansoff et al. [76,158,159], Sakurada et al. [108], and 
Sparling and Rezansoff  [75], who studied the influence of confining reinforcement on the 
cyclic bond strength of lap splices; it was observed that adequately confined lap splices 
were sufficiently ductile to withstand a limited number of load reversals. Aristizabal‐Ochoa 
[60] carried out inelastic cyclic tests on spliced RC columns under reversed axial loads and 
observed a reduction in the attained maximum ductility with the number of cycles. The 
author also noticed that proper placement of transverse reinforcement is crucial in order to 
avoid brittle failure. Paulay [6] proposed a simple design procedure to ensure that splices 
can sustain several cycles in the inelastic range; 8 RC columns subjected to lateral static 
loading were tested for validation purposes. Specific investigation on the behaviour of non-
contact tension splices was carried out by Sagan et al. [160] and Hamad and Mansour 
[161], who conducted tests on 47 flat plate and 17 slab specimens, respectively. They 
concluded that the spacing between spliced rebars influences the ultimate load carrying 
capacity of the structural member as well as the number of resisted inelastic tensile load 
cycles.    

An equation for the strength of lap splices in compression based on monotonic axial column 
tests by Cairns and Arthur [162] and Pfister and Mattock [163] was proposed for the first 
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time by Cairns [106]. It was claimed that the strength of tension and compression lap 
splices is influenced by the same factors (spliced length, confining reinforcement, 
longitudinal rebar diameter and concrete cover), although their relative importance is 
different. Cyclic tests on three columns and four beams under repeated compression 
loading were carried out by Panahshahi et al. [59] who concluded that compression lap 
splices can be designed to sustain several cycles of inelastic loading. More recently, Chun 
et al. [164,165] investigated the monotonic behaviour of compression splices in normal and 
high strength concrete while Askar [166] studied the influence of splice length, transverse 
reinforcement and end bearing conditions on spliced RC columns loaded monotonically up 
to failure. 

In the last three decades, following major earthquakes in California (e.g. San Fernando 
1971 or Loma Prieta 1989) that emphasized the vulnerability of spliced RC piers and 
columns, several experimental programmes were carried out focusing on strengthening 
techniques of such structural members. Chai et al. [78] and Aboutaha et al.[77] evaluated 
the effectiveness of steel jackets to improve the strength and ductility of piers and columns 
with short lap splices. Several retrofitting techniques such as welding of spliced bars, 
confining the splice region with steel angles or providing additional reinforcing bar ties were 
investigated by Valluvan et al. [79] while seismic retrofit using prefabricated composite 
jacketing was carried out by Xiao and Ma [28]. Cyclic tests on non-retrofitted RC columns 
with details typical of pre mid-1970 US construction practice and subjected to increasing 
lateral load can instead be found in the works by Lynn et al. [7] and Melek et al. [8]. 
Strengthening of non-ductile RC columns with carbon fiber reinforced polymers (CFRP) 
was explored by several authors, e.g. [167,168], and compared with the use of additional 
internal steel ties [169].  

A large experimental program comprising 83 spliced beam specimens and aimed at 
determining the influence on bond strength of relative rib area and bar diameter was carried 
out by Darwin et al. [170]. Conventional and experimental deformation patterns for the 
rebars were evaluated. The continuation of the test series, with additional 64 beam tests, 
is reported in Zuo and Darwin [15] where the obtained data are used to determine an 
empirical relation for the bond strength of lap splices. The latter is expressed as function of 
concrete strength, relative rib area, bar size, and confinement provided by both concrete 
and transverse reinforcement. A modification to the above equation was proposed by 
Ichinose et al. [103] in order to better capture the size-effect in the bond strength observed 
in their own experimental programme.   

Epoxy coated reinforcing bars are used whenever corrosion protection represents a 
principal design requirement for RC members. In the 1990s, a multitude of studies on the 
splice strength of epoxy coated reinforcing bars were carried out on beam monotonic tests 
[94,171–174]. It was concluded that epoxy coating significantly reduces the bond strength 
of lap splices and that, if used, a modification factor for the splice length should be adopted. 
Starting from the mid-1990s, research effort was also put in investigating the bond strength 
of lap splices in high-strength Concrete (HSC) [175–180] and fibre reinforced concrete 
[181–183] beams. Finally, as smooth bars are regularly encountered in historical 
structures, several test series on RC members featuring spliced plain bars can also be 
found in the literature (e.g. [184–187]).  

Tests on RC wall elements with lap splices are scarce and relatively recent if compared to 
those on columns and beams [9,11,24,26,37,38,40–42]. The units were typically subjected 
to a constant axial load and increasing cyclic lateral displacement. A detailed review of 
these tests on spliced RC walls, including observations on the main failure modes, is 
carried out in Chapter 2. 
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6.3 New experimental programme on RC members with lap 
splices 

6.3.1 Test setup, units, and loading 

A total of 24 RC members, 22 of which with lap splices and two reference units with 
continuous reinforcement, were tested under uniaxial tension-compression cyclic loading 
at the structural laboratory of the École Polytechnique Fédérale de Lausanne (EPFL). The 
experimental programme, as well as some relevant experimental observations, are herein 
summarized. A detailed description of the tests is available in Chapter 5, which also outlines 
the organization of the available experimental data, free to download from the Zenodo 
platform at the DOI: 10.5281/zenodo.1205887.  

The test units (TUs) represent spliced RC wall boundary elements and were designed 
based on the tests carried out by Bimschas [24] and Hannewald et al. [26]. The geometry 
was common to all specimens and consisted of a column height h = 1260 mm and a square 

200200 mm cross section, as illustrated in Fig. 93. Foundation and top beam blocks of 

dimensions 550550300 mm were included to connect the TUs to the uniaxial testing 

machine (with 125 mm stroke and +2.5/-10 MN  force capacity) via four T-shaped steel 
profiles. The longitudinal reinforcement was formed by four 14 mm diameter rebars 
(corresponding to a longitudinal reinforcement ratio Al ≈ 1.5%) which, except for the units 
with continuous reinforcement, were spliced above the foundation. Four different lap splice 
lengths were considered, spanning from 25 to 60 times the longitudinal bar diameter (Øl). 
The confining reinforcement was composed of 6 mm diameter stirrups and 90° hooks, with 
confining reinforcement ratios ranging from 0 to 0.3%. Such ranges were chosen as 
representative of both pre-seismic and code-compliant central European construction 
practice. The longitudinal reinforcement was made of hot-rolled steel (fy = 510 MPa, 
εsh = 0.95‰, fu = 635 MPa, εu = 9.3‰) while cold formed steel was used for the transverse 
reinforcement (fy = 510 MPa, fu = 635 MPa, εu = 9.3‰). The TUs were casted horizontally 
four at a time and the 28-day concrete compressive strength, obtained from cylinder tests, 
remained between 30 and 35 MPa. 

Five different uniaxial loading protocols were considered, one monotonic (M) and four cyclic 
(C1 to C4). The cyclic histories featured increasing applied tension levels, with two cycles 
performed at each displacement amplitude. The attained compression levels differentiated 
the different protocols: a 10:1 ratio between the imposed tension and compression 
displacements was used in the main loading protocol, labelled C1. A 10:2 ratio 
characterized protocol C2, whereas C3 corresponded to a repeated cyclic loading history, 
i.e. the specimen was brought back to zero displacement after each applied tensile 
displacement amplitude. Finally, in protocol C4 an approximate axial load ratio (ALR) of 
90% was applied at each compression load step.  

The complete matrix of the tests is listed in Tab. 43. Unit-specific parameters such as lap 
splice length, confining reinforcement, loading history and location of the top-casted face 
are reported along with some important test results including the observed failure mode 
(discussed in subsection 0), maximum forces attained both in tension and compression, 
and the displacement at specimen failure. The latter was defined as the displacement 
corresponding to 20% loss of force capacity, either in tension or in compression. 

Load cells were used to monitor the applied axial forces, whereas both hard-wired and 
optical instrumentation systems were employed to evaluate global and local displacements. 
Namely: (i) four linear variable differential transducers (LVDTs) were installed at the column 
corners by means of a plumb line system; (ii) six LVDTs arranged in two chains were 
located on the east and west unit faces; and (iii) light-emitting diodes (LEDs) were glued to 
the north and south column sides, both on the concrete and on the spliced steel bars 
(through holes prepared during casting), according to a regular mesh. 
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Tab. 43 Test matrix.  

TU 
ls 

[mm] 
ls  

[×Øl] 

At  

[mm] 

ρt  

[%] 
LH TC face FM 

Nmax  
[kN] 

Nmin  
[kN] 

Δf 

[mm] 

LAP-P1 560 40 Ø6@100 0.3 C1 E M 362 -1074 24 

LAP-P2 560 40 Ø6@300 0.1 C1 W M 323 -568 5.3 

LAP-P3 560 40 Ø6@200 0.15 C1 E S-U 326 -682 9 

LAP-P4 350 25 Ø6@100 0.3 C1 W S-U 301 -513 5 

LAP-P5 840 60 Ø6@300 0.1 C1 E M 357 -1018 18 

LAP-P6 560 40 Ø6@200 0.15 M W S-U 321 [-] 5.5 

LAP-P7 560 40 Ø6@200 0.15 C1 W S-U 319 -523 6 

LAP-P8 560 40 Ø6@200 0.15 M W S-U 340 [-] 13 

LAP-P9 560 40 Ø6@200 0.15 C2 W S-U 311 -766 6 

LAP-P10 840 60 Ø6@100 0.3 C1 E C-C 359 -1163 -2.7 

LAP-P11 350 25 Ø6@200 0.15 C1 E S-U 252 -281 3.9 

LAP-P12 350 25 Ø6@300 0.1 C1 E S-U 254 -286 3.9 

LAP-P13 840 60 Ø6@200 0.15 C1 W C-C 363 -973 -2.1 

LAP-P14 840 60 [-] 0 C1 E S-E 342 -835 9 

LAP-P15 560 40 [-] 0 C1 E S-E 322 -315 5.8 

LAP-P16 560 40 Ø6@150 0.2 C1 E S-U 340 -832 10 

LAP-P17 560 40 Ø6@120 0.25 C1 E S-U 351 -911 15 

LAP-P18 700 60 Ø6@200 0.15 C1 W M 355 -1091 17 

LAP-P19 560 40 Ø6@120 0.25 M E M 333 [-] 17 

LAP-P20 560 40 Ø6@120 0.25 C1 W S-U 342 -1011 12.5 

LAP-P21 560 40 Ø6@120 0.25 C3 E M 358 -563 20 

LAP-P22 560 40 Ø6@120 0.25 C4 E S-U 318 -1211 9.4 

LAP-C1 [-] [-] Ø6@200 0.15 C1 E C-C 353 -1304 -4 

LAP-C2 [-] [-] Ø6@100 0.3 C1 E C-C 366 -1342 -3.9 

Legend: h: specimen height; b: cross-section width; ls: lap splice length; Øl: longitudinal bar 
diameter; Al: longitudinal reinforcement content; ρl: longitudinal reinforcement ratio; At: confining 
reinforcement content; ρt: confining reinforcement ratio; LH: loading history type 
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Fig. 94 Test setup, geometry and reinforcement layout of the unit LAP-P3: (a) Photo of the 
TU before the test; (b) reinforcement content in the N-S direction; (c) reinforcement content 
in the E-W direction; (d) cross section. 

6.3.2 Experimental observations 

The cracking behaviour of the TUs and the observed failure modes are briefly discussed in 
the following two subsections and framed into general categories. For a more detailed and 
unit-specific description of the TUs behaviour, as well as to consult their hysteretic 
response, the reader is referred to the Chaper 5, which shares all experimental data in 
digital form. 

Cracking behaviour: Up until the failure of one of the splices or the occurrence of severe 
damage in compression such as concrete spalling or rebar buckling, all the specimens with 
spliced longitudinal reinforcement behaved in a similar way. At the application of the first 
tensile loading (Δv = 1 mm), six to ten horizontal cracks opened along the unit height while 
two formed at the top beam and foundation interfaces. Due to the sudden stiffness change 
owing to the different longitudinal reinforcement content, two of these cracks were always 
located at the lap splice extremities (the bottom one therefore coinciding with the foundation 
interface crack). The cracks were roughly equally spaced along the entire length of the 
member and had a constant width (w ≈ 0.1 mm). Yielding of the longitudinal reinforcement 
occurred at an imposed displacement of about Δy ≈ 4 mm. In the previous tensile cycles 
(i.e., at Δv = 2 mm and Δv = 3 mm), a distinct crack width evolution was observed between 
the spliced region and the zone above the splices. In particular, crack widths within the 
spliced region remained rather constant (w ≈ 0.1 mm) while the others increased with the 
imposed tensile displacement (up to w ≈ 0.3 mm for Δv = 3 mm). At Δv = 3 mm, the first 
vertical splitting cracks appeared at the splice loaded ends, leading to the start of the steel-
concrete debonding action. During the following loading cycle to Δv = 6 mm, yielding of the 
longitudinal rebars took place, and the specimen behaviour started to be unit-specific. 

Specimens with short lap splices (ls = 25Øl) failed before reaching the yield force with 
vertical cracks opening along the entire lapped length and causing the almost total loss of 
the member force capacity. For the other specimens with longer lap splices, increasing the 
imposed tensile displacement beyond yielding produced a continuation of the widening of 
the horizontal cracks outside the lap splice region while crack opening remained 
approximately constant within the spliced zone (Fig. 95 (a) and (b)). Vertical cracks 
extended from the lap ends towards the centre with failure occurring when the debonded 
length equalized the lap splice length. No extension of the vertical (tension-produced) 
splitting cracks was observed in compression until average compression strains in the 
order of εv ≈ -1.5% (Δv = -1.8 mm) were applied. At this stage vertical crushing cracks 
appeared, as well as minor concrete spalling. Whenever larger compression deformations 
were reached, extensive spalling developed above the spliced region followed by rebar 
buckling and eventually concrete core crushing. 
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Specimens with continuous reinforcement showed an approximately uniform crack 
distribution along their height, with horizontal cracks spaced about 150 to 200 mm, see Fig. 
95 (c). The crack width was rather constant, increasing with the imposed tensile 
displacement, as shown in Fig. 95 (d). Upon load reversals, crack closure with no damage 
was observed up to high imposed compression strain levels (εv ≈ -2%). At this point, vertical 
cracks formed between the main horizontal cracks, preceding longitudinal rebar buckling 
and concrete crushing. The latter was the governing failure mode for these benchmark 
units (with continuous reinforcement), leading to a loss of almost 80% of their load carrying 
capacity. Rebar rupture was attained in the last pulling cycle, i.e. performed after specimen 
failure in compression. 

Failure modes: The failure modes observed for each TU are listed in Tab. 43. Specimen 
failure, intended as a 20% loss of the maximum tension or compression force attained 
during each test (i.e., the TU capacity), was caused either by failure of one or more lap 
splices or by core concrete crushing. Two different lap splice failures could be 
distinguished: splitting-unzipping (S-U) and splitting-explosive (S-E). The former was 
characterized by vertical splitting cracks, which, originating at the lap loaded ends gradually 
extended along the entire splice length. The progression of the crack opening depended 
on the confining reinforcement, with lower confinement ratios leading to a faster crack 
development. Lap splice failure occurred when the vertical cracks from the lap ends joined 
about the centre of the splice ((Fig. 96 (a)), causing a strength loss of around 80% of the 
rebar yield strength. When little or no confinement reinforcement was provided (ρt <0.1%), 
almost no vertical cracks could be observed before a sudden and loud lap splice failure 
occurred. No residual splice force was available for these failing splices and, upon load 
reversal, complete spalling of the cover concrete was typically observed (Fig. 96 (b)). The 
term ’mixed‘ failure mode is used to identify the few cases in which lap splices of the same 
unit failed according to different failure modes. Finally, core concrete crushing occurred 
when lap splices were long and well confined (ls = 60Øl, ρt >0.15%) and for the reference 
units with continuous reinforcement. It was always preceded by extensive concrete spalling 
and rebar buckling which, for spliced members, took place right above the lap splice region 
((Fig. 96 (d) and (e)). Rebar rupture was never the primary failure mode for any of the TUs 
and it was always attained after specimen failure, during the last tensile pulling cycle.  

 

 

 

 

(a) (b) (c) (d) 

Fig. 95 Crack distribution and width along the specimen height. LAP-P1: (a) crack 
distribution; (b) crack widths for three distinct levels of tensile displacement; LAP-C1: (c) 
crack distribution; (d) crack widths for three distinct levels of tensile displacement. 
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Fig. 96 Failure modes: (a) splitting-unzipping failure of the NE splice of LAP-P5; (b) 
splitting-explosive failure of the SE splice of LAP-P14; (c) concrete crushing of LAP-P10 ; 
(d) close-up of concrete crushing of LAP-P10; (e) close-up of rebar rupture of LAP-P21. 

6.4 Discussion of the experimental results 

As discussed in Section 6.1, the main objective of this Chapter is to assess the deformation 
capacity of lap splices as function of the test-series variables, i.e. lap splice length, 
confining reinforcement, and loading history. The quantity used to characterize the 
deformation capacity of lap splices as well as the method employed for its calculation from 
experimental measurements are described in the next subsection 6.4.1 whilst the influence 
of each variable is separately assessed in subsection 6.4.2. 

6.4.1 Definition of the average lap splice strain capacity 

 

The average lap splice strain capacity (εls) is defined as the average deformation, at the 
onset of failure, owing exclusively to deformations occurring within the lap splice region. 
Deformation contributions external to the lapped zone are not accounted for, such as the 
strain penetration of the rebar anchored into the foundation or the slip between the concrete 
and the rebar developed above the splices. In view of the available displacement measures 
in the spliced TUs (see Fig. 97 (b)), the following steps were required to compute εls: 

a. Identify the load step at the onset of lap splice failure (LSf, see Fig. 97 (a)); 
b. Compute at LSf the lap splice displacement including the contribution of the two major cracks 

forming at the top and bottom lap splice ends (Δls,out). Referring to Fig. 97 b), Δls,out is 
calculated as:  

∆𝒍𝒔,𝒐𝒖𝒕= ∆𝑭 − ∆𝑻 (49) 

where ∆𝐹 is the vertical displacement of foundation marker F and ∆𝑇 is the vertical 
displacement of top marker T. Note that positive displacement values are downwards (the 
piston is attached to the foundation) as the reference system in Fig. 97 (b) indicates. 

c. Calculate the width of the top and bottom end cracks (wTOP and wBOT, respectively):  

𝒘𝑻𝑶𝑷 = ∆𝑻′ − ∆𝑻 (50) 

𝑤𝐵𝑂𝑇 = ∆𝐹 − ∆𝐹′ (51) 
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(a) (b) (c) (d) 

Fig. 97 Auxiliary plots and sketches for definition of lap splice strain capacity εls: (a) 
Identification of the four load steps at splice failure LSf for TU LAP-P15; (b) Location of optical 
markers around the lap splice region; (c) Strain distribution for the pair of spliced bars; (d) 
Validation of the assumption on the parameter α (α1 ≈ α2 ≈0.5). 

d. Subtract the portion of wTOP and wBOT related to deformations occurring outside the lap splice 
region; namely, the part of the crack width due to the slip between the bar and the concrete 
above the lapped zone (𝛼1 ∙ 𝑤𝑇𝑂𝑃) and the part of the crack width caused by strain 

penetration in the foundation-anchored rebar (𝛼2 ∙ 𝑤𝐵𝑂𝑇). The processed lap splice 
displacement (Δproc) can therefore be expressed as:  

∆𝒑𝒓𝒐𝒄= ∆𝒍𝒔,𝒐𝒖𝒕 − 𝜶𝟏 ∙ 𝒘𝑻𝑶𝑷 − 𝜶𝟐 ∙ 𝒘𝑩𝑶𝑻 (52) 

 
e. Finally, the average lap splice strain capacity εls is the ratio between Δproc and the nominal 

lap splice length ls:   

𝜺𝒍𝒔 =
∆𝒑𝒓𝒐𝒄

𝒍𝒔
 (53) 

The calibration of the parameters α1 and α2 was carried out by comparing the displacement 
Δls,out and the splice-end-crack widths wTOP and wBOT with the displacement Δint obtained by 
integrating, along the lap splice length, the envelope of the top and bottom anchored rebar 
strains (Fig. 97 (c)). The parameter α (assuming α1 = α2) was computed as follows: 

𝜶 = (∆𝒍𝒔,𝒐𝒖𝒕 − ∆𝒊𝒏𝒕)/(𝒘𝑻𝑶𝑷 +𝒘𝑩𝑶𝑻) (54) 

The comparison is represented in Fig. 97 (d), which shows that α1 = α2 = 0.5 provided a 
good assumption for the present series of TUs. Further details on the calibration procedure 
as well as a mechanical interpretation of the obtained values for α1 and α2 are provided in 
Annex II. 

6.4.2 Influence of variable test parameters on the average strain capacity of 
lap splices 

Lap splice length 

Three groups of TUs were selected in order to investigate the influence of splice length (ls) 
on the deformation capacity of lap splices (εls). The units within each group varied only with 
regard to ls and featured the same confining reinforcement ratio (ρt) and imposed loading 
history (LH). The latter was common to all three groups and corresponded to C1.  

The force-displacement responses of the selected TUs are displayed in Fig. 98 (a). The 
total applied axial force N is given on the vertical y-axis while the global column vertical 
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displacement Δv and strain εv are reported on the bottom and top x-axes. A separate plot 
is provided for each combination of ls and ρt, where units belonging to the same group are 
represented with the same line colour. Namely blue, green and red are used for 
reinforcement ratios ρt = 0.1%, ρt = 0.15% and ρt = 0.3% respectively. Results of longer 
and more confined lap splices can be found in the downward and rightward directions. 
Separate markers are used to indicate the onset of each lap splice failure, with distinct 
shape and fill depending on the observed failure type. A black dashed line identifies the 
overall specimen failure (corresponding to a loss of around 20% of the specimen load 
capacity) whereas rebar rupture, which always occurred after specimen failure, is displayed 
with a black cross. A black circle specifies lap splices considered as outliers, which are 
characterized by a displacement capacity far larger than the one observed in all other lap 
splices of the same TU. This larger ductility of specific lap splices is related to the increased 
confining action provided by the stirrups, which, after failure of the first three splices, start 
to tilt with respect to their original horizontal position (see Fig. 96 (e)). Such inclination 
introduces a compressive axial force component in the confining reinforcement contributing 
to restraining the pair of spliced rebars. However, since this effect is unit-specific and may 
not occur for different cross sectional geometries or reinforcement layouts, such outliers 
will not be considered in the analysis of the deformation capacity of lap splices.      

(a) 

 
(b) (c) (d) 
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Fig. 98 Influence of ls on the behaviour of lap splices: (a) Force-displacement responses; 
(b), (c), (d) Lap splice strain capacity for fixed confining reinforcement (ρt = 0.1%, ρt = 
0.15%, ρt = 0.3%); (e) Lap splice strain capacity as function of ls (TC: top-casted rebar, 
BC: bottom-casted rebar). 

The hysteretic curves of Fig. 98 (a) show that the displacement capacity of spliced 
members increases with ls (i.e., the black dashed line consistently moves to larger 
displacements for longer splices). Except for ls = 60Øl and ρt > 0.15%, where the lap splices 
did not fail but concrete crushing was the predominant failure mode, specimen failure was 
always caused by the failure of at least one lap splice. For short splices (ls = 25Øl), 
simultaneous failure of the four lap splices took place before reaching the yielding of the 
longitudinal rebars. In all other cases, lap splice failure was observed after yielding of the 
longitudinal reinforcement and typically two splices failed clearly before the remaining two. 
The casting position is responsible for this difference as the increased porosity and water 
content reduces the concrete strength in top-casted splices [188]; this issue will be 
addressed more in detail in the following paragraph. The responses of the two reference 
units with continuous reinforcement are plotted in grey. It can be observed that, although 
specimens featuring long and well confined splices (ls = 60Øl and ρt > 0.15%) did not fail, 
they nonetheless showed a significantly reduced deformation capacity with respect to the 
reference units. This is explained by the fact that, in spliced members, the deformation 
concentrates outside the lap splice region while cracks remain very small within the lapped 
zone.  

The strain capacity of the single lap splices is plotted separately, for the three groups of 
TUs, in Fig. 98 (b), (c) and (d). Outliers (namely, the last-holding splices of LAP-P1 and 
LAP-P3) and splices failing after crushing of the specimen were discarded. An additional 
marker (“+” symbol) is used to identify top-casted splices. The three plots show that εls 
increases almost linearly with ls, regardless of the provided confining reinforcement. 
Moreover, it is possible to distinguish the detrimental effect of top casting on the lap splice 
performance. In fact, except for short splices (ls = 25Øl) where the four failed 
simultaneously, lap splices located on the top casted face showed considerably reduced 
εls compared to those located on the bottom-casted face. However, it is important to point 
out that the determination of εls is less reliable for bottom-casted than top-casted splices as 
the specimen is in a more damaged state. In fact, after the failure of the first splice, the 
bottom and top crack width begin to differ and no redundant measure is available to double 
check the computed value of εls (Δint is not available, as discussed in Section 6.4.1). 

Strains εls for all the selected TUs are showed altogether in Fig. 98 (e) under the form of 
error-bar plot. Strains belonging to top-casted (TC) and bottom-casted (BC) splices are 
again differentiated. The shaded regions represent the scatter for strains corresponding to 
a certain combination of ls, ρt, and casting position. Again it is possible to observe the direct 
and almost-linear proportionality between εls and ls. Also, it is apparent that the scatter in 
the experimentally-determined strains increases with ls and when passing from top- to 
bottom-casted splices (i.e. with the imposed displacement demand and therefore with the 
damage state of the specimen). Please note that only one value of εls is available for the 
bottom-casted splices of specimen LAP-P1 (ls = 40Øl and ρt = 0.3%), which explains the 
zero data scatter. 

Confining reinforcement 
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The influence of the confining reinforcement on the behaviour of lap splices is illustrated in 
Fig. 99, which contains similar plots to Fig. 98. The selected TUs were subjected to the 
same loading protocol (C1) and subdivided in three groups, each one referring to a fixed 
value of ls. Blue, green, and red line colours identify ls = 25Øl, ls = 40Øl, and ls = 60Øl 
respectively. 

 

(a) (b) 

 

 
(c) 

 
(d) 

 
(e) 

 

Fig. 99 Influence of ρt on the behaviour of lap splices: (a) Force-displacement responses; 
(b), (c), (d) Lap splice strain capacity for fixed lap splice length (ls = 25Øl, ls = 40Øl, ls = 
60Øl); (e) Lap splice strain capacity as function of ρt. 
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Fig. 99 (a) shows that an increase in ρt does not necessarily correspond to a larger 
specimen ductility, especially for short lap splice lengths. In fact, the three TUs with ls = 
25Øl depicted very similar hysteretic response and displacement at failure, although 
ρt varied from 0.1% to 0.3%. On the other hand, for long lap splices (ls = 60Øl), a direct 
proportionality between ρt and the displacement capacity of the TUs can be observed. It is 
noted that for specimens LAP-P13 and LAP-P10, the provided ρt was sufficient to promote 
a change in failure mode, from lap splice failure to concrete crushing. As for medium length 
lap splices (ls = 40Øl), an increase in ρt resulted in larger member ductility only for ρt 
> 0.15%. In fact, all units with ρt < 0.15% (LAP-P15, LAP-P2, LAP-P3 and LAP-P7) showed 
a similar hysteretic response and displacement capacity; on the contrary, the latter 
increased for larger values of ρt in units with ρt > 0.15% (LAP-P16, LAP-P17, LAP-P20 and 
LAP-P1). Similar considerations to those above apply to the relation between ρt and εls, as 
displayed in Fig. 99 (b), (c), and (d): εls is approximately constant in Fig. 99 (b) (note the 
scale of the vertical axis), monotonically increasing in Fig. 99 (d), and approximately bilinear 
(constant for ρt < 0.15%, and increasing for ρt > 0.15%) in Fig. 99 (c). Again, except for the 
case of short lap lengths (ls = 25Øl), within the same unit the top-casted splices always 
failed before the bottom-casted. An overall picture of the relationship between ρt and εls is 
given in Fig. 99 (e), which also confirms that data dispersion increases with the imposed 
displacement demand. 

Loading history 

Two set of TUs having as only variable parameter the imposed loading history (LH) were 
characterized by: ls = 40Øl and ρt = 0.15%—depicted with a blue colour line in Fig. 100—
and ls = 40Øl and ρt = 0.25%—identified by a green colour line. Each group was composed 
by five TUs and included the reference cyclic (C1) and the monotonic (M) loading protocols. 
Tests on units with same configuration and applied loading histories (LAP-P6/P8, LAP-
P3/P7, and LAP-P17/P20) were performed in order to assess the repeatability of the test 
results. 

Fig. 100 (a) shows a comparable displacement capacity of the TUs of the first set (ls = 40Øl 
and ρt = 0.15%), indicating that the imposed loading protocol did not play a significant role. 
Failure was in all cases triggered by splitting unzipping of the lap splices, occurring 
relatively soon after yielding of the longitudinal rebars. The smallest ductility is displayed 
by specimen LAP-P9, subjected to a loading protocol (C2) in which the compression levels 
were doubled with respect to those of C1. The two monotonic tests showed a significant 
aleatory difference in the attained displacement capacity, one failing right after yielding of 
the longitudinal reinforcement (LAP-P6, Δv ≈ 6mm) and the other reaching Δv ≈ 12mm. This 
scatter reduces slightly when εls is considered—see Fig. 100 (b) and (d), as the largest part 
of the member deformation occurs outside the lap splice region; recall that the crack width 
in the lapped zone remains relatively constant and small. Finally, the displacement and lap 
splice strain capacities of the two specimens tested under LH = C1 (i.e., LAP-P3 and LAP-
P7) are in between the bounds obtained from the monotonic tests.  

The impact of LH on the displacement capacity of the TUs is more clear for the second 
group (ls = 40Øl and ρt = 0.25%). It stands out that, in a cyclic loading, larger imposed 
compression levels reduce the deformation capacity of lap splices (Fig. 100 (a)). In fact, 
the displacement at failure of LAP-P21 (LH = C3, repeated cyclic loading) is larger than 
that of LAP-P17 and LAP-P20 (LH = C1), which in turn are larger than the one of LAP-P22 
(LH = C4, fixed compression level N ≈ 0.9 ALR). A similar trend applies when comparing 
values of εls, as displayed in Fig. 100 (c) and (d). For this configuration of TUs, a single test 
was performed under monotonic loading (LAP-P19), which attained a strain capacity in 
between those of tests with protocols C1 and C3.  

While the available test results allow such qualitative comments regarding the influence of 
the loading history on the deformation capacity of lap splices, further testing is required for 
an appropriate quantitative characterization. Moreover, it was observed that, among the 
considered parameters, LH was the one with lowest impact on the lap splice strain capacity. 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

178 November 2022 

Therefore, in the expression to estimate εls proposed in the next section, the effect of LH 
will be disregarded. 

(a) (b) 

 

 
(c) 

 
(d) 

 
Fig. 100 Influence of LH on the behaviour of lap splices: (a) Force-displacement 
responses; (b), (c) Lap splice strain capacity for fixed lap splice length and confining 
reinforcement (ls = 40Øl and ρt = 0.15%, ls = 40Øl and ρt = 0.15%); (d) Lap splice strain 
capacity as function of LH. 

6.5 Prediction of the lap splice strain capacity 

Based on the experimental results discussed above, a predictive equation for εls is 
proposed in this section, which builds on the following observations: (i) εls increases with ls, 
regardless of the provided ρt; (ii) the influence of ρt on εls depends on ls. In particular, for 
short lap splices (ls = 25Øl), εls is not affected by variations in ρt; on the other hand, for long 
lap splices (ls = 60Øl), a small change from ρt = 0 to ρt ≈ 0.1% produces a significant 
increase of εls; finally, for medium lap lengths (ls = 40Øl) an increase of εls is observed only 
for provided ρt > 0.15%; (iii) loading history is the least influential among the considered 
variable parameters and further testing is required for an appropriate quantification; (iv) 
casting position plays a significant role in the displacement capacity of lap splices, with 
lower εls associated to bottom-casted splices. 

The expression for εls is defined in the two-variable space ls and ρt, with 25Øl < ls <60Øl and 
0< ρt <0.3%. Stemming from the above consideration (ii), two regions were defined in this 
[ls, ρt] domain: one in which an increase in ρt causes an increase in εls (labelled subdomain 
A) and another where the strain capacity does not depend on the confining reinforcement 

Top-casted

C2
0

4

8

12

16

Imposed load history ( LH )

 l
s

P6,P8 P3,P7 P9

C1M

Top-casted

M C1 C3 C4
0

4

8

12

16

Imposed load history ( LH )

 l
s

P19 P17,P20 P21 P22



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

 

November 2022  
  
  
  
 179 

(subdomain B). The separation between the two regions is specified by the following 
equation: 

𝒍𝒔
∅𝒍
+
𝟔𝟎 − 𝟐𝟓

𝟎. 𝟑
 ∙ 𝝆𝒕 − 𝟔𝟎 = 𝟎 (55) 

where ρt is defined in percentage [%]. The previous expression represents the line passing 
through the points with coordinates [ls, ρt] = [60Øl, 0%] and [25Øl, 0.3%]. All combinations 
of [ls, ρt] leading to positive values for equation (55) fall into subdomain A while those 
resulting in negative values belong to subdomain B. Moreover, since for ls = 60Øl and 
ρt > 0.15% no lap splice failure was observed, the equation should not be used in that 
subrange. A linear equation in the two variables ls and ρt is then fitted, for each subdomain, 
through the experimental εls values. The following two systems of equations, for top- and 
bottom-casted lap splices, were respectively obtained:  

{
 

 𝜺𝒍𝒔
𝑻𝑪 = −𝟐𝟑 + 𝟓𝟎 ∙ 𝝆𝒕 + 𝟎. 𝟒𝟒 ∙

𝒍𝒔
∅𝒍
        →  [𝒍𝒔, 𝝆𝒕]  ∈ 𝐬𝐮𝐛𝐝𝐨𝐦𝐚𝐢𝐧 𝐀 

𝜺𝒍𝒔
𝑻𝑪 = 𝟏. 𝟐 + 𝟎. 𝟎𝟒 ∙

𝒍𝒔
∅𝒍
                            →  [𝒍𝒔, 𝝆𝒕]  ∈ 𝐬𝐮𝐛𝐝𝐨𝐦𝐚𝐢𝐧 𝐁

 

(56) 

(57) 

{
 

 휀𝑙𝑠
𝐵𝐶 = −36 + 70 ∙ 𝜌𝑡 + 0.76 ∙

𝑙𝑠
∅𝑙
         →  [𝑙𝑠, 𝜌𝑡]  ∈ subdomain A

휀𝑙𝑠
𝐵𝐶 = −2.1 + 0.2 ∙

𝑙𝑠
∅𝑙
                            →  [𝑙𝑠, 𝜌𝑡]  ∈ subdomain B

 

(58) 

(59) 

where εls is expressed in permille [‰]. From a geometrical viewpoint, equations (56) to (59) 
represent two planes in the [ls, ρt] space. The two planes of each system intersect on a line 
whose projection on the plane εls = 0 is given by equation (55). The fit between the 
experimental and predicted values of εls is displayed, for top- and bottom-casted splices, in 
Fig. 101 (a) and (b) as 3D plots. Residual plots are instead given in Fig. 101 (c) and (d). 
The predictive equation captures rather well the trend of the experimental data as well as 
the coupling between ls and ρt. The effect of the different loading protocols shows up in the 
relatively large scatter observable at combinations [ls = 40Øl; ρt = 0.15%] and [ls = 40Øl; ρt 
= 0.25%]. All values of experimental (εexp

ls) and predicted (εpred
ls) lap splice strain capacities 

are listed in Tab. 44 together with the associated model error υ, defined as: 

𝝂 = |𝟏 −
𝜺𝒍𝒔
𝒑𝒓𝒆𝒅

𝜺𝒍𝒔
𝒆𝒙𝒑 | (60) 

LAP-P13 and LAP-P10 are not included in the table since no lap failure was observed. The 
good match between the predicted and experimental εls is confirmed by an average error 
of 20% and 26% for top- and bottom-casted splices, which drops to 13% and 20% if only 
TUs tested under the main loading protocol (C1) are considered. 
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(a) (b) 

  
(c) (d) 

  
Fig. 101 Predictive equation for εls vs experimental results. Spatial representation for: (a) 
top-casted and (b) bottom-casted lap splices; Residual plot for: (c) top-casted and (d) 
bottom-casted lap splices. 

Tab. 44 Experimental and predicted values of lap splice strain capacity, εls.  

TU 

Top-casted splices Bottom-casted splices 

Location* 
Δproc 

[mm] 

εexp
ls 

[‰] 

εpred
ls 

[‰] 

error 

[%] 
Location* 

Δproc 

[mm] 

εexp
ls 

[‰] 

εpred
ls 

[‰] 

error 

[%] 

LAP-P1 
SE 4.68 8.36 

8.74 
4.5 NW 8.99 16.05 

14.19 
11.6 

NE 5.65 10.09 13.4 SWa n/a n/a n/a 

LAP-P2 
NW 1.48 2.64 

2.80 
5.9 NE 4.19 7.49 

5.90 
21.2 

SW 1.37 2.45 14.5 SE 3.64 6.50 9.2 

LAP-P3 
NE 1.75 3.12 

2.80 
10.1 NW 4.22 7.54 

5.90 
21.7 

SE 2.52 4.50 37.8 SWa n/a n/a n/a 

LAP-P4 
NW 1.07 3.06 

2.20 
28.0 NE 1.06 3.04 

2.90 
4.7 

SW 1.11 3.16 30.3 SE 0.93 2.67 8.6 

LAP-P5 
NE 6.45 7.67 

8.11 
5.7 NW 10.2 12.14 

16.20 
33.4 

SE 5.58 6.64 22.1 SW 13.5 16.07 0.8 

LAP-P6 
NW 1.35 2.41 

2.80 
16.1 NEa n/a n/a 

5.90 
n/a 

SW 1.36 2.43 15.3 SE 3.62 6.46 8.7 

LAP-P7 
NW 1.55 2.72 

2.80 
2.8 NE 3.54 6.32 

5.90 
6.7 

SW 1.30 2.31 21.1 SE 3.50 6.26 5.7 

LAP-P8 
NW 2.17 3.88 

2.80 
27.7 NEa n/a n/a 

5.90 
n/a 

SW 2.31 4.13 32.1 SE 4.74 8.46 30.3 

LAP-P9 NW 1.19 2.13 2.80 31.8 NE 3.13 5.60 5.90 5.4 
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SW 1.15 2.05 36.3 SE 3.06 5.46 8.0 

LAP-P11 
NE 0.68 1.93 

2.20 
14.1 NW 0.6 1.71 

2.90 
69.2 

SE 0.62 1.76 25.2 SW 0.7 2.00 45.0 

LAP-P12 
NE 0.72 2.04 

2.20 
7.7 NW 0.71 2.03 

2.90 
43.0 

SE 0.63 1.80 22.2 SW 0.64 1.84 57.4 

LAP-P14 
NE 6.44 7.67 

3.60 
53.0 NW 5.94 7.07 

9.90 
40.0 

SE 2.76 3.29 9.6 SW 3.17 3.77 162.3 

LAP-P15 
NE 1.69 3.02 

2.80 
7.2 NW 4.2 7.50 

5.90 
21.3 

SE 1.4 2.50 12.0 SW 3.45 6.17 4.4 

LAP-P16 
NE 2.99 5.33 

4.02 
24.5 NW 4.67 8.34 

7.59 
8.9 

SE 2.1 3.75 7.3 SW 4.19 7.48 1.5 

LAP-P17 
NE 3.32 5.92 

6.38 
7.8 NW 5.22 9.33 

10.89 
16.8 

SE 3.44 6.14 3.9 SW 4.88 8.71 25.0 

LAP-P18 
NW 4.73 6.76 

6.07 
10.2 NE 7.62 10.89 

11.90 
9.3 

SW 4.07 5.81 4.4 SE 9.7 13.86 14.2 

LAP-P19 
NE 2.15 3.83 

6.38 
66.6 NW 6.25 11.16 

10.89 
2.4 

SE 2.54 4.54 40.7 SWa n/a n/a n/a 

LAP-P20 
NW 3.3 5.89 

6.38 
8.3 NE 6.76 12.08 

10.89 
9.8 

SW 2.88 5.14 24.1 SEa NaN n/a n/a 

LAP-P21 
NE 4.66 8.32 

6.38 
23.3 NW 9.3 16.61 

10.89 
34.4 

SE 4.06 7.25 12.0 SWa NaN n/a n/a 

LAP-P22 
NE 3.7 6.61 

6.38 
3.4 NW 3.5 6.25 

10.89 
74.3 

SE 1.825 3.26 95.8 SW 4.13 7.38 47.5 

 Error Avg: 20.9% Error Avg: 26.1% 

*: Corner of the specimen where the considered splice was located during the testing 
a : Outlier data (see explanation in text) 

 

6.6 Conclusions 

Past experimental investigation on spliced RC members was mainly directed towards the 
characterization of their strength rather than their deformation capacity. The vast majority 
of tests included beams under monotonic loading with lap splices in the constant moment 
region typically designed to fail before yielding of the longitudinal reinforcement. No 
experimental studies focusing on the deformation capacity of lap splices, particularly 
beyond yielding, are currently available in the literature. This represents a limitation to the 
application of performance-based design and assessment philosophies, where 
displacements rather than forces are compared with the seismic demand. 

This study analyses the results of an experimental programme on spliced RC members. 
The 24 test units represent the boundary elements of RC walls typical of both pre-seismic 
and code-compliant central European construction practice. They were tested under 
uniaxial tension-compression cyclic loading. The aim of the test series was to investigate 
the influence of lap splice length, confining reinforcement, and loading history on the 
deformation capacity of lap splices. A total of four lap splice lengths, from 25 to 60 times 
the longitudinal diameter, five confining reinforcement ratios, from 0 to 0.3%, and five 
loading protocols, 4 cyclic and one monotonic, were considered. Two reference test units 
with continuous reinforcement were also tested. Extensive instrumentation, including 
optical sensors glued directly on the spliced pairs or rebars, continuously monitored 
displacements of a comprehensive grid of points on the specimen faces. 
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The experimental data are used to derive an expression for predicting the deformation 
capacity of lap splices, which is defined as the average strain, at the onset of splice failure, 
owing exclusively to deformation contributions from the lapped region. Anchorage slip due 
to strain penetration or rebar slip from member locations outside the lap splice region were 
thus removed. With this approach, a strain limit for each of the four lap splices of each test 
unit was determined. The equation for the lap splice deformation capacity accounts for the 
confining reinforcement ratio, the lap splice length (as function of the bar diameter) and the 
position of the bar during casting. Larger deformation capacities were reached by bottom-
casted splices with respect to top-casted, underlining the importance of concrete quality. 
Compared to these three parameters, the loading history was found to have only a minor 
influence and the data basis insufficient to quantify it. However, it was clear that larger 
imposed compression levels lead to a decrease in the splice failure strain. 

The deformation capacity of lap splices increases with the splice length, irrespectively of 
the provided confining reinforcement. The effectiveness of the confining reinforcement 
depends instead on the lap splice length. Namely, the deformation capacity of short lap 
splices (ls = 25Øl) is insensitive to the confining reinforcement ratio; on the other extreme, 
even very low levels of confining reinforcement are sufficient to increase the deformation 
capacity of long lap splices (ls = 60Øl); for intermediate lap-splice lengths the splice 
deformation capacity increases only beyond a certain confining reinforcement ratio (ρt > 
0.15%). To account for this observation, two sets of equations are derived: the first one is 
applicable to long, well confined splices (referred to as subdomain A) and the second one 
to shorter, less confined or unconfined lap splices (subdomain B). Coefficients are 
determined for top- and bottom-casted splices yielding an average model error of about 20 
and 26% for the former and the latter, respectively. 
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7 Mechanical Model for the Simulation of RC 
Wall Boundary Elements with Lap Splices 

This Chapter presents a mechanical model to assess the behaviour of RC wall boundary 
elements with lap splices. The model predicts the crack width along the member as well as 
the steel and concrete stress/strain distributions. The ultimate displacement is derived from 
the lap splice strain equation presented in the previous chapter. The Chapter represents 
the pre-print version of the article:  

D. Tarquini, J.P. Almeida, K. Beyer, 2020. Extended tension chord model for boundary 
elements of RC walls accounting for anchorage slip and lap splices presence, International 
Journal of Concrete Structures and Materials 14(2), DOI: https://doi.org/10.1186/s40069-
019-0381-9  

Figures and tables formatting, reference-, section-, and equation- numbering were adapted 
to the style of this document. 

Abstract 

This Chapter presents a mechanical model for the simulation of RC wall boundary elements 
with lap splices. It builds on the tension chord model from which it maintains the hypothesis 
on the material and bond slip relationships. The model is composed of an assembly of 
components, each one accounting for a different source of deformation. Namely: (i) an 
anchorage-slip element accounting for the strain penetration of the longitudinal 
reinforcement into the foundation; (ii) a basic tension chord element evaluating the member 
response outside the lap splice zone; and (iii) a lap splice element describing the behaviour 
within the lap splice region. For an imposed global displacement, the model provides the 
steel and concrete stress and strain distributions, the crack distribution and opening, and 
the global resisting axial force. For spliced members, the ultimate displacement is 
computed through a semi-empirical relationship providing the average lap splice strain at 
failure. Validation is carried out against a series of uniaxial cyclic tests on RC wall boundary 
elements featuring both continuous and spliced reinforcement; different lap splice lengths 
and confining reinforcement are considered. Overall, a good match is obtained between 
numerical and experimental results in terms of crack width, rebar strain distribution along 
the splices and ultimate displacement. 

List of symbols 

𝐴𝑐  Concrete area 

𝐴𝑠  Longitudinal reinforcement area 
𝐴𝑡  Total sectional area 

𝐸𝑐  Concrete elastic stiffness 
𝐸𝑠  Steel elastic stiffness 
𝐸𝑠ℎ  Steel plastic stiffness 

𝐸𝐴/𝐿  Axial stiffness of the uncracked tension chord 
𝑓𝑐𝑡  Concrete tensile strength 

𝑓𝑐
′  Concrete compressive cylinder strength 

𝑓𝑦  Steel yield strength 

𝑓𝑢  Steel ultimate strength 
ℎ  Test units height 

𝐿0  Total length of the RC wall boundary element (or of the tension chord) 
𝑙0  Straight length of the anchored rebar 
𝑙𝑎𝑐  Length required to develop the steel strain at crack (휀𝑎𝑐) 
𝑙𝑎𝑐,𝑝  Length required to develop the plastic portion of the steel strain at crack 

(휀𝑎𝑐 − 휀𝑦) 

https://doi.org/10.1186/s40069-019-0381-9
https://doi.org/10.1186/s40069-019-0381-9
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𝑙𝑎𝑛𝑐  Anchorage length 
𝑙𝑏  Development length required to pass from a pre-crack to a post-crack steel 
stress state  
𝑙𝑝  Length required to develop the total rebar plastic strain (휀𝑢𝑙𝑡 − 휀𝑦) 

𝑙𝑠  Lap splice length 

𝑙𝑦  Development length required to achieve rebar yielding 

𝑙𝑦,𝑒𝑞𝐹  Distance between the yield point and the first point in which εeqF is reached 

𝑙𝑢𝑙𝑡  Development length required to achieve rebar rupture 

𝑁  Imposed axial force 
𝑁𝑐  Concrete force 
𝑁𝑐𝑠  Force required to attain crack stabilization 

𝑁𝑐,𝑚𝑎𝑥 Maximum force carried by the concrete (at srm/2) with reinforcement 

remaining elastic  
𝑁𝑐,𝑚𝑎𝑥,𝑝 Maximum force carried by the concrete (at srm/2) with reinforcement that 

has yielded 
𝑁𝑠  Steel force 
𝑁𝑓𝑐  Force required to attain first cracking 

𝑁𝑓𝑐,𝑙𝑎𝑝  Force required to attain first cracking within the lap splice region 

𝑠𝑟𝑚  Crack spacing 

𝑢𝑠  Steel displacement 
𝑢𝑐  Concrete displacement 
𝑤  Crack width  

𝛿  Relative steel-concrete slip  
𝛥  Imposed axial displacement 

𝛥𝑎𝑛𝑐  Slip of the anchored rebar at the interface 
∆𝑐𝑜𝑚𝑝𝑢𝑡 Total displacement of the boundary element computed internally (integral of 

휀𝑠)  
𝛥𝑙𝑠  Total displacement of a lap splice element 
𝛥𝑇𝐶  Total displacement of a basic tension chord element  

∆𝑡𝑜𝑡  Total imposed displacement to the RC wall boundary element 
휀𝑎𝑐  Steel strain at crack location 
휀𝑐  Concrete strain 

휀𝑐𝑠  Minimum steel strain required to have crack stabilization 
휀𝑐,𝑠𝑟𝑚/2 Concrete strain at midway between two cracks (srm/2) 

휀𝑐,𝑦  Steel strain at the point corresponding to steel yielding (휀𝑠 = 휀𝑦) 

휀𝑒𝑞𝐹 Steel strain at the point where steel and concrete stresses are equal within 

the lap splice zone 
휀𝑝  Steel plastic strain (휀𝑝 = 휀𝑠 − 휀𝑦 ) 

휀𝑠  Steel strain 
휀𝑠𝑟𝑚/2  Steel strain at midway between two cracks (srm/2) 

휀𝑦  Steel yield strain 

휀𝑢𝑙𝑡  Ultimate steel strain 
∅𝑙  Longitudinal rebar diameter 

𝜂  Relative error between numerical and experimental quantities 
𝜂∆𝑢  Relative error on the ultimate displacement of the RC wall boundary element 

𝜂𝑤,𝑜𝑢𝑡  Relative error on the average crack width outside the lap spice region 

𝜂𝑤,𝑙𝑎𝑝  Relative error on the average crack width within the lap spice region 

𝜌𝑙  Longitudinal reinforcement ratio 

𝜌𝑡  Transverse reinforcement ratio 
𝜎𝑐  Concrete stress 
𝜎𝑐,𝑚𝑎𝑥,𝑝 Maximum concrete stress between cracks (at srm/2) when the steel is in a 

post-yield state 
𝜎𝑠  Steel stress 
𝜎𝑠,𝐵  Concrete stress before crack 

𝜎𝑠,𝐶  Concrete stress after crack 

𝜏𝑏  Bond stress 

𝜏𝑏0  Elastic bond stress: the reinforcing steel is elastic (𝜎𝑠 < 𝑓𝑦) 
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𝜏𝑏1  Plastic bond stress: the reinforcing steel has yielded (𝜎𝑠 > 𝑓𝑦) 

𝜐𝑛𝑢𝑚  Generic numerical quantity 
𝜐𝑒𝑥𝑝  Generic experimental quantity 

 

7.1 Introduction 

Experimental tests on RC walls (Chapter 2) have shown that the presence of lap splices 
may lead to a significant reduction of the member strength and ductility capacity. The 
behaviour of lap splices is influenced by several factors, among which lap splice length (ls) 
and confining reinforcement play a dominant role.  Namely, short and poorly confined lap 
splices located in regions where inelastic deformations are largest (i.e. plastic hinges) may 
induce failure of the RC wall prior to yielding of the longitudinal reinforcement. Longer and 
more confined lap splices may allow the wall to develop its flexural strength, however a 
decrease in the deformation capacity of the structural member is often still observed. 
Finally, long and adequately confined lap splices will relocate the plastic hinge above the 
spliced zone, where buckling and rupture of the longitudinal rebars will occur. For the 
previous cases, damage typically starts at the wall edges (boundary elements) where the 
deformation demand is highest (as discussed in Chapter 3), which are also the regions first 
attaining failure.  

Although several studies have been carried out in order to assess the strength of lap 
splices, significantly less research is available concerning their deformation capacity. In 
Chapter 6, based on an experimental programme on RC wall boundary elements, an 
expression to estimate the average strain at failure of lap splices as function of the lap 
splice length, confining reinforcement, and casting position was proposed. Such expression 
can be used to estimate the deformation capacity of RC wall boundary elements with lap 
splices. 

Past mechanical models for lap splices mainly aimed at the characterization of their 
strength capacity [16,17]. To the author’s knowledge, the analytical model proposed by 
Tastani et al. [46] is the only available in the literature describing the state of bond along 
spliced rebars, which can be used to predict the force-displacement response of lap splices. 
However, their approach is limited to steel elastic response and therefore only applicable 
to very short lap splice lengths. 

The present work proposes a mechanical model for the simulation of RC wall boundary 
elements with lap splices. It represents an extension of the tension chord model [31], 
reviewed in Section 7.2, of which adopts the fundamental hypothesis on the constitutive 
materials (steel and concrete) and bond-slip laws. The model is constituted by an assembly 
of components, connected in series, discretizing the structural member. The three 
components, described in Section 7.3 are: (i) the anchorage-slip element; (ii) the basic 
tension chord element; and (iii) the lap splice element. The solution procedure allows to 
obtain for an imposed global displacement: the steel and concrete stress and strain 
distributions along the boundary element, crack location and width, and the total applied 
axial force. Moreover, the equation proposed in Chapter 6 for the lap splice deformation 
capacity can be directly employed in order to determine the failure of the spliced RC 
boundary element. The validation of the proposed model is carried out in Section 7.4 in 
terms of force-displacement, crack widths, and spliced rebar strains. Conclusions are 
drawn in Section 7.5. 

7.2 Tension chord model 

The tension chord model was originally developed as a simplified method for the 
determination of the rotation capacity of flexural plastic hinges in reinforced concrete 
girders [189,190]. Although it was successively extended to plane stress analysis problems 
[191,192] and to investigate the deformation capacity of prestressed and non-prestressed 
RC members [193], it was mainly applied to problems of cracking, tension stiffening, and 
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minimum reinforcement in RC members subjected to uniaxial loading [31]. In the following 
paragraphs, the main assumptions and theoretical aspects underlying the tension chord 
model are briefly summarized. 

Considering the tension chord element of Fig. 102 (a), the equilibrium equations for an 
infinitesimal length dx of concrete and steel volumes can be written as (see Fig. 102 (b)): 

 

𝒅𝝈𝒄
𝒅𝒙

= −
𝝉𝒃 ∙ 𝝅 ∙ ∅𝒍
𝑨𝒕 ∙ (𝟏 − 𝝆𝒍)

 (61) 

𝑑𝜎𝑠
𝑑𝑥

=
4 ∙ 𝜏𝑏
∅𝑙

 (62) 

 

where σc and σs are the concrete and steel stresses, τb is the bond stress, ϕl is the 
longitudinal rebar diameter, At is the gross sectional area, and ρl = As/At is the longitudinal 

reinforcement ratio, where 𝐴𝑠 = 𝜋𝜙𝑙
2 4⁄  is the steel area.  

Strain-displacement relations provide 휀𝑠 = 𝑑𝑢𝑠 𝑑𝑥⁄  and 휀𝑐 = 𝑑𝑢𝑐 𝑑𝑥⁄ , where us and uc are 

the steel and concrete displacements, as shown Fig. 102 (c), and 휀𝑠 and 휀𝑐 are the 
corresponding strains. From compatibility considerations (Fig. 102 (c)), the steel-concrete 
slip δ can be expressed as the difference between the steel and concrete displacements: 

𝜹 = 𝒖𝒔 − 𝒖𝒄 (63) 

 

 

(a) (b) (c) 

Fig. 102 (a) Sketch of a basic tension chord element, i.e. the portion of tension chord 
between two cracks; (b) Concrete and steel equilibrium for an infinitesimal length dx; (c) 
Compatibility requirements. 

Assuming a linear and bilinear stress-strain law for the steel and concrete in tension (Fig. 
103 (a) and (b)), the following second order differential equation is obtained by combining 
the previous equations and using the chain rule of differentiation: 

𝒅𝟐𝜹

𝒅𝒙𝟐
=

𝟒 ∙ 𝝉𝒃
𝒅𝝈𝒔

𝒅𝒙
⁄ ∙ ∅𝒍

+
𝝉𝒃 ∙ 𝝅 ∙ ∅𝒍

𝑨𝒕 ∙ 𝑬𝒄 ∙ (𝟏 − 𝝆𝒍)
 (64) 

where 𝑑𝜎𝑠 𝑑𝑥⁄  and Ec are the steel and concrete tangent stiffness. Before steel yielding 

𝑑𝜎𝑠 𝑑𝑥⁄ = 𝐸𝑠, while after yielding 𝑑𝜎𝑠 𝑑𝑥⁄ = 𝐸𝑠ℎ, which stands for the post-yield steel 
stiffness.  

Equation (64) can be integrated if the bond-slip (τb-δ) relationship is known. In the tension 
chord model, the latter is assumed to be stepped, rigid-perfectly-plastic (Fig. 103 (c)): the 
bond stress is constant (τb0) up to reinforcement yielding, after which it halves (τb1 = τb0/2). 
This assumption for the τb-δ law is particularly convenient as it allows the uncoupling of the 
bond stress from the slip of the reinforcing bar. In the portion between two consecutive 
cracks of the tension chord (herein referred as basic tension chord element), the steel 
stress distribution can thus be derived from the equilibrium conditions alone, i.e. without 
the need to resort to complex numerical integration of the above second order differential 
equation. As a consequence, the concrete stress, concrete strain, and steel strain 
distributions can also be obtained, allowing the determination of the crack width and basic 
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tension chord elongation. In the present work, as suggested by Marti et al. [31], it is 

assumed τb0 = 2fct and τb1 = fct, where fct is the tensile concrete strength. The latter can be 
computed as a fraction of the concrete cylinder strength f’c; the calculations presented 

herein assume fct = 0.3f’c2/3 [189,190].  

 

(a) (b) (c) 
Fig. 103 Constitutive relations employed in the extended tension chord model: (a) Bilinear 
steel stress-strain law; (b) Concrete tensile stress-strain behaviour; (c) Steel-concrete 
bond-slip relationship. 

7.2.1 Evolution of deformation in a tension chord subjected to increasing 
displacement 

Consider a tension chord of total length L0 (Fig. 104 (a)) subjected to an increasing imposed 
tensile displacement Δ. A qualitative force-displacement response is depicted in Fig. 104 
(b). Before first cracking, no relative slip occurs between the longitudinal steel and concrete, 
which thus share the same state of deformation, corresponding to state A in Fig. 104. The 
equivalent member axial stiffness is computed as the sum of the stiffness of the two 
materials: 

(𝑬𝑨)𝒆𝒒𝒖𝒊𝒗.

𝑳𝟎
=
(𝑬𝒄 ∙ 𝑨𝒄 + 𝑬𝒔 ∙ 𝑨𝒔)

𝑳𝟎
 (65) 

where Ac = At - As is the concrete area. The first crack occurs when the concrete reaches 
the tensile strength fct (state B in Fig. 104), which takes place at the following applied force: 

𝑵𝒇𝒄 =
(𝑬𝑨)𝒆𝒒𝒖𝒊𝒗. ∙ 𝒇𝒄𝒕

𝑬𝒄
 (66) 

At the first forming crack the concrete stress and strain are null (state C in Fig. 104). All the 
applied force is taken by the longitudinal reinforcement and the steel stress passes from a 
pre-crack to a post-crack stress state, respectively σs,B and σs,C. Assuming that the rebar 
remains elastic, which is typically the case for common ranges of longitudinal reinforcement 
ratios, they are computed as [194]: 

𝝈𝒔,𝑩 =
𝑬𝒔 ∙ 𝒇𝒄𝒕
𝑬𝒄

 (67) 

𝜎𝑠,𝐶 =
𝑁𝑓𝑐

𝐴𝑠
 (68) 

For larger imposed deformations, cracks will open one after the other along the tension 
chord (state D in Fig. 104 refers to the opening of the second crack) up until crack 
stabilization. The latter corresponds to the situation in which an increase in the imposed 
deformation results in simple opening of existing cracks; i.e. no new cracks are forming as 
shown by states E, F and G in Fig. 104. The crack distance srm is bounded by lb < srm < 2lb, 
where lb is the development length required to transfer, through bond action, the difference 
between steel forces in the pre- and post-crack states (see Fig. 104 (a)): 
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𝒍𝒃 =
∅𝒍 ∙ (𝝈𝒔,𝑪 − 𝝈𝒔,𝑩)

𝟒 ∙ 𝝉𝒃𝟎
=
∅𝒍 ∙ 𝒇𝒄𝒕 ∙ (𝟏 − 𝝆𝒍)

𝟒 ∙ 𝝆𝒍 ∙ 𝝉𝒃𝟎
 (69) 

If two contiguous cracks open at a distance greater than 2lb, a region exists between these 
cracks where the concrete stress is equal to the material tensile strength fct, in which the 
formation of further cracks is still possible. On the other hand, if srm < lb the concrete stress 
in-between cracks is smaller than fct, preventing the formation of new cracks. Although 
several expressions have been proposed in the literature to evaluate the average crack 

spacing srm [62,111,195,196], in this Chapter the intermediate value of srm = 1.5lb is 
assumed.  

The maximum force carried by the concrete, Nc,max, depends on the value of srm and can 
be computed as: 

𝑵𝒄,𝒎𝒂𝒙 =
𝒔𝒓𝒎

𝟐
∙ 𝝉𝒃𝟎 ∙ ∅𝒍 ∙ 𝝅 (70) 

In between two cracks, the steel and concrete stress and strain distributions can be 
obtained by solving analytically equation (64). The crack width w is then calculated as the 
integral along srm of the difference between the steel and concrete strains—equation 
(71)—while the integral of the steel strains gives the total elongation of the basic tension 
chord—equation (72).  

𝒘 = ∫ 𝜺𝒔 − 𝜺𝒄 𝒅𝒙

𝒔𝒓𝒎
𝟐

− 
𝒔𝒓𝒎
𝟐

 (71) 

𝛥𝑇𝐶 = ∫ 휀𝑠 𝑑𝑥

𝑠𝑟𝑚
2

− 
𝑠𝑟𝑚
2

 (72) 

 

 

(a) (b) 
Fig. 104 (adapted from [194]) : Tension chord subjected to increasing imposed 
displacements: (a) Force-displacement response; (b) Qualitative steel and concrete strain 
distributions. 

For the assumed material and bond-slip relationships, in-between cracks the steel and 
concrete stress and strain distributions remain linear up to yielding of the longitudinal 
reinforcement (state G in Fig. 104). After yielding, the reduction of the steel tangent stiffness 
(from Es to Esh) and bond stress (from τb0 to τb1) causes the shift from linear to bilinear stress 
and strain distributions, as represented in state H of Fig. 104 (a). 

7.3 Mechanical model for boundary elements of RC walls with 
lap splices 

The mechanical model proposed in the following is developed to simulate the response of 
RC wall boundary elements with lap splices subjected to uniaxial tensile loading. It is an 
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extension of the classical tension chord model [31] described in the previous section, with 
which it shares the assumptions on the material and bond-slip relationships. The basic 
tension chord element is used in series with an anchorage-slip element and a newly 
developed lap-splice element; they are described separately in the next three subsections 
7.3.1 to 7.3.3. Subsection 7.3.4 deals instead with the iterative procedure employed to 
obtain local deformations and forces for an imposed global displacement. 

7.3.1 Anchorage-slip element 

The deformation of RC walls due to strain penetration of the anchored reinforcement in the 
foundation can represent an important contribution to the total member displacement 
[127,197]. The anchorage-slip element presented herein allows to estimate the anchorage-
slip displacement Δanc as well as to determine the steel and concrete stress and strain 
distributions along the anchorage length lanc. The input parameter is the steel strain at the 
loaded end, εac, where the subscript ac stands for ‘at crack’ as it corresponds to the location 
of the RC wall-foundation interface crack. Under the hypothesis that concrete strains are 
null within the foundation, Δanc can be computed as: 

∆𝒂𝒏𝒄= ∫ 𝜺𝒔
𝒍𝒂𝒏𝒄

𝒅𝒙 (73) 

Building on the material and bond assumptions described in the previous section, analytical 
expressions for Δanc can be derived, which depend on the anchorage type (straight or bent 
rebars), anchorage length, and imposed free-end deformation εac. For a review of the 
different cases, the reader is referred to Feng and Xu [45], where a full description of the 
equations for the calculation of Δanc can be found. The current work only considers the 
anchorage configuration of the test units used to carry out the model validation in Section 
7.4; i.e., rebars bent inside the foundation and an anchorage length lanc longer than the 
development length required to achieve the ultimate steel stress (lult). For bent rebars, lanc 
can be evaluated as function of the straight portion of the anchored length l0 [198]: 

𝒍𝒂𝒏𝒄 = 𝒍𝟎 + 𝟓 ∙ 𝝓𝒍 (74) 

while lult, composed by elastic and plastic components (ly and lp respectively), can be 
computed as: 

𝒍𝒖𝒍𝒕 = 𝒍𝒚 + 𝒍𝒑 =
𝒇𝒚 ∙ 𝝓𝒍

𝟒 ∙ 𝝉𝒃𝟎
+
(𝒇𝒖 − 𝒇𝒚) ∙ 𝝓𝒍

𝟒 ∙ 𝝉𝒃𝟏
 (75) 

where fy and fu are the steel yield and ultimate strength. The analytical expression to 
calculate the slip Δanc in case of lanc > lult is given by the following equation:  

∆𝒂𝒏𝒄= {

𝜺𝒂𝒄
𝟐
∙ 𝒍𝒂𝒄                                                                                       𝒇𝒐𝒓    𝜺𝒂𝒄 < 𝜺𝒚

 
𝜺𝒚

𝟐
∙ 𝒍𝒚 +

𝜺𝒚 + 𝜺𝒂𝒄

𝟐
∙ (𝒍𝒂𝒄 − 𝒍𝒚)                                               𝒇𝒐𝒓    𝜺𝒂𝒄 > 𝜺𝒚

 (76) 

where lac is the development rebar length required to attain the strain at crack εac, and is 
computed as: 

𝒍𝒂𝒄 =

{
 
 

 
 
𝜺𝒂𝒄 ∙ 𝑬𝒔 ∙ 𝝓𝒍
𝟒 ∙ 𝝉𝒃𝟎

                                                                                  𝒇𝒐𝒓    𝜺𝒂𝒄 < 𝜺𝒚     

𝒇𝒚 ∙ 𝝓𝒍

𝟒 ∙ 𝝉𝒃𝟎
+  

(𝜺𝒂𝒄 − 𝜺𝒚) ∙ 𝑬𝒔𝒉 ∙ 𝝓𝒍

𝟒 ∙ 𝝉𝒃𝟏
                                               𝒇𝒐𝒓    𝜺𝒂𝒄 > 𝜺𝒚 

 (77) 

The previous expressions underline that pre- and post-yielding cases are distinguished; for 
each situation, a sketch of the qualitative steel stress and strain distributions is included in 
Fig. 105. 

The upper and lower domain boundaries of applicability for equations (76) and (77) are 
defined by the minimum steel strain required to have crack stabilization (εcs, see subsection 
7.3.4 for its calculation) and the ultimate steel strain (εult), respectively. In fact, for εac < εcs 
the RC wall boundary element remains uncracked, implying Δanc = 0. On the other hand, 
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steel rupture will occur for εac > εult, thus resulting in the total loss of the member axial load 
capacity (N = 0). 

7.3.2 Basic tension chord element 

As introduced in the previous section, the basic tension chord element represents the 
portion of a tension chord enclosed between two consecutive cracks (spaced srm apart). 
For an arbitrary value of εcs < εac < εult, where εac is the steel strain at crack, the steel and 
concrete stress and strain distributions can be determined by equilibrium considerations; 
as a result, the crack width as well as the total chord elongation are obtained by applying 
equations (71) and (72), respectively. Three cases can be distinguished: (i) εac < εy; (ii) 
εac > εy and lac,p < srm/2; and (iii) εac > εy and lac,p > srm/2, where lac,p is the length required 
to develop the plastic strain εp = εac - εy, computed as: 

𝒍𝒂𝒄,𝒑 =
𝑨𝒔 ∙ 𝑬𝒔𝒉 ∙ (𝜺𝒂𝒄 − 𝜺𝒚)

𝝉𝒃𝟏 ∙ 𝝅 ∙ 𝝓𝒍
 (78) 

 

 

(a) (b) (c) 
Fig. 105 Anchorage-slip element for bent anchored bars with lanc>lult: (a) Sketch of the 
anchorage detail; (b) Qualitative steel strain profiles; (c) Qualitative steel stress profiles. 

For each scenario, the material stress and strain distribution is depicted in Fig. 106, while 
the expression for calculating the basic chord elongation ΔTC and the crack width w are 

provided by equations (79) and (80), obtained by solving equations (71) and (72): 

∆𝑻𝑪=

{
 
 

 
  (𝜺𝒂𝒄 −

𝑵𝒄,𝒎𝒂𝒙
𝟐 ∙ 𝑨𝒔 ∙ 𝑬𝒔

) ∙ 𝒔𝒓𝒎                                                                                      𝒇𝒐𝒓 𝒄𝒂𝒔𝒆 (𝒊)

 𝜺𝒂𝒄 ∙ 𝒍𝒂𝒄,𝒑 + 𝜺𝒚 ∙
𝒔𝒓𝒎

𝟐
+ 𝜺𝒔𝒓𝒎

𝟐
∙ (
𝒔𝒓𝒎

𝟐
− 𝒍𝒂𝒄,𝒑)                                                 𝒇𝒐𝒓 𝒄𝒂𝒔𝒆 (𝒊𝒊) 

 (𝜺𝒂𝒄 −
𝑵𝒄,𝒎𝒂𝒙,𝒑

𝟐 ∙ 𝑨𝒔 ∙ 𝑬𝒔𝒉
) ∙ 𝒔𝒓𝒎                                                                                    𝒇𝒐𝒓 𝒄𝒂𝒔𝒆 (𝒊𝒊𝒊)

 (79) 

 

∆𝑻𝑪=

{
 
 

 
  (𝜺𝒂𝒄 −

𝑵𝒄,𝒎𝒂𝒙
𝟐 ∙ 𝑨𝒔 ∙ 𝑬𝒔

) ∙ 𝒔𝒓𝒎                                                                                      𝒇𝒐𝒓 𝒄𝒂𝒔𝒆 (𝒊)

 𝜺𝒂𝒄 ∙ 𝒍𝒂𝒄,𝒑 + 𝜺𝒚 ∙
𝒔𝒓𝒎

𝟐
+ 𝜺𝒔𝒓𝒎

𝟐
∙ (
𝒔𝒓𝒎

𝟐
− 𝒍𝒂𝒄,𝒑)                                                 𝒇𝒐𝒓 𝒄𝒂𝒔𝒆 (𝒊𝒊) 

 (𝜺𝒂𝒄 −
𝑵𝒄,𝒎𝒂𝒙,𝒑

𝟐 ∙ 𝑨𝒔 ∙ 𝑬𝒔𝒉
) ∙ 𝒔𝒓𝒎                                                                                    𝒇𝒐𝒓 𝒄𝒂𝒔𝒆 (𝒊𝒊𝒊)

 (80) 

where εsrm/2 and εc,srm/2 are the steel and concrete strains evaluated at srm/2, equations (81) 
and (82); εc,y is the concrete strain in correspondence of the steel yield point, equation (83); 
and Nc,max,p is the maximum concrete force occurring at srm/2 when the steel is in the post-
yield state, equation (84). 
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𝜺𝒔𝒓𝒎/𝟐 = 𝜺𝒚 −
𝝉𝒃𝟎 ∙ 𝝅 ∙ 𝝓𝒍 ∙ (

𝒔𝒓𝒎
𝟐

− 𝒍𝒂𝒄,𝒑)

𝑨𝒔 ∙ 𝑬𝒔
 (81) 

휀𝑐,𝑠𝑟𝑚/2 = 휀𝑐,𝑦 +
𝜏𝑏0 ∙ 𝜋 ∙ 𝜙𝑙 ∙ (

𝑠𝑟𝑚
2

− 𝑙𝑎𝑐,𝑝)

𝐴𝑐 ∙ 𝐸𝑐
 (82) 

휀𝑐,𝑦 =
𝜏𝑏1 ∙ 𝜋 ∙ 𝜙𝑙 ∙ 𝑙𝑎𝑐,𝑝

𝐴𝑐 ∙ 𝐸𝑐
 (83) 

𝑁𝑐,𝑚𝑎𝑥,𝑝 = 𝜎𝑐,𝑚𝑎𝑥,𝑝 ∙ 𝐴𝑐 =
𝑠𝑟𝑚

2
∙ 𝜏𝑏1 ∙ ∅𝑙 ∙ 𝜋 (84) 

 

 

(a) (b) (c) 

Fig. 106 Basic tension chord element: (a) Sketch; (b) Qualitative steel and concrete strain 
profile; (c) Qualitative steel and concrete stress profile. 

7.3.3 Lap-splice element 

As discussed in Chapter 2 and 3, the strength and/or deformation capacity of RC walls may 
be sensibly reduced by the presence of poorly designed lap splices above the foundation 
level, where the seismic demand is maximum. Adequate detailing, i.e. providing 
appropriate lap-splice length and confining reinforcement, is crucial in order to attain the 
desired member ductility. The component presented in this subsection allows to account 
for the presence of lap splices in RC wall boundary elements and to estimate: (i) the steel 
strain distribution in the pair of spliced rebars; (ii) the crack width along the lap-splice length 
as well as the width contribution to the splice-end cracks originating from lap-splice 
deformation; (iii) the total lap-splice displacement and the failure point. 

This component builds on the same hypothesis regarding material and bond behaviour 
assumed for the tension chord model described in Section 7.2. Once crack stabilization is 
attained along the lap-splice length (Fig. 107 (a)), the resisting force is transferred from the 
anchored to the free end (unloaded) rebar through concrete bond. It is herein assumed that 
the concrete remains undeformed while transferring the force from one bar to another. 
Although the applied tensile load is partly resisted by the concrete, causing the formation 
of splitting cracks, the previous simplification represents a reasonable approximation up to 
the point of lap splice failure. In fact, as pointed out by Tastani et al. [46], neglecting the 
concrete strain contribution does not result in large model errors since the maximum tensile 
strain carried by normal strength-concrete up to tensile failure is less than 5% of the yield 
strain of the reinforcement. Nevertheless, this hypothesis implies a slight overestimation of 
the crack width as the latter is computed from the steel deformations alone, i.e. the tension 
stiffening effect due to concrete strains is ignored. A qualitative sketch of the steel stress 
and strain distribution for the couple of spliced rebars is represented in Fig. 107 (b) and (c) 
for two different levels of strain at the interface crack εac (pre- and post-yielding). From the 
top interface crack downwards, the steel stress is progressively transferred from the top-
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anchored to the bottom-anchored rebar. The stress transfer stops when equilibrium is 
reached with the two rebars attaining the same force level. An analogous if mirrored 
physical phenomenon occurs on the bottom half of the lap splice.  

The crack spacing srm within the lap-splice zone is assumed the same as outside, which 
is supported by experimental observations. The width of the cracks located within the lap-
splice region (for instance wlap,1 and wlap,2 in Fig. 107 (a)) is computed by integrating, along 
the corresponding influence length (e.g. l1 and l2 in Fig. 107 (a)), the envelope (i.e., the 
maximum) of the strains along the spliced rebars. For a given crack, the influence length is 
taken as the sum of the two half distances from the contiguous upper and lower cracks. 
Similarly, the integral of the strain envelopes along ltop and lbot (see Fig. 107 (a)) provide 
the portion of the top and bottom interface crack widths due to deformations originating 
within the lap splice region. The total width of these cracks is then obtained by summing 
up the contributions due to deformations occurring within and outside the lap splice region 
(the next subsection provides further details). The steel strain envelope is considered for 
the calculation of the crack width because, along the lapped zone, the spliced rebars are 
in general not equally stressed; the more stressed bar will induce a larger crack width (i.e., 
a larger strain integral) which, due to compatibility requirements, the less stressed rebar is 
forced to accommodate [46]. Closed-form expressions for the calculation of the splice-
internal crack widths and the contribution to the interface cracks given by deformations 
within the lap-splice region are relatively complicated to obtain as they depend on a large 
number of variables. Therefore, in the present study these widths are computed 
numerically.  

The total lap splice displacement (Δls) is calculated as the integral of the steel strain 
envelopes along the entire lap splice length: the expressions for both the elastic (εac < εy) 
and post-yield (εac > εy) cases are as follows: 

∆𝒍𝒔

= {

𝟏

𝟒
𝜺𝒂𝒄(𝟐 ∙ 𝒍𝒔 − 𝒍𝒂𝒄)                                                                                                             𝜺𝒂𝒄 < 𝜺𝒚

(𝜺𝒂𝒄 − 𝜺𝒚) ∙ 𝒍𝒂𝒄,𝒑 + (𝜺𝒚 + 𝜺𝒆𝒒𝑭) ∙ 𝒍𝒚,𝒆𝒒𝑭 + 𝟐 ∙ 𝜺𝒆𝒒𝑭 ∙ (
𝒍𝒔
𝟐
− 𝒍𝒂𝒄,𝒑 − 𝒍𝒚,𝒆𝒒𝑭)         𝜺𝒂𝒄 > 𝜺𝒚

 
(85) 

 

where εeqF, equation (86), is the strain of both top and bottom anchored rebars when they 
share the same force, and ly,eqF is the distance between the yield point and the first point in 
which εeqF is reached, see Fig. 107 (b). 

𝜺𝒆𝒒𝑭 =
𝑬𝒔𝒉 ∙ (𝜺𝒂𝒄 − 𝜺𝒚) + 𝑬𝒔 ∙ 𝜺𝒚

𝟐 ∙ 𝑬𝒔
 (86) 

𝑙𝑦,𝑒𝑞𝐹 =
𝐴𝑠 ∙ (𝐸𝑠 ∙ 휀𝑦 − 𝐸𝑠ℎ ∙ (휀𝑎𝑐 − 휀𝑦))

2 ∙ 𝜏𝑏0 ∙ 𝜋 ∙ 𝜙𝑙
 (87) 

 
 

 

(a) (b) (c) 
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Fig. 107 Lap-splice element: (a) Sketch; (b) Qualitative steel strain profile; (c) Qualitative 
steel stress profile. 

Based on experimental data on uniaxial cyclic tests on spliced RC members, an expression 
for the average strain at lap splices failure (εls) was determined in Chapter 6—equations 
(68) to (71). The latter, which depends on lap splice length, amount of confinement 
reinforcement and casting position, is used in the proposed model to define the deformation 
capacity of lap splices. The ultimate lap-splice displacement (Δls,ult) is therefore 
straightforwardly obtained by multiplying εls by the nominal lap-splice length ls; failure of the 
lap-splice element is assumed to take place at this point, with the complete loss of the axial 
load capacity. It is worth noticing that the above-mentioned failure criterion typically 
precedes the attainment of non-zero stress values at the lap splice free ends (lac > ls). In 
such a case, pull-out rather than lap splice failure might be expected. 

7.3.4 Model implementation: iterative procedure and failure criteria 

The components described in the three previous subsections can be connected in series 
in order to simulate the response of RC wall boundary elements with lap splices subjected 
to increasing tensile loading. Fig. 108 (a) illustrates the assembly of an anchorage, lap 
splice, and several basic tension chord elements, to which a global top displacement Δtot is 
imposed. Given the steel and concrete material properties, outputs of the model are the 
resisting axial force, crack spacing and widths (inside and outside the lap-splice region), 
steel and concrete strain distributions, and the ultimate displacement. Iterations are 
required to solve the nonlinear problem, unless global forces are imposed, wherein a 
straightforward non-iterative solution is available. A flowchart depicting the steps involved 
in the iterative procedure is illustrated in Fig. 108 (b) and discussed in the following 
paragraph. 

Up to first cracking, perfect bond exists between steel and concrete, which therefore share 
the same strain: 

𝜺𝒔 = 𝜺𝒄 =
∆𝒕𝒐𝒕
𝑳𝟎

 (88) 

where L0 represents the total length of the boundary element (see Fig. 108 (a)). First 

cracking occurs at a displacement level Δtot = (fct/Ec)L0 and at a force level Nfc given by 
equation (66). Between first cracking and crack stabilization (identified by the subscript 
‘cs’), cracks open one after the other with the axial force that is assumed constant and 
equal to N = Nfc. In reality, small force drops occur due to the stiffness reduction caused by 
each crack opening, as shown in Fig. 108. The displacement at crack stabilization Δcs is 
identified by a steel strain at crack equal to: 

𝜺𝒄𝒔 =
𝑵𝒇𝒄

𝑬𝒔 ∙ 𝑨𝒔
 (89) 

The above does not apply to cracks located within the lap-splice region where the steel 
area contributing to the axial stiffness is double. Such cracks open at an imposed axial 
force Nfc,lap > Nfc; however, for common longitudinal reinforcement ratios the difference 
between the two forces is relatively small and can be neglected (e.g., for the case-study of 
section 7.4, Nfc,lap = 140 kN while Nfc = 130 kN).  
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(a) (b) 
Fig. 108 RC boundary element model: (a) Assembly of the components for a RC member 
featuring lap splice, anchorage, and multiple basic ten-sion chord (TCi) elements; (b) 
Flowchart of the iterative procedure. 

For imposed displacements larger than Δcs, each component of the boundary element 
(anchorage, lap splice, and basic tension chord) can be solved separately for a given strain 
at crack εac. This quantity is initially estimated as εac = Δtot/L0 which is then used to compute 
the resulting total boundary element displacement. The latter, identified as Δcomput, is 
obtained by summing up the resulting displacement of each element, evaluated through 
equations (76), (79), and (85). The computed displacement Δcomput is then compared to the 
externally imposed Δtot: if their difference is smaller than a user-defined tolerance (in the 
following applications tol = Δtot/1000 is used), convergence is attained, otherwise an 
updated estimate of εac is calculated (see Fig. 108 (b)) and a new iteration is performed. At 
convergence, the steel/concrete stress/strain distributions can be retrieved from each 
element, as well as the crack widths (see Fig. 108 (a)). Finally, the total imposed axial force 
is calculated as:  

{
𝑵 = 𝜺𝒂𝒄 ∙ 𝑬𝒔 ∙ 𝑨𝒔                                                    𝜺𝒂𝒄 < 𝜺𝒚

𝑵 = 𝜺𝒚 ∙ 𝑬𝒔 ∙ 𝑨𝒔 + (𝜺𝒂𝒄 − 𝜺𝒚) ∙ 𝑬𝒔𝒉 ∙ 𝑨𝒔           𝜺𝒂𝒄 > 𝜺𝒚
 (90) 

Without a specific criterion defining the failure of the boundary element, the procedure 
above can be performed for any imposed displacement Δtot up to a strain at crack equal to 
the ultimate steel strain (εac =  εult). The latter represents a reasonable failure criterion only 
in case of continuous reinforcement and monotonic tensile loading. In case of cyclic loading 
and continuous reinforcement, the ultimate steel strain will result in an overestimation of 
the member displacement capacity and a value of εs = 0.6 εult can be used [44]. In case 
inadequately detailed lap splices are also present, the attainment of the aforementioned 
ultimate displacement of the lap splice element, Δls,ult, signals the member failure, which 
consists in the total and sudden loss of the axial load carrying capacity. 
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7.4  Validation of the proposed model 

Results from a recently concluded experimental programme on RC wall boundary elements 
with lap splices (described in the previous two Chapters) are used to validate the proposed 
mechanical model. The 24 test units (TUs), of which 22 with lap splices and two reference 
units with continuous reinforcement, shared the same geometry, illustrated in Fig. 109. 
They differed in terms of lap-splice length, confining reinforcement and loading history, 
which constituted the variable parameters of the test programme. The testing machine was 
a uniaxial press with a fixed top and a mobile bottom actuator to which the TUs were 
connected by means of rigid steel profiles. The instrumentation included load-cells as well 
as LVDTs and LED grids to evaluate global and local displacement values. Namely, LEDs 
were also directly glued on the pair of spliced rebars, allowing a direct monitoring of rebar 
strains.  

The same reinforcing steel was used for all the TUs. Although different castings were 
performed, the concrete showed a limited variability in the cylinder compressive strength 
f’c. All details regarding material properties can be found in Chapter 5; Tab. 45 reports the 
material parameters relevant to the mechanical model that were used to run the analyses 
shown in the next two subsections. 

7.4.1 TU with continuous reinforcement 

The mechanical model is compared in this section with the test unit LAP-C1 with continuous 
longitudinal reinforcement and a confinement reinforcement ratio ρt ≈ 0.3%. The 
experimental vs numerical force-displacement curves are shown in Fig. 110 a with grey 
and black solid lines, respectively. The applied axial force N is reported on the vertical axis 
while the total vertical displacement Δ is given on the horizontal axis. A black dashed line 
indicates the experimental specimen failure, defined as the displacement at which a loss 
of axial load capacity of about 20% was observed. For LAP-C1, this occurred in 
compression, due to core concrete crushing. As it can be observed, the numerical pushover 
curve reproduces satisfactorily the tensile experimental backbone curve. Namely, the 
stiffness evolution as well as the maximum force are well predicted. Due to the failure in 
compression of the specimen, no failure criterion was defined for the mechanical model, 
which thus does not show decay in strength. Three coloured dots identify post-cracking 
(Δ = 3mm), plastic (Δ = 15mm), and pre-failure (Δ = 35mm) states, which are used in the 
following plots to compare local-level quantities.  

Tab. 45 Material parameters used in the simulation.  

Material property f’c [MPa] fy [MPa] fu [MPa] Es [MPa] Esh [MPa] εult [%] 

 32 510 635 204000 1430 9 

 

Simulated steel and concrete strain distributions along the boundary element are depicted 
in Fig. 110 (b) with solid and dashed lines, respectively. Steel strains were not directly 
measured in TUs with continuous reinforcement and therefore a comparison between 
numerical and experimental data is not possible. It can be observed that steel strains are 
maximum at crack locations, minimum midway between cracks, and increase from the 
post-cracked state A to the pre-failure state C. A similar trend can be observed for the steel 
force distribution (Ns) illustrated in Fig. 110 (c); on the other hand, concrete forces (Nc) 
show an opposite behaviour with Nc = 0 at crack and Nc = Nc,max midway between cracks. 
Furthermore, due to the reduction in bond strength after the occurrence of reinforcement 
yielding, Nc decreases with the spread of inelasticity. It is worth noticing that, due to 
equilibrium requirements, the sum of the concrete and steel forces at all coordinates along 
the boundary element is constant and equal to the externally applied axial force.  
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(a) (b) (c) 
Fig. 109 Experimental programme used for model validation ([193], i.e. Chapter 5): (a) 
Photo of LAP-P1 before the test; Reinforcement layout of (b) TU with lap splices (LAP-P1); 
and (c) TU with continuous reinforcement  (LAP-C1). 

The discretization of the boundary element is shown in Fig. 110 (e) and consists in two 
anchorage and seven basic tension chord elements, corresponding to a crack spacing 

srm = 1.5lb. The same figure also includes, for comparison purposes, the minimum and 

maximum theoretical crack spacing (srm = lb and srm = 2lb), whereas the real crack pattern 
observed during the test is reported in Fig. 110 (d).  

Finally, experimental and numerical crack widths are compared, for the three levels of 
displacement A, B and C, in Fig. 110 (f). Experimental values, computed as displacement 
difference between markers located on the same vertical line, are represented with a dotted 
line, whereas numerical values are displayed in the form of bar plots at crack location. It is 
found that the model describes satisfactorily the experimental results for all considered 
displacement levels, concerning both cracks along the TU as well as foundation/top beam 
interface cracks. Namely, as it will be shown in Fig. 112 (b), the model error associated to 
the simulation of the average crack width is smaller than 5%. 
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(a) (b) (c) 

   
(d) (e) (f) 

  

 
Fig. 110 TU LAP-C1: (a) Experimental vs numerical force-displacement response; (b) 
Simulated steel strain profile; (c) Simulated steel and concrete force profiles; (d) Photo of 
crack pattern; (e) Numerical crack pattern obtained for different srm to lb ratios; (f) 
Experimental vs numerical crack width. 

7.4.2 TUs with lap splices 

In Fig. 111, results from the mechanical model are compared against experimental data 
obtained from three TUs with lap splices differing in terms of both lap splice length (ls) and 
confining reinforcement ratio (ρt). In particular, LAP-P4 had the shortest lap-splice length, 

ls = 350 mm (25Øl) and ρt ≈ 0.3%, followed by LAP-P16, ls = 560 mm (40Øl) and ρt ≈ 0.2%, 

whereas the longest lap-splice length was part of LAP-P5, ls = 840 mm (60Øl) and ρt ≈ 
0.1%. Differently from the model used to simulate the TU with continuous reinforcement, 
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the one used in the present subsection included a lap-splice element above the bottom 
anchorage element.  

From shorter to longer lap splice lengths, the comparison in terms of global force-
displacement is shown in in plots (a), (d) and (g). In all three cases, the numerical pushover 
follows satisfactorily the tensile backbone curve of the cyclic experimental results. 
Moreover, the ultimate displacement capacity is also rather well predicted (relative error 
below 20%); the numerical failure is triggered by the attainment of the ultimate lap-splice 
displacement. For each state (A, B, C) represented by a coloured dot in the force-
displacement curves, plots (b), (e) and (h) display the numerical vs experimental crack 
width. A good match between the two quantities can be observed, the model being able to 
capture the crack evolution as well as the different opening of cracks within and outside the 
lap-splice region. Namely, the former are considerably smaller than the latter and the 
difference in crack width increases with the spread of inelasticity. The distribution of rebar 
steel strains along the lap splice length is also adequately simulated by the model. In plots 
(c), (f) and (i), the bottom-anchored rebar of the spliced pair is considered for comparison 
(the top anchored rebar would show similar but mirrored results). A good fit is again 
apparent for the three lap-splice lengths, which validates the model assumption of 
neglecting the concrete deformations within the lap-splice region. Unfortunately, the 
comparison could not be performed close to the two splice-end cracks, where steel 
deformations are maximum, since no strain measure was available at that location. 

In order to further validate the proposed mechanical model, the entire set of RC wall 
boundary elements presented in Chapter 5 was simulated. The results are summarized in 
Fig. 111 in terms of relative error concerning the prediction of: (a) the failure displacement; 
(b) the average crack width outside the lap splice region; and (c) the average crack width 
within the lap splice region. The relative error η is expressed by the following equation:  

𝜼 =
𝝊𝒏𝒖𝒎 − 𝝊𝒆𝒙𝒑

𝝊𝒆𝒙𝒑
 (91) 

where 𝜐𝑛𝑢𝑚 and 𝜐𝑒𝑥𝑝 represent the considered numerical and experimental quantities, 

respectively.  

From Fig. 112(a), it is apparent that the relative error between the experimental and 
numerical ultimate displacement is smaller than 25%, for all specimens. Black dots are 
used to individuate the TUs depicted in Fig. 112 (i.e., LAP-P4, LAP-P16 and LAP-P5) and 
to demonstrate that the good model performance was not restricted to those cases. A 
remark is due to the fact that the database used for the current validation is the same 
employed to calibrate the deformation capacity of lap splices (Chapter 5), and therefore 
acceptable matches were more likely regarding the ultimate displacement. However, to the 
author’s knowledge, no other experimental tests are available in the literature investigating 
the ductility of lap splices. Moreover, the predictive equation proposed in Chapter 6 was 
derived from the experimental data including assumptions on the mechanical behaviour of 
the structural member (e.g., the contribution factor to the interface crack α = 0.5). The 
performed validation hence strengthens the validity of such hypotheses, moreover 
confirming the dependability of the adopted mechanical approach. 
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(a) (b) (c) 

   
(d) (e) (f) 

   
(g) (h) (i) 

 
  

Fig. 111 Experimental vs numerical comparison for TU LAP-P4 (ls = 25 Øl), LAP-P16 (ls = 
40 Øl) and LAP-P5 (ls = 60 Øl): (a), (d), (g) Force-displacement response; (b), (e), (h) Crack 
width; (c), (f), (i) Steel strains within the lap-splice region for the bottom anchored rebar. 

Fig. 112 (b) and (c) show the relative average crack width error, for cracks located outside 
and within the lap-splice region, respectively. For each TU, the numerical and 
experimentally-measured crack widths of all cracks located in either of these two regions 
is computed and then averaged at each experimental peak tensile displacement. Again, 
the TUs used for validation in Fig. 111 are depicted with black lines; the points 
corresponding to the states A, B, and C, at which the crack widths were compared, are 
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reported with the same marker notation. Results for all other TUs are represented in grey. 
For both cracks located outside and within the lapped zone, an error ηw < 20% 
(approximately) can be observed for all TUs and displacement levels. Exception is made 
for cracks along the lap-splice zone and low imposed displacements (Δtot < 3mm), where 
the error can arrive to 40%. This deviation can be partly attributed to the fact that 
experimental cracks, at such small tensile demands, may still evolve along the member 
(i.e. new cracks can open at different locations) while the points in which they are evaluated 
are fixed. 

 
  

(a) (b) (c) 
Fig. 112 Relative error for the simulation of: (a) Ultimate element displacement; (b) 
Average crack width outside the lap-splice region; (c) Average crack width along the lap-
splice region. 

7.5 Conclusions 

Reinforced concrete walls often have lap splices above the foundation level, where the 
expected seismic demand is maximum. A proper detailing of lap splices is of fundamental 
importance for the cyclic response of the structural member as it can result in a significant 
reduction of its strength and deformation capacity. Boundary elements represent the most 
strained region of the RC wall, and therefore the one where lap splice failure is triggered. 

In this Chapter, a mechanical model for the simulation of RC wall boundary elements with 
lap splices is presented. It corresponds to an extension of the tension chord model, with 
which it shares the hypotheses on both material and bond constitutive relations. The model 
comprises three different types of elements connected in series: an anchorage element 
accounting for the strain penetration of the reinforcement into the foundation, a lap-splice 
element describing the deformation occurring within the spliced region and a basic tension 
chord element modelling the response outside the lapped zone. The newly proposed lap-
splice element builds on the hypothesis that the force is transferred from the anchored to 
the free end (unloaded) rebar through concrete bond; however, similarly to the anchorage 
element, the concrete is assumed to remain undeformed; it serves to transfer the force 
from one rebar to the other. The model is highly versatile and allows any combination and 
number of the above-mentioned elements. A stable iterative solution procedure is proposed 
to solve the global nonlinear problem. The average lap splice strain at failure suggested in 
the previous Chapter is used to determine the ultimate displacement of boundary elements 
with lap splices. 

Finally, the model was validated against a set of 24 tests on RC wall boundary elements 
with both continuous and spliced longitudinal reinforcement. Different lap-splice lengths 
and confining reinforcement were also considered. Comparisons were made in terms of 
force-displacement response, crack width and strain distribution along the pair of spliced 
rebars. In all cases, a good match is found between numerical and experimental results; 
relative errors regarding the ultimate displacement and crack widths are on average below 
20%. 
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8 Conclusions 

Past experimental research mainly focused on the evaluation of lap splice strength, 
typically through tests on RC beams under monotonic loading. Investigations on the cyclic 
behaviour of lap splices are scarce, predominantly performed on RC beams and columns. 
Although the presence of lap splices in the plastic hinge region of RC walls was identified 
as a critical source of damage in recent earthquakes [47], only few studies are available 
concerning these structural members, for the most part performed in the last decade. In 
particular, the quantification of their displacement capacity is fundamental in the framework 
of performance-based earthquake engineering, where displacement rather than forces are 
compared to the seismic demand. However, expressions to estimate the deformation 
capacity of poorly designed lap splices are lacking in the literature, as well as simple tools 
for practicing engineers to simulate the nonlinear response of spliced RC walls. In fact, 
available finite element models generally account for the deformation contribution brought 
about by the presence of lap splices with complex interface elements and local bond-slip 
models.  

The objective of this report is to contribute to the understanding of the behaviour of RC 
walls with lap splices as well as to propose suitable tools for predicting their nonlinear 
response under cyclic loading. In the following, the main contributions of the present work 
are reviewed, the main limitations are outlined, and future experimental and numerical 
developments are discussed. 

8.1  Contributions and findings 

The main contributions of the present report are: 

 The assembly of a database of past tests on RC walls with lap splices and the 
determination of the main parameters affecting their displacement capacity: lap splice 
length, confining reinforcement, moment gradient and loading history; 

 The calibration of an equivalent, uniaxial steel constitutive law for lap splices and the 
proposal of a detailed shell element model to simulate the response of RC walls with 
lap splices; 

 The development of a new beam element model that allows to account for tension shift 
effects in RC members; 

 The completion of an experimental programme involving the testing of 24 RC wall 
boundary elements, 22 of which with lap splices. Several global and local deformation 
quantities were continuously monitored with optical and hard-wired measurement 
systems. The data are now publicly available from the Zenodo platform at the DOI: 
10.5281/zenodo.1205887. 

 The calibration of a new expression for the strain capacity of lap splices, which only 
considers deformation contributions originating within the lap splice region. The 
proposed equation is function of lap splice length, confining reinforcement and casting 
position. 

 The proposal of a mechanical model, based on the tension chord model, describing the 
behaviour of lap splices in tension. It allows computing the distribution of steel stresses 
and strains along the pair of spliced rebars as well as the crack width. 

In the next subsections, findings obtained from the experimental work, numerical and 
mechanical modelling are presented in greater detail. 

8.1.1 Main findings from experimental tests 

Test on RC walls with lap splices: Past experimetal programmes on RC walls featuring lap 
splices, constituted by 16 walls with lap splices and 8 reference units with continuous 
reinforcement, are collected and key parameters tabulated. The test of two large-scale 
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walls (TW2 without and TW3 with lap splices) performed at the structural laboratory of 
EPFL are included. They complement the existing tests by investigating a member with a 
shear span ratio Ls/h < 2, which is the smallest among the dataset, allowing to further 
evaluate the influence of the moment gradient on the lap splice performance. By comparing 
the behaviour of all the units collected in the database, the following specific observations 
can be made regarding the displacement capacity of RC walls with lap splices: 

 In RC walls designed according to modern detailing rules with adequately long and well-
confined lap splices, the plastic hinge is forced to relocate above the lap splice region. 
Damage concentrates there in the form of concrete crushing and rebar 
buckling/fracture, leaving the spliced zone almost undamaged. Nonetheless, shifting the 
plastic hinge to a section above the lap splice increases the shear demand on the wall 
and may reduce the member ductility with respect to a member with continuous 
reinforcement; 

 Non code-compliant RC walls with average horizontal reinforcement ratios (ρh < 0.25%) 
and medium long lap splices (ls < 40-45 dbl), develop splitting cracks along the spliced 
length. With the increase of the imposed displacement demand, bar slippage leads to 
the build-up of horizontal cracks forming at the top and bottom of the lap splice region; 

 RC walls with medium length lap splices (ls > 40 dbl) and insufficient confinement 
(ρh < 0.25%) typically attain the peak force but their deformation capacity is significantly 
reduced; 

 RC walls with short and not well-confined lap splices (ls < 30 dbl, ρh < 0.2%) show brittle 
failure occurring before the attainment of the flexural yield capacity. 

 Three types of lap splices failure may occur: (i) tension failure, (ii) tension failure upon 
load reversal after concrete crushing in compression took place, and (iii) compression 
failure of the lap splice in conjunction with crushing of the concrete. The two first modes 
were both observed while the latter is uncommon in RC walls.  

 The failure of the outermost lap splices layer typically signals a marked degradation in 
the RC wall strength, which can be assumed as member failure. 

 The existence of a moment gradient (shear) over the spliced length of a RC wall 
increases the deformation (average strain) capacity of the lap splices.  

 Confining reinforcement, moment gradient, lap splice length, and loading history are the 
parameters affecting the most the displacement ductility of RC walls with lap splices. 

 

Tests on RC wall boundary element with lap splices: Twenty-four RC wall boundary 
elements were tested under uniaxial cyclic loading at the structural laboratory of EPFL, of 
which 22 had lap splices and two were reference units with continuous reinforcement. The 
variable parameters of the test programme included lap splice length, confining 
reinforcement and loading history, with the former two chosen to be representative of both 
pre-seismic and code-compliant central European construction practice. The collected data 
allowed a deeper understanding of the behaviour of lap splices and the following 
quantification of their deformation capacity. Hereunder the main observations and results 
obtained from the experimental activity are listed: 

 All the spliced units behaved similarly until the onset of failure, which occurred due to 
the opening of vertical splitting cracks along the lap splice length. Depending on the 
amount of provided confining reinforcement, a splitting-unzipping or splitting-explosive 
failure mode could be observed. 

 The lap splice failures occurred at very different strain demands, which depended on 
the lap splice length, the confining reinforcement, the casting position and, to a lesser 
extent, on the loading history.  

 For long lap splices (ls = 60 dbl) adequately confined (ρt > 0.15%), the splices did not fail 
and the rupture of the top anchored rebar occurred. This typically happened after core 
concrete crushing, determining the specimen failure. 

 An expression for predicting the strain at failure of lap splices is derived, in which only 
the deformation contributions from the lapped region are considered. Anchorage slip 
due to strain penetration or rebar slip from member locations outside the lap splice 
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region are removed. The proposed equation accounts for the confining reinforcement 
ratio, the lap splice length (as function of the bar diameter) and the rebar casting 
position. Compared to these three parameters, the loading history was found to have 
only a minor influence and the data basis insufficient for its quantification. 

 The deformation capacity of lap splices increases with the splice length, irrespectively 
of the provided confining reinforcement. 

 The effectiveness of the confining reinforcement depends instead on the lap splice 
length. Namely, the deformation capacity of short lap splices (ls = 25Øl) is insensitive to 
the confining reinforcement ratio; on the other extreme, even very low levels of confining 
reinforcement are sufficient to increase the deformation capacity of long lap splices (ls = 
60Øl); for intermediate lap-splice lengths the splice deformation capacity increases with 
confining reinforcement only beyond a certain ratio (ρt > 0.15%). 

 Larger deformation capacities were reached by bottom-casted splices with respect to 
top-casted, underlining the importance of concrete quality. 

Larger imposed compression levels reduce the deformation capacity of lap splices. 
However, further testing is required for an appropriate quantitative characterization of the 
loading history. 

8.1.2 Developed numerical models 

Shell element model with equivalent uniaxial steel constitutive law for lap splices: The 
response of all the RC walls collected in the database was simulated through advanced 2D 
shell element models. Once validated, these models allowed to obtain important 
information on the deformation capacity of lap splices as well as to develop a simple, yet 
reliable model to account for the presence of lap splices in RC walls. The novel aspects of 
the proposed approach are:  

 Strain values from the validated numerical models were used to calibrate a semi-
empirical relationship for the deformation capacity of lap splices. It depends on the 
equivalent yield strain, confining reinforcement ratio and ratio of lap splice length to 
shear span, which were identified as the quantities mostly influencing the displacement 
capacity of spliced RC walls.  

 An equivalent, uniaxial steel stress-strain relationship is proposed representing the 
monotonic envelope of the cyclic response of spliced rebars in RC walls up to the onset 
of strength degradation. It is characterized by two points defining an equivalent yield 
state and ultimate condition. 

 The constitutive relationship is used in combination with plane shell element models to 
simulate the force-displacement response of the spliced set of RC walls. Good 
predictions in terms of both force and displacement capacity of the members were 
obtained. The accuracy and simplicity of the numerical model make it a suitable tool for 
engineering practice (i.e. the use of complex interface bond-slip element to account for 
the lap splice response is not required). 

 Beyond the point of strength degradation, the prediction of the wall lateral resistance 
becomes non-dependable and it is not addressed by the model. 

8.1.3 Developed mechanical model 

Axially equilibrated displacement-based beam element model: A nonlinear beam 
formulation is proposed that can be used to account for tension shift effects in RC 
members. The latter represent one of the main reason for the mismatch between 
experimental and numerical local level results when using beam element models. Beam 
element models are a suitable modelling technique for engineering practice as they 
represent a good compromise between accuracy and computational cost. A reliable 
prediction of local level quantities is fundamental in the framework of performance-based 
earthquake engineering as they are strictly related to structural damage. The main 
differences and advantages of the proposed beam formulation with respect to classical 
force-based and displacement-based formulations are: 
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 In the proposed displacement-based beam element model axial equilibrium is strictly 
verified along the element length. An intra-element procedure updates the imposed set 
of axial sectional deformations to attain constant axial force in all integration points, and 
equal to the applied axial load. This solves one major drawback of displacement-based 
formulations where the axial forces are equilibrated only in an average sense, causing 
a poor simulation of global and local level quantities. 

 Linear curvature profiles are assumed along the element length, allowing to indirectly 
account for the effect of tension shift in RC members. These effects cannot be captured 
by current force-based formulations which, although satisfying equilibrium exactly, can 
only capture the effect of the moment gradient. 

 The axially equilibrated displacement-based element is validated against two sets of 
cyclic tests on RC cantilever piers and walls. Assuming an appropriate member 
discretization, with the length of the bottom element equal to the extent of plasticity, it 
provides accurate results in terms of global and local scale response. Namely, the 
simulation of experimental curvatures and strains show a significant improvement when 
compared with models using classical force-based or displacement-based elements. 

 From a computational viewpoint, the proposed element performs faster than classical 
force-based elements but slower than classical-displacement based elements (no intra-
element iteration is required for their state determination). 

The presence of lap splices may be accounted for by assigning the strain limits provided 
by equations (56) to (59) for the steel stress-strain law of the rebar fibers located within the 
lap splice region. Satisfactorily results were obtained when simulating the global force-
displacement response of the spliced RC walls tested by Bimschas [24] and Hannewald 
[26], as showed in the following Fig. 113. Further development and validation is required 
at the local level, where the reduced deformations occurring within the lap splice region 
prior to failure are currently not accounted for. 

 

Fig. 113 Comparison of the experimental and numerical (model with 2 DB/ae with the 
length of the bottom element equal to the height of the lap splice region) force-displacement 
response of the spliced TUs: (a) VK2; (b) VK4; (c) VK5. 

Developed mechanical model: An extended tension chord model for simulating the 
response of RC wall boundary elements accounting for strain penetration effects and the 
presence of lap splices is proposed. The main features and novel aspects with respects to 
the classical tension chord model are: 

 The model is composed of an assembly of components, each one accounting for a 
different source of deformation. Namely: (i) an anchorage-slip element accounts for the 
strain penetration of the longitudinal reinforcement into the foundation; (ii) a basic 
tension chord element evaluates the response outside the lap splice zone; and (iii) a lap 
splice element describes the behaviour within the lap splice region. 

 In the lap splice element, it is assumed that the concrete remains undeformed and has 
only the function of transferring the force from one bar to another. Although this is a 
simplification of the real behaviour, it represents a reasonable approximation up to the 
point of lap splice failure. 

 The model gives as output the concrete and steel stress and strain distributions, 
including the stress and strain distribution of the spliced and anchored rebars. Moreover, 
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it provides the crack distribution and widths. Input quantity can be the global imposed 
tensile force or displacement: a direct and iterative procedure is necessary in the former 
and latter case, respectively. 

 For poorly detailed spliced members, the ultimate displacement is computed through 
the relationship derived from the experimental programme on spliced RC wall boundary 
elements. 

 The model is validated against global and local level results obtained from the tests on 
RC wall boundary elements with and without spliced longitudinal reinforcement. 
Different lap splice lengths and confining reinforcement were considered. A good match 
is found between numerical and experimental results in terms of force-displacement 
response, crack width and strain distribution along the pair of spliced rebars. Relative 
errors in the computation of the ultimate displacement and crack widths averaged below 
20%. 

 

8.2 Limitations and outlook 

The main limitations of the present work are pinpointed in the following paragraphs; building 
on them, future developments are outlined and discussed. 

Although in the last decades several tests were performed on RC walls with lap splices, 
the database of experimental programmes on such type of structural member remains 
rather limited. Further testing is required in order to broaden the understanding of the cyclic 
behaviour of spliced RC walls, possibly using standardized specimen where the influence 
of separate parameters can be clearly identified. Moreover, all tests to date were performed 
under quasi-static cyclic loading; it would be therefore of interest to investigate the effect 
that dynamic loading has on the bond deterioration occurring within the lap splice zone.    

Based on the restricted dataset of RC walls with lap splices, a semi-empirical expression 
for the evaluation of the strain capacity of lap splices was calibrated in Chapter 3. The latter 
should not be applied to RC walls with mechanical and geometrical features outside the 
range of those included in the database. Following, an equivalent uniaxial steel constitutive 
law was proposed, which represents the backbone response of lap splices in RC walls. 
Although it was calibrated against cyclic tests on RC walls, it is only applicable for 
monotonic loading, i.e. pushover analysis. The development of mathematical relations to 
capture the unloading and reloading branches of the lap splice response represent a 
primary extension of the model, so that it could be used in cyclic static and dynamic 
analyses. Moreover, the equivalent stress-strain law was only validated by employing it 
within truss elements in 2D shell element models. Although in principle it can be used in 
different modelling approaches resorting to uniaxial material stress-strain laws (e.g. beam 
element models), further validation should be carried out.  

The axially equilibrated displacement-based formulation presented in Chapter 4 is a plane 
frame element and, as a first step, should be extended to space frame element for its use 
in three-dimensional analyses. Moreover, the discretization of the actual RC member is at 
present required in order to capture tension shift effects, as one finite element has to be 
associated to each inelastic region. The latter evolves with the imposed demands, which is 
also not accounted for in the present formulation. The use of bilinear, adaptive shape 
functions for the curvature profiles represents thus a further improvement as it would allow, 
on the one side, to capture the evolution of the extent of plasticity and, on the other, to 
simulate each structural member with a single finite element. 

The experimental programme on RC wall boundary elements outlined in Chapter 5 featured 
lap splice length, confining reinforcement and loading history as variable parameters. 
Although these are deemed the parameters controlling the most the deformation capacity 
of lap splices, the influence of several other factors can be experimentally investigated such 
as: longitudinal and transversal rebar diameter, concrete strength, steel strength and 
ductility, relative rib area etc. Furthermore, other tests are required for a proper 
quantification of the effect of loading history, which could be only qualitatively assessed 
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and thus was not included in the predictive equation of the lap splice strain capacity 
proposed in Chapter 6. Eventually, from a broader dataset of standardized uniaxial tests 
on lap splices, a full-cyclic stress-strain relationship might also be calibrated. The latter 
could be then included in the developed beam element model to simulate, both at the global 
and local level, the behaviour of RC walls with lap splices.  

The mechanical model described in Chapter 7 is developed for isolated RC wall boundary 
elements; a first improvement may therefore be to extend it for simulating the entire wall 
behaviour. Moreover, the lap splice basic element builds on assuming that the concrete 
remains undeformed, serving only to transfer the stresses from the anchored to the free 
end rebar. Although it was proved not to lead to significant errors in the estimation of the 
spliced rebar strains, this simplifying hypothesis on the lap splices behaviour can be 
removed in order to obtain more accurate predictions of the local-level response. 
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I Implementation of the axially equilibrated 
displacement-based beam element in 
Opensees and application to dynamic 
analysis of structures 

The axially equilibrated displacement-based element was implemented in the open source 
software OpenSees [35] and is at present available in the executable that can be 
downloaded from the main page of the program. 

The DB/ae element presents no difference in use with respect to other available nonlinear 
beam column elements for 2D (planar frame) analysis. The label required to call it within 
the software environment is ‘dispBeamColumnAxEq’. The input parameters to be defined 
are the same required for the ‘dispBeamColumn’ element (i.e., OpenSees label used to call 
classical DB element) except for the fact that the tolerance limit must be additionally 
explicitly defined. The latter expresses the maximum axial force unbalance accepted 
between different integration sections. Appropriate documentation and verification 
examples will be provided by the author together with the external library containing the 
element implementation until the DB/ae will be officially included in the software core. An 
appropriate documentation will be added to the software user’s manual and within the 
several online documentation websites. 

In the following two subsections results from several models employing DB/ae elements 
are illustrated and discussed, both in the framework of nonlinear static and dynamic 
analysis. OpenSees models are also compared to the corresponding SAGRES [141] 
models with a two-fold objective: on the one side to validate the FE implementation and on 
the other to compare the computational time. 

I.1 Nonlinear static analysis 

A simple case study corresponding to a virtual 3 m cantilever column—Fig. 114 (a)—is 
used to validate the implementation of the DB/ae in OpenSees. The square 200x200 mm 
RC section is composed by 20 concrete fibers (discretized only in the bending direction) 
and 12 steel fibers representing 10 mm-diameter rebars. The OpenSees material models 
[199] Concrete04 and Steel02 are employed for concrete and steel fibers respectively. The 
main material parameters are listed in Tab. 46. A single finite element with four Gauss-
Lobatto integration sections is used to discretize the structural member.  

Fig. 114 (b) displays the results of three pushover analyses for three values of axial load 
ratios (ALR): 1%, 5%, and 10%. DB/ae elements are used in all three cases. The label OS 
(OpenSees) and SA (SAGRES) stand for the software used to perform the simulation. As 
expected, the force capacity increases with the imposed ALR while the perfect 
superposition between the curves for the same ALR confirms the good implementation of 
the DB/ae element in OpenSees. 
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Fig. 114 (a) Sketch of the structure and sectional discretization; Comparison between 
OpenSees and Sagres Models: (b) Pushover analysis for different ALR; (c) Cyclic 
analysis. 

 

Tab. 46 Steel and concrete material parameters used in the OpenSees models for static 
analysis. 

Concrete  Reinforcing steel 

f’c [MPa] εc [‰] Ec [GPa]  fy [MPa] Es [GPa] b [‰] 

40 2 30  500 200 5 

Nonlinear cyclic static analyses from three models involving a single FB, DB/c and DB/ae 
element are compared in Fig. 114 (c). The strongest and stiffest response is provided by 
the DB/c element model due to the constraints imposed in both the axial and transversal 
displacement fields. By imposing axial equilibrium, and thus removing the axial strain 
constraint, the model using one DB/ae element shows a reduction in the simulated lateral 
strength. However, the latter is still larger than the solution provided by the FB formulation, 
where no displacement fields are assigned and exact equilibrium is satisfied. Again, the 
fact that no difference can be seen between results from the same model but originating 
from different software confirms that the DB/ae is correctly implemented. 

Computational time for both pushover and cyclic analyses, using the same central 
processing unit, are displayed in Tab. 47 showing that: (i) The performance of the DB/ae is 
similar to both DB/c and FB models; and (ii) The OpenSees model runs much faster than 
the same model in SAGRES, which is a consequence of the different programming 
language in which the two software were developed (C++ versus Matlab). 

The sectional axial forces and average axial strains at all IPs were recorded during the 
pushover analysis (1% ALR) for both the DB/ae and DB/c element model implemented in 
OpenSees; they are depicted in Fig. 115 (a) and Fig. 115 (b). For the DB/c case, the axial 
forces are different in the four IPs and equal only in average to the applied axial load (12 
kN). On the other hand, for the DB/ae element model the axial force is constant during the 
analysis in all IPs and equal to the applied external axial load. The opposite behaviour is 
instead observed for the generalized axial strains: they are the same in all IPs for the DB/c 
(the axial displacement field is constrained to be linear) while they assume different values 
for the DB/ae. 

Tab. 47 Computational time for different models and analysis.  

Model 

Static Dynamic 

Monotonic Cyclic  

T[s] T[s] T[s] 

SA DB/ae 37 212 [-] 

(a)
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OS DB/ae 2 21 290 

OS DB/c 2 18 330 

OS FB 2 20 260 

 

 

Fig. 115 Axial force (a) and axial strain (b) evolution at all IPs for DB/ae and DB/c element 
models during pushover analysis with OpenSees, ALR 1%. 

I.2 Nonlinear time history analysis 

One advantage of implementing the DB/ae formulation in OpenSees is that it can be used 
for nonlinear time history simulations as well. Such analysis type is not available in 
SAGRES, which currently features only the nonlinear static analysis solver [141]. A RC 
column tested at the UCSD’s Englekirk Structural Engineering Center in occasion of the 
‘Concrete Column Blind Prediction Contest 2010’ [200] is used as case study. The finite 
element models selected to carry out the analysis discretize the structural member with a 
single FB, two DB/c and two DB/ae elements; the height of the bottom element is taken as 
twice the plastic hinge length computed according to the formula proposed by Priestley et 
al. [44]. This length was deemed a good estimate of the maximum height over which the 
plastic curvature profile intersects the elastic one, as discussed in Chapter 4. Each FE has 
four integration sections; different fibers are used to model cover concrete, core concrete 
and longitudinal reinforcing bars. The material models and respective main parameters are 
summarized in Tab. 48. A zero-length element is employed to simulate the strain 
penetration of the flexural reinforcement into the footing, as suggested by Zhao and 
Sritharan [127]. Tangent stiffness proportional damping (1% at the first vibration mode) is 
assumed and nonlinear geometrical effects are considered through the use of the 
corotational formulation.  

The numerical versus experimental top displacement histories are illustrated in Fig. 116; in 
order to ease the comparison the experimental results are displayed alone in Fig. 116 (a). 
It can be observed that the numerical response is similar for all the considered FE models 
and that the match with the experimental results is reasonably good, at least up to the pulse 
of the fourth ground motion. After this point there is a residual displacement which is not 
captured by any of the considered models which causes the offset between numerical and 
experimental results. Finally, from the computational time viewpoint, the DB/ae model 
analysis (which consists of around 170000 time steps) takes around 5 minutes to run in a 
regular office PC, which is similar to the computing time when DB/c or FB elements were 
used (see Tab. 47). 
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Tab. 48 Main material parameters used in the numerical models of test T9. 

Concrete  Reinforcing steel 

f’c 

[MPa] 
εc 

[‰] 
Ec 
[GPa] 

f’cc 
[MPa] 

εcc 

[‰] 
 

fy  

[MPa] 

Es 
[GPa] 

b  

[‰] 

41.5 2.8 30 50 5.5  518 200 8 

 

 
Fig. 116 (a) Experimental top displacement time histories; Numerical versus experimental 
top displacement time histories: (b) FB; (c) DB/c; (d) DB/ae. 
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II Mechanical interpretation and calibration of 
the parameter α 

The discussion of the calibration process for the parameters α1 and α2 requires some 
considerations based on the observed pre-failure cracking behaviour of the test units:  

a. In the TUs with continuous reinforcement, the width of the cracks located at the foundation 
and top-beam interfaces is approximately equal. Additionally, a similar width is also observed 
for cracks located along the member, as illustrated in Fig. 95 (d). This implies that the 
contribution to the crack width due to anchorage strain penetration (wanc) is, for the current 
test units, approximately equal to the one given by the steel-concrete slip accumulated along 
half of the average crack spacing distance. Note that, considering a reference TU as a 
tension chord [31], the width of a crack along the column height can be expressed as: 
 

𝒘 = ∫ (𝜺𝒔 − 𝜺𝒄) 𝒅𝒙

𝒔𝒓𝒎
𝟐

−
𝒔𝒓𝒎
𝟐

 (92) 

where srm represents the average crack spacing, and εs and εc are the steel and concrete 
strains. On the other hand, the width of a top beam or foundation interface crack in the unit 
with continuous reinforcement (denoted respectively by wTBI and wFI) is the sum of two 
contributions: 

𝒘𝑻𝑩𝑰 = ∫ 𝜺𝒔 𝒅𝒙
𝒍𝒂𝒏𝒄

𝟎

+∫ (𝜺𝒔 − 𝜺𝒄)𝒅𝒙
𝟎

−
𝒔𝒓𝒎
𝟐

 (93) 

𝒘𝑭𝑰 = ∫ 휀𝑠 𝑑𝑥
0

−𝑙𝑎𝑛𝑐

+∫ (휀𝑠 − 휀𝑐) 𝑑𝑥

𝑠𝑟𝑚
2

0

 (94) 

where lanc is the anchorage length. The first integral term for each crack refers to the 
anchorage strain penetration (the concrete is assumed to be unstrained), while the second 
term refers to the steel-concrete slip in the column. When the anchored rebar is bent inside 
the foundation (such as in the current TUs), lanc can be estimated as lanc = l0+5Øl , where l0 is 
the straight anchored length [198]. From the two equations above, and building on the 
observation that w ≈ wTBI ≈ wFI the following equation (95) can be derived: 

∫ 𝜺𝒔 𝒅𝒙
𝒍𝒂𝒏𝒄

𝟎

= ∫ 𝜺𝒔 𝒅𝒙
𝟎

−𝒍𝒂𝒏𝒄

≈ ∫ (𝜺𝒔 − 𝜺𝒄)𝒅𝒙

𝒔𝒓𝒎
𝟐

𝟎

= ∫ (𝜺𝒔 − 𝜺𝒄) 𝒅𝒙
𝟎

−
𝒔𝒓𝒎
𝟐

 (95) 

It is underlined that the approximation above is not valid in general for other configurations 
of rebar diameters (which is the quantity that mainly governs srm) and/or anchorage 
configurations.  

b. In the TUs with lap splices, up until lap splice failure and independently of the lapped length 
or the confining reinforcement content, the top and bottom splice-end cracks showed a 
comparable width (i.e. wTOP ≈ wBOT), which was also similar to cracks located outside the 
lapped zone (e.g. see Fig. 95 (b)). While the latter can be expressed through equation (92), 
wTOP and wBOT are described by the following equations (96) and (97). 
 

𝒘𝑻𝑶𝑷 = ∫ (𝜺𝒔
𝒍𝒔 − 𝜺𝒄

𝒍𝒔) 𝒅𝒙
𝟎

−
𝒔𝒓𝒎𝒍𝒔

𝟐

+∫ (𝜺𝒔 − 𝜺𝒄) 𝒅𝒙

𝒔𝒓𝒎
𝟐

𝟎

 (96) 

𝒘𝑩𝑶𝑻 = ∫ 휀𝑠 𝑑𝑥
0

−𝑙𝑎𝑛𝑐

+∫ (휀𝑠
𝑙𝑠 − 휀𝑐

𝑙𝑠) 𝑑𝑥

𝑠𝑟𝑚𝑙𝑠

2

0

 (97) 
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where the appendix ls indicates that the quantity refers to the lap splice region. The 
observation above (wTOP ≈ wBOT ≈ w) implies that the contribution to wTOP and wBOT coming 
from the lap splice zone (wls) is approximately equal to the one due to deformations occurring 
above (wTOP,out) or below (wBOT,out) the lapped region: 

𝒘𝒍𝒔 = ∫ (𝜺𝒔
𝒍𝒔 − 𝜺𝒄

𝒍𝒔)𝒅𝒙

𝒔𝒓𝒎𝒍𝒔

𝟐

𝟎

= ∫ (𝜺𝒔
𝒍𝒔 − 𝜺𝒄

𝒍𝒔)𝒅𝒙
𝟎

−
𝒔𝒓𝒎𝒍𝒔

𝟐

≈ 𝒘𝑻𝑶𝑷,𝒐𝒖𝒕 = ∫ (𝜺𝒔 − 𝜺𝒄) 𝒅𝒙

𝒔𝒓𝒎
𝟐

𝟎

≈ 𝒘𝑩𝑶𝑻,𝒐𝒖𝒕 = ∫ 𝜺𝒔 𝒅𝒙
𝟎

𝒍𝒂𝒏𝒄

 

(98) 

Given a similar crack spacing within and outside the lap-splice region (srmls ≈ srm), which 
was observed in the experimental tests, equation (98) turns into equation (95). In other words 
the rebar steel strain integral (slip) along srmls of the splice loaded-end contributing to the 
end crack width (wls) is similar to the slip provided by a continuous bar (wTOP,out) along srm. 
This fact  (wls ≈ wTOP,out) is not surprising since at a lap splice end the entire load is carried 
by a single bar while the contiguous cut-off rebar is unloaded.  

c. Within the lapped region, horizontal cracks cross the spliced rebars that do not share the 
same amount of stress. In each pair, one bar is more stressed than the other; from 
equilibrium considerations, the stress sum has to equal the input stress at each rebar loaded 
end. If bond is degraded by the more stressed bar (with eventual stress loss), causing slip 
and crack opening, the less stressed rebar is forced to accommodate the increased crack 
width [46] and take over the eventual stress shed by the companion bar. The crack width, 
which results from the slip accumulation over both crack edges, is thus governed by the more 
stressed bar of the pair. 

From the considerations (i) and (ii) above, a relation α1 ≈ α2 ≈ 0.5 can be expected for the 
present TUs. A validation was performed by comparing Δproc, as computed according to the 
procedure of subsection 6.4.1, with the displacement Δint obtained by integrating, along the 
lap splice length, the envelope of the top and bottom anchored rebar strains (i.e. equation 
(99)) for the case depicted in Fig. 97 (c)).  

∆𝒊𝒏𝒕= 𝜺𝑻𝑬 ∙ 𝒍𝑬 + 𝜺𝑨𝑩
𝑻𝑨 ∙ 𝒍𝟎,𝑨𝑩 + 𝜺𝑩𝑪

𝑻𝑨 ∙ 𝒍𝟎,𝑩𝑪 + 𝜺𝑪𝑫
𝑻𝑨 ∙ 𝒍𝟎,𝑪𝑫 + 𝜺𝑫𝑬

𝑩𝑨 ∙ 𝒍𝟎,𝑫𝑬 + 𝜺𝑬𝑭
𝑩𝑨 ∙ 𝒍𝟎,𝑬𝑭 + 𝜺𝑩𝑬 ∙ 𝒍𝑬 (99) 

The strain envelope (black thick line in Fig. 97 (c)) is used in view of consideration (iii) and 
it is computed by means of the optical markers directly glued on the spliced rebars, see 
Fig. 97 (b) and (c). The displacement Δint includes contributions from the splice-end strains 
(εBE and εTE), which, due to the unavailability of a measurement point, were retrieved from 
the experimental (monotonic) steel stress-strain law. The input quantity to the constitutive 
law was the bar-loaded-end stress, derived from the global imposed axial force N (Fig. 97 
(c)). A simplified constant integration weight lE =12.5 mm was associated to both strains εBE 
and εTE, roughly corresponding to half the distance between the closest LED and the end 
crack. As the largest deformations occurred at the lap-ends, neglecting the contribution due 
to εBE and εTE would result in a significant underestimation of Δint, especially for imposed 
displacement demands beyond yielding of the longitudinal reinforcement.  

Although from a theoretical viewpoint Δint is the measure best representing the pure lap 
splice deformation, it was comparatively more difficult to obtain than Δproc because: (i) the 
detachment of one or more markers glued on the spliced rebars was more likely than the 
detachment of those glued on the concrete; and (ii) after the failure of the first lap splice 
the calculation of the steel stresses at the lap loaded end was highly unreliable. In fact, 
they depended on the unknown residual force carried by the failed lap splices as well as 
on the force redistribution between the still-holding splices. Note that, due to the reduced 
steel stiffness, after rebar yielding any miscalculation of the rebar stress would yield large 
differences in the estimated strain. For the cases in which the calculation of Δint was indeed 
possible, the validation of the assumption α1 ≈ α2 ≈ 0.5 was carried out and is depicted in 
Fig. 97 (d). 
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Glossaire 

Terme Signification 

EES 
BSA  

équipements d’exploitation et de sécurité (EES) 
Betriebs- und Sicherheitsausrüstungen (BSA) 

CEN Comite Européen de Normalisation (CEN) 

KLZ centrale cantonale de gestion du trafic (KLZ)  
Kantonale Leitzentrale (KLZ) 

RDS-TMC Radio Data System – Traffic Message Channel (RDS-TMC) 

SN Normes suisses (SN) 

OSR 
SSV  

Ordonnance sur la signalisation routière (OSR)  
Signalisationsverordnung (SSV) 

PMV  
WTA 

panneau à messages variables (PMV)  
Wechseltextanzeige (WTA) 

WWW panneau de direction à indications variables (WWW)  
Wechselwegweisung (WWW) 

 

  



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

216 November 2022 

 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

 

November 2022  
  
  
  
 217 

Bibliography 

[1] Kilic SA, Sozen MA. Evaluation of effect of August 17, 1999, Marmara earthquake on two tall 
reinforced concrete chimneys. ACI Struct J 2003;100:357–64. 

[2] Song C, Pujol S, Lepage A. The collapse of the Alto Río building during the 27 February 2010 
Maule, Chile, earthquake. Earthq Spectra 2012;28:301–34. doi:10.1193/1.4000036. 

[3] Kim S, Shiohara H. Dynamic response analysis of a tall RC chimney damaged during 2007 
Niigata-ken Chuetsu-Oki earthquake. 15th World Conf. Earthq. Eng., Lisbon, Portugal: 2012. 

[4] Lukose K, Gergely P, White R. Behavior of reinforced concrete lapped splices for inelastic 
cyclic loading. ACI J Proc 1982. 

[5] Gergely P, White R. Seismic Design of Lapped Splices in Reinforced Concrete. Proc Seveth 
World Conf Earthq Eng 1980;4:281–8. 

[6] Paulay T. Lapped splices in earthquake-resisting columns. ACI J 1982;79:458–69. 

[7] Lynn AC, Moehle JP, Mahin SA, Holmes WT. Seismic evaluation of existing reinforced 
concrete building columns. Earthq Spectra 1996;12:715–39. 

[8] Melek M, Wallace JW, Conte JP. PEER Report 2003/04: Experimental assessment of 
columns with short lap splices subjected to cyclic loads. 2003. 

[9] Villalobos E, Escolano-Margarit D, Ramìrez-Màrquez AL, Pujol S. Seismic response of 
reinforced concrete walls with lap splices. Bull Earthq Eng 2017;15:2079–100. 
doi:10.1007/s10518-016-0051-0. 

[10] Hardisty JN, Villalobos E, Richter BP, Pujol S. Lap splices in unconfined boundary elements. 
Concr Int 2015;37:51–8. 

[11] Lowes LN, Lehman DE, Birely AC, Kuchma DA, Marley KP, Hart CR. Earthquake response 
of slender planar concrete walls with modern detailing. Eng Struct 2012;43:31–47. 
doi:10.1016/j.engstruct.2012.04.040. 

[12] SIA 260. Basis of structural design. Swiss Stand Assoc 2003:44. 

[13] Wenk T. Beurteliung der Erdbebensicherheit bestehender Strassenbrücken (assessment or 
earthquake safety of existing road bridges). Doc Fed Roads Off FEDRO 2005. 

[14] Orangun CO, Jirsa JO, Breen JE. A reevaluation of test data on development length and 
splices. ACI J 1977;74:114–22. 

[15] Zuo J, Darwin D. Splice strength of conventional and high relative rib area bars in normal and 
high-strength concrete. ACI Struct J 2000;97:630–41. 

[16] Canbay E, Frosch RJ. Bond strength of lap-spliced bars. ACI Struct J 2005;102:605–14. 

[17] Priestley MJN, Seible F, Calvi GM. Seismic design and retrofit of bridges. New York: John 
Wiley & Sons; 1996. 

[18] Hannewald P. Seismic behavior of poorly detailed RC bridge piers. PhD Thesis, École 
Polytech Fédérale Lausanne 2013:pp 183. 

[19] Biskinis D, Fardis MN. Flexure-controlled ultimate deformations of members with continuous 
or lap-spliced bars. Struct Concr 2010;11. 

[20] Chinn J, Ferguson PM, Thompson JN. Lapped splices in reinforced concrete beams. ACI J 
1955;52:201–13. 

[21] Tepfers R. A theory of bond applied to overlapped tensile reinforcement splices for deformed 
bars. Calmers University of Technology, Goteborg, Sweden., 1973. 

[22] Ferguson PM, Breen JE. Lapped Splices for High Strength Reinforcing Bars. ACI J Proc 
1965;62:1063–8. 

[23] Chamberlin SJ. Spacing of Spliced Bars in Beams. ACI J Proc 1958;54:689–97. 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

218 November 2022 

[24] Bimschas M. Displacement based seismic assessment of existing bridges in regions of 
moderate seismicity. PhD Thesis, ETH Zurich 2010. 

[25] Hannewald P, Beyer K. Seismic Safety of Existing Bridges – Cyclic Inelastic Behaviour of 
Bridge Piers. Bern, Switzerland: 2014. 

[26] Hannewald P, Bimschas M, Dazio A. Quasi-static cyclic tests on RC bridge piers with detailing 
deficiencies. Inst Fur Baustatik Und Konstr Bericht Nr 352, ETH Zurich, Switzerland 2013:pp 
133. 

[27] BAFU. Beurteilung der Erdbebensicherheit bestehender Gebäude - Konzept und Richtlinie 
für die Stufe 2 (2. Fassung). Ittigen: 2006. 

[28] Xiao Y, Ma R. Seismic retrofit of RC circular columns using prefabricated composite jacketing. 
J Struct Eng 1997;123:1357–64. doi:10.1061/(ASCE)0733-9445(1997)123:10(1357). 

[29] Binici B, Mosalam KM. Analysis of reinforced concrete columns retrofitted with fiber reinforced 
polymer lamina. Compos Part B Eng 2007;38:265–76. 
doi:10.1016/j.compositesb.2006.01.006. 

[30] Chowdhury SR, Orakcal K. An analytical model for reinforced concrete columns with lap 
splices. Eng Struct 2012;43:180–93. doi:10.1016/j.engstruct.2012.05.019. 

[31] Marti P, Alvarez M, Kaufmann W, Sigrist V. Tension Chord Model for Structural Concrete. 
Struct Eng Int 1998;8. doi:10.2749/101686698780488875. 

[32] SIA 162. Concrete Structures. Swiss Stand Assoc 1968:88. 

[33] SIA 262. Concrete structures. Swiss Stand Assoc 2013:102. 

[34] Wong PS, Vecchio FJ, Trommels H. VecTor2 - Nonlinear analysis of two-dimensional 
reinforced concrete membrane structures 2014. 

[35] McKenna F, Fenves GL, Scott MH, Jeremic B. Open System for Earthquake Engineering 
Simulation (OpenSees). Berkeley, California, U.S.A.: 2000. 

[36] The MathWorks Inc. MATLAB - Version R2018b 2018. 

[37] Paterson J, Mitchell D. Seismic retrofit of shear walls with headed bars and carbon fiber wrap. 
J Struct Eng 2003;129:606–14. doi:10.1061/(ASCE)0733-9445(2003)129:5(606). 

[38] Elnady EMM. Seismic rehabilitation of RC structural walls. PhD Thesis, McMaster Univ 2008. 

[39] Bimschas M, Dazio A. Seismic safety of existing bridges. Report on the FEDRO research 
project AGB 2003/014. Bern, Switzerland: 2014. 

[40] Layssi H, Mitchell D. Experiments on Seismic Retrofit and Repair of reinforced Concrete 
Shear Walls. Proc. 6th Int. Conf. FRP Compos. Civ. Eng. -CICE, Rome, Italy, June 13-15, 
2012, p. 1–8. 

[41] Aaleti S, Brueggen BL, Johnson B, French CE, Sritharan S. Cyclic response of reinforced 
concrete walls with different anchorage details : Experimental investigation. J Struct Eng 
2013;139:1181–91. doi:10.1061/(ASCE)ST.1943-541X.0000732. 

[42] Almeida JP, Prodan O, Tarquini D, Beyer K. Influence of lap-splices on the cyclic inelastic 
response of reinforced concrete walls. I: Database assembly, recent experimental data, and 
findings for model development. J Struct Eng 2017;143. 

[43] ACI 318M-11. Building code requirements for structural concrete. Am Concr Inst 2011:509. 
doi:10.1016/0262-5075(85)90032-6. 

[44] Priestley MJN, Calvi GM, Kowalsky MJ. Displacement-based seismic design of structures. 
IUSS Press; 2007. 

[45] Feng DC, Xu J. An efficient fiber beam-column element considering flexure–shear interaction 
and anchorage bond-slip effect for cyclic analysis of RC structures. Bull Earthq Eng 2018:1–
28. doi:10.1007/s10518-018-0392-y. 

[46] Tastani SP, Brokalaki E, Pantazopoulou SJ, Asce M. State of Bond along Lap Splices. J 
Struct Eng 2015;141:1–14. doi:10.1061/(ASCE)ST.1943-541X.0001243. 

[47] Sritharan S, Beyer K, Henry RS, Chai YH, Kowalsky M, Bull D. Understanding poor seismic 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

 

November 2022  
  
  
  
 219 

performance of concrete walls and design implications. Earthq Spectra 2014;30:307–34. 
doi:10.1193/021713EQS036M. 

[48] SIA 162. Concrete Structures. Swiss Stand Assoc 1956:48. 

[49] SIA 162. Concrete Structures. Swiss Stand Assoc 1993:88. 

[50] SIA 262. Concrete structures. Swiss Stand Assoc 2003:90. 

[51] Vecchio FJ, Collins MP. The modified compression-field theory for reinforced concrete 
elements subjected to shear. ACI J 1986;83:219–31. 

[52] Almeida JP, Tarquini D, Beyer K. Modelling approaches for inelastic behaviour of RC walls: 
Multi-level assessment and dependability of results. Arch Comput Methods Eng 2016;23:69–
100. 

[53] Palermo D, Vecchio FJ. Compression field modeling of reinforced concrete subjected to 
reverse loading: Formulation. ACI Struct J 2003;100:616–25. doi:10.14359/12803. 

[54] Palermo D, Vecchio FJ. Compression field modeling of reinforced concrete subjected to 
reverse loading: Verification. ACI Struct J 2004;101:155–64. doi:10.14359/12803. 

[55] Palermo D, Vecchio FJ. Simulation of Cyclically Loaded Concrete Structures Based on the 
Finite-Element Method. J Struct Eng 2007;133:728–38. doi:10.1061/(ASCE)0733-
9445(2007)133:5(728). 

[56] Pugh JS. Numerical Simulation of Walls and Seismic Design Recommendations for Walled 
Buildings. PhD Thesis, Univ Washingt 2012. 

[57] Vecchio FJ. Towards cyclic load modeling of reinforced concrete. ACI Struct J 1999;96. 

[58] OpenSees. Open System for Earthquake Engineering Simulation - Version 2.4.3 2013. 

[59] Panahshahi N, White RN, Gergely P. Reinforced concrete compression lap splices under 
inelastic cyclic loading. ACI Struct J 1992;89:164–75. 

[60] Aristizabal‐Ochoa JD. Earthquake Resistant Tensile Lap Splices. J Struct Eng 1983;109:843–
58. doi:10.1061/(ASCE)0733-9445(1983)109:4(843). 

[61] NZS 3101-Part 1. Concrete structures standard, Part 1 - The design of concrete structures. 
Stand Counc Concr Des Committee, P-3101 2006:697. 

[62] EN 1992-Part 1-1. Eurocode 2: Design of concrete structures Part 1-1: General rules and 
rules for buildings. 2004. 

[63] Bimschas M, Dazio A. Seismic safety of existing bridges. Bern, Switzerland: 2014. 

[64] Mortezaei A, Ronagh HR. Plastic hinge length of reinforced concrete columns subjected to 
both far-fault and near-fault ground motions having forward directivity. Struct Des Tall Spec 
Build 2013;926:903–26. doi:10.1002/tal. 

[65] Ciampi V, Eligehausen R, Bertero V, Popov E. Analytical model for deformed bar bond under 
generalized excitations 1981:53–67. 

[66] Tepfers R. Cracking of concrete cover along anchored deformed reinforcing bars. Mag Concr 
Res 1979;31:3–12. doi:10.1680/macr.1979.31.106.3. 

[67] ACI. Report on bond of steel reinforcing bars under cyclic loads. Am Concr Inst - Jt ACI-ASCE 
Comm 408 2012:39. 

[68] EERI. Buildings (EERI Reconnaissance Report Guam). Earthq Spectra 1995;11:63–137. 

[69] Birely A. Seismic performance of slender reinforced structural concrete walls. PhD Thesis, 
Univ Washingt 2012:983. 

[70] EERI-GEER. Preliminary observations on the Niigata-Chuetsu Oki, Japan, earthquake of July 
16, 2007. EERI Spec Earthq Rep 2007:1–12. 

[71] Gergely P, Fagundo F, White RN. Bond and splices in reinforced concrete for seismic loading. 
CEB Bull d’Information No 132, AICAP-CEB Symp 1979. 

[72] Fagundo F. Behavior of lapped splices in R.C. beams subjected to cyclic loads. PhD Thesis, 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

220 November 2022 

Cornell Univ 1979. 

[73] Tocci AD, Gergely P, White RN. Report No. 81-1, The behavior and strength of lapped splices 
in R/C beams subjected to repeated loads. Dep Struct Eng Cornell Univ Ithaca 1981:256. 

[74] Sivakumar B, Gergely P, White RN. Suggestions for the design of R/C lapped splices for 
seismic loading. Concr Int 1983;5:46–50. 

[75] Sparling B, Rezansoff T. The effect of confinement on lap splices in reversed cyclic loading. 
Can J Civ Eng 1986;13:681–92. doi:10.1139/l86-103. 

[76] Rezansoff T, Zacaruk JA, Topping R. Tensile lap splices in reinforced concrete beams under 
inelastic cyclic loading. ACI Struct J 1988;85:46–52. 

[77] Aboutaha RS, Engelhardt MU, Jirsa JO, Kreger MF. Retrofit of concrete columns with 
inadequate lap splices by the use of rectangular steel jackets. Earthq Spectra 1996;12:693–
714. doi:10.1193/1.1585906. 

[78] Chai YH, Priestley MJN, Seible F. Seismic retrofit of circular bridge columns for enhanced 
flexural performance. ACI Struct J 1991;88:572–84. 

[79] Valluvan R, Kreger ME, Jirsa JO. Strengthening of column splices for seismic retrofit of 
nonductile reinforced concrete frames. ACI Struct J 1993;90:432–40. 

[80] Melek M, Wallace JW. Cyclic behavior of columns with short lap splices. ACI Struct J 
2004;101:802–11. 

[81] Pam HJ, Ho JCM. Effects of steel lap splice locations on strength and ductility of reinforced 
concrete columns. Adv Struct Eng 2010;13:199–214. doi:10.1260/1369-4332.13.1.199. 

[82] Biskinis D, Fardis MN. Deformations at flexural yielding of members with continuous or lap-
spliced bars. Struct Concr 2010;11:127–38. 

[83] Villalobos EJF. Seismic response of structural walls with geometric and reinforcement 
discontinuities. PhD Thesis, Purdue Univ 2014. 

[84] Almeida JP, Prodan O, Rosso A, Beyer K. Tests on thin reinforced concrete walls subjected 
to in-plane and out-of-plane cyclic loading. Earthq Spectra 2016. 
doi:10.1193/101915EQS154DP. 

[85] Eligehausen R, Popov EP, Bertero V V. Local bond stress-slip relationships of deformed bars 
under generalized excitations. Rep UCB/EERC-83/23 1983:162. 

[86] Calabrese A, Almeida JP, Pinho R. Numerical issues in distributed inelasticity modeling of 
RC frame elements for seismic analysis. J Earthq Eng 2010;14:38–68. 
doi:10.1080/13632469.2010.495681. 

[87] Almeida JP, Das S, Pinho R. Adaptive force-based frame element for regularized softening 
response. Comput Struct 2012;102–103:1–13. doi:10.1016/j.compstruc.2012.03.018. 

[88] Ferguson PM, Krishnaswamy CN. Tensile lap splices, Part II: Design recommendations for 
retaining wall, Splices and large bar splices. Texas Highw Dep Coop with US Dep Transp 
Rep 113-2 Cont, Fed Highw Adm Bur Public Roads 1971:67. 

[89] ACI 408. Development and Splice Lengths of Uncoated Bars. Am Concr Inst 2001. 

[90] Seliem HM, Hosny A, Rizkalla S, Zia P, Briggs M, Miller S, et al. Bond characteristics of ASTM 
A1035 steel reinforcing bars. ACI Struct J 2009;106:530–9. 

[91] Ferguson PM, Briceno EA. Tensile lap splices Part I: retaining wall type, varying moment 
zone. Texas Highw Dep Res Rep No 113-2 1969. 

[92] Aristizabal-Ochoa JD, Fiorato AE, Corley WG. Tension lap splices under severe load 
reversals. 7th World Conf. Earthq. Eng., Ankara, Turkey: Kelaynak Printing Company; 1980, 
p. 1–5. 

[93] Muhlenbruch CW. The effect of repeated loading on the bond strength of testing materials. 
ASTM Proc 1948;48:977–85. 

[94] Hester CJ, Salamizavaregh S, Darwin D, McCabe SL. Bond of epoxy-coated reinforcement: 
Splices. ACI Struct J 1993;90:89–102. 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

 

November 2022  
  
  
  
 221 

[95] Paulay T, Priestley MJN. Seismic Design of Reinforced Concrete and Masonry Buildings. 
New York: Wiley and Son; 1992. 

[96] Syntzirma DV, Pantazopoulou SJ. Deformation capacity of RC members with brittle details 
under cyclic loads. Concr Int 2006;236:1–22. doi:10.14359/18204. 

[97] Ngo D, Scordelis AC. Finite element analysis of reinforced concrete beams. ACI J 
1967;64:152–63. doi:10.14359/7551. 

[98] Nilson AH. Internal measurements of bond slip. ACI J 1972;69:439–41. 

[99] Harajli MH, Mabsout ME. Evaluation of bond strength of steel reinforcing bars in plain and 
fiber-reinforced concrete. ACI Struct J 2002;99:509–17. 

[100] Harajli MH, Hamad BS, Rteil AA. Effect of confinement on bond strength between steel bars 
and concrete. ACI Struct J 2004;101:595–603. doi:10.1007/s11595-006-4584-y. 

[101] Harajli MH. Bond stress–slip model for steel bars in unconfined or steel, FRC, or FRP 
confined concrete under cyclic loading. J Struct Eng 2009;135:509–18. 
doi:10.1061/(ASCE)0733-9445(2009)135:5(509). 

[102] Lowes LN, Moehle JP, Govindjee S. Concrete-steel bond model for use in finite element 
modeling of reinforced concrete structures. ACI Struct J 2004;101:501–11. 

[103] Ichinose T, Kanayama Y, Inoue Y, Bolander JE. Size effect on bond strength of deformed 
bars. Constr Build Mater 2004;18:549–58. doi:10.1016/j.conbuildmat.2004.03.014. 

[104] Esfahani MR, Rangan BV. Influence of transverse reinforcement on bond strength of tensile 
splices. Cem Concr Compos 2000;22:159–63. doi:10.1016/S0958-9465(00)00005-6. 

[105] Sozen M, Moehle J. Development and lap-splice lengths for deformed reinforcing bars in 
concrete. Tech Rep to Portl Cem Assoc Urbana, 1990:111. 

[106] Cairns J. Strength of compression splices: a reevaluation of test data. ACI J 1985;82:510–6. 

[107] Lettow S, Eligehausen R. FIB task Group 4.5: Formulation of application rules for lap splices 
in the new model code. PPT Present Univ Calif Berkeley 2006. 

[108] Sakurada T, Morohashi N, Tanaka R. Effect of transverse reinforcement on bond splitting 
strength of lap splices. Trans Japan Concr Inst 1993;15:573–80. 

[109] Esfahani MR, Rangan BV. Bond between normal strength and high-strength concrete (HSC) 
and reinforcing bars in splices in beams. ACI Struct J 1998;95:272–80. doi:10.1617/s11527-
013-0143-0. 

[110] ACI committee 408. Bond and development of straight reinforcing bars in tension (ACI 408R-
03). Rep by ACI Comm 408 2003:1–49. 

[111] FIB. Model Code for Concrete Structures 2010 2013:434. doi:10.1002/9783433604090. 

[112] Cho J, Pincheira JA. Inelastic analysis of reinforced concrete columns with short lap splices 
subjected to reversed cyclic loads. ACI Struct J 2006;103:280–90. 

[113] FEMA 356. Prestandard and Commentary for the Seismic Rehabilitation of Buildings. 2000. 

[114] Mander JB, Priestley MJN, Park R. Observed Stress-Strain Behavior of Confined Concrete. 
J Struct Eng 1988;114:1827–49. 

[115] Biskinis D, Fardis MN. Effect of lap splices on flexural resistance and cyclic deformation 
dapacity of RC members. Beton- Und Stahlbetonbau 2007;102:51–9. 
doi:10.1002/best.200710105. 

[116] Popovics S. A numerical approach to the complete stress-strain curve of concrete. Cem 
Concr Res 1973;3:583–99. doi:10.1016/0008-8846(73)90096-3. 

[117] Talaat MM, Mosalam KM. PEER Report 2007/10: Computational modeling of progressive 
collapse in reinforced concrete frame structures. 2008. 

[118] Kim T-H, Kim B-S, Chung Y-S, Shin HM. Seismic performance assessment of reinforced 
concrete bridge piers with lap splices. Eng Struct 2006;28:935–45. 
doi:10.1016/j.engstruct.2005.10.020. 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

222 November 2022 

[119] Kim T-H, Shin HM, Chung Y-S, Hong H-K. Seismic performance assessment of reinforced 
concrete bridge columns with lap splices using shaking table tests. Mag Concr Res 
2009;61:705–19. doi:10.1680/macr.2008.61.9.705. 

[120] Girard C, Bastien J. Finite-element bond-slip model for concrete columns under cyclic loads. 
J Struct Eng 2002:1502–10. 

[121] Hognestad E, Hanson, N. W, McHenry D. Concrete stress distribution in ultimate strength 
design. ACI J Proc 1955:455–80. 

[122] Park R, Priestley MJN, Gill WD. Ductility of square-confined concrete columns. J Struct Div 
1982;108:929–50. 

[123] Kupfer H, Hilsdorf HK, Rusch H. Behavior of concrete under biaxial stresses. ACI J 
1969;66:656–66. 

[124] Richart FE, Brandtzaeg A, Brown RL. A study of the failure of concrete under combined 
compressive stresses. Univ Illinois Bull 1928;XXVI. 

[125] Seckin M. Hysteretic behaviour of cast-in-place exterior beam column sub-assemblies. PhD 
Thesis, Dep Civ Eng Univ Toronto, 266 Pp 1982. 

[126] Berry MP, Lehman DE, Lowes LN. Lumped-plasticity models for performance simulation of 
bridge columns. ACI Struct J 2008;105:270–9. 

[127] Zhao J, Sritharan S. Modeling of strain penetration effects in fiber-based analysis of reinforced 
concrete structures. ACI Struct J 2007;104:133–41. 

[128] Monti G, Spacone E. Reinforced concrete fiber beam element with bond-slip. J Struct Eng 
2000:654–61. 

[129] Spacone E, Filippou FC, Taucer FF. Fibre Beam-Column Model for Non-linear Analysis of 
R/C Frames: Part 1. Formulation. Earthq Eng Struct Dyn 1996;25:711–25. 
doi:10.1002/(SICI)1096-9845(199607)25:7<711::AID-EQE576>3.0.CO;2-9. 

[130] Yazgan U, Dazio A. Simulating maximum and residual displacements of RC structures: I. 
Accuracy. Earthq Spectra 2011;27:1187–202. doi:10.1193/1.3650479. 

[131] Yazgan U, Dazio A. Simulating maximum and residual displacements of RC structures : II. 
Sensitivity. Earthq Spectra 2011;27:1203–18. doi:10.1193/1.3650478. 

[132] Scott MH, Hamutcuoglu O.M. Numerically consistent regularization of force-based frame 
elements. Int J Numer Methods Eng 2008;76:1612–31. doi:10.1002/nme. 

[133] SeismoSoft. SeismoStruct - A Computer Program for Static and Dynamic Nonlinear Analysis 
of Framed Structures 2013. 

[134] Goodnight JC, Kowalsky MJ, Nau JM. Effect of Load History on Performance Limit States of 
Circular Bridge Columns. J Bridg Eng 2013;18:1383–96. doi:10.1061/(ASCE)BE.1943-
5592.0000495. 

[135] Hines EM. Seismic Performance of Hollow Rectangular Reinforced Concrete Bridge Piers 
with Confined Corner Elements. PhD Thesis, Univ Calif 2002. 

[136] Hose YD, Seible F, Priestley MJN. Strategic Relocation of Plastic Hinges in Bridge Columns. 
Struct Syst Res Proj 97/05, Univ Calif 1997. 

[137] Chai YH, Priestley MJN, Seible F. Flexural retrofit of circular reinforced concrete bridge 
columns by steel jacketing: experimental studies. Struct Syst Res Proj 91/06, Univ Calif 
1991:151. 

[138] Goodnight JC, Kowalsky MJ, Nau JM. A new look at strain limits and plastic hinge lengths for 
reinforced concrete bridge columns. 10th U.S. Natl. Conf. Earthq. Eng., Anchorage: 2014. 

[139] Izzuddin B, Karayannis C, Elnashai A. Advanced nonlinear formulation for reinforced concrete 
beam-columns. J Struct Eng 1994;120:2913–34. 

[140] De Souza R. Force-based Finite Element for Large Displacement Inelastic Analysis of 
Frames. PhD Diss Dep Civ Environ Eng Univ California, Berkeley, USA 2000. 

[141] Almeida JP, Tarquini D. SAGRES: Software for Analysis of GRadient Effects in Structures. 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

 

November 2022  
  
  
  
 223 

Progr Dev Matlab 2016. 

[142] Goodnight JC, Feng Y, Kowalsky MJ, Nau JM. The Effects of Load History and Design 
Variables on Performance Limit States of Circular Bridge Columns. Volume 2: Experimental 
Observations. Report, Alaska Dep Transp Public Facil Res 2015;4000. 

[143] Scott MH, Fenves GL. Plastic Hinge Integration Methods for Force-Based Beam–Column 
Elements. J Struct Eng 2006;132:244–52. doi:10.1061/(ASCE)0733-9445(2006)132:2(244). 

[144] Neuenhofer A, Filippou FC. Evaluation of nonlinear frame finite-element models. J Struct Eng 
1997;123:958–66. 

[145] Goodnight JC, Kowalsky MJ, Nau JM. Modified Plastic-Hinge Method for Circular RC Bridge 
Columns. J Struct Eng 2016. doi:10.1061/(ASCE)ST.1943-541X.0001570. 

[146] Menegotto M, Pinto PE. Method of analysis for cyclically loaded RC plane frames including 
changes in geometry and non-elastic behaviour of elements under combined normal force 
and bending. IABSE Symp. Resist. Ultim. Deform. Struct. acted by well Defin. repeated loads 
- Final Rep., 1973. 

[147] Mander JB, Priestley MJN, Park R. Theoretical Stress-Strain Model for Confined Concrete. J 
Struct Eng 1988;114:1804–26. 

[148] Dazio A, Beyer K, Bachmann H. Quasi-static cyclic tests and plastic hinge analysis of RC 
structural walls. Eng Struct 2009;31:1556–71. 

[149] Park R. Ductility evaluation from laboratory and analytical testing. Proc. 9th World Conf. 
Earthq. Eng., 1988. 

[150] Hines EM, Restrepo JI, Seible F. Force-displacement characterization of well-confined bridge 
piers. ACI Struct J 2004;101:537–48. 

[151] Beyer K, Dazio A, Nigel Priestley MJ. Shear deformations of slender reinforced concrete walls 
under seismic loading. ACI Struct J 2011;108:167–77. 

[152] Mergos PE, Beyer K. Modelling shear-flexure interaction in equivalent frame models of 
slender reinforced concrete walls. Struct Des Tall Spec Build 2014;23:1171–89. 
doi:10.1002/tal. 

[153] Tarquini D, Almeida JP, Beyer K. Influence of lap-splices on the cyclic inelastic response of 
reinforced concrete walls. II: Shell element simulation and equivalent uniaxial model. J Struct 
Eng 2017;143. 

[154] SIA. SIA 162, Material tests 1989. 

[155] Hottinger Baldwin Messtechnik GmbH (HBM). Catman Data acquisition Software. Darmstadt, 
Deutschland 2000. 

[156] NDI. Optotrack certus HD, Northern Digital Inc. Waterloo, Ontario, Canada 2009. 

[157] Thompson MA, Jirsa JO, Breen JE, Meinheit DF. The Behavior of Multiple Lap Splices in 
Wide Sections. Res Rep 154-1, Cent Highw Res Univ Texas Austin 1975:75. 

[158] Rezansoff T, Konkankar US, Fu C. Confinement limits for tension lap slices under static 
loading. Can J Civ Eng 1991;19:447–53. 

[159] Rezansoff T, Akanni A, Sparling B. Tensile Lap Splices under Static Loading : A Review of 
the Proposed ACI 318 Code Provisions. ACI Struct J 1993;90. 

[160] Sagan VE, Gergely P, White RN. The behaviour and design of noncontact lap splices 
subjected to repeated inelastic tensile loading. Tech Rep NCEER-88-0033, Dep Struct Eng 
Cornell Univ Ithaca, New York 1988:164. 

[161] Hamad BS, Mansour M. Bond Strength of Noncontact Tension Lap Splices. ACI Struct J 
1997;93:1–11. 

[162] Cairns J, Arthur PD. Strength of Lapped Splices in Reinforced Concrete Columns. ACI J Proc 
1979;76:277–96. 

[163] Pfister JF, Mattock AH. High strength bars as concrete reinforcement, part 5. Lapped splices 
in concentrically loaded columns. J Portl Cem Assoc Res Dev Lab 1963;5:27–40. 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

224 November 2022 

[164] Chun S, Lee S, Oh B. Compression Lap Splice in Unconfined Concrete of 40 and 60 MPa ( 
5800 and 8700 psi ) Compressive Strengths. ACI J Proc 2010;107:170–8. 

[165] Chun S, Lee S, Oh B. Compression Splices in High-Strength Concrete of 100 MPa ( 14 , 500 
psi ) and Less. ACI Struct J 2011;108:715–24. 

[166] Askar HS. An experimental investigation on contact compression lap splice in circular 
columns. HBRC J 2016;12:137–46. doi:10.1016/j.hbrcj.2014.12.002. 

[167] Harries KA, Ricles JR, Pessiki S, Sause R. Seismic Retrofit of Lap Splices in Nonductile 
Square Columns Using Carbon Fiber-Reinforced Jackets. ACI Struct J 2006;103:874–84. 

[168] Juntanalikit P, Jirawattanasomkul T, Pimanmas A. Experimental and numerical study of 
strengthening non-ductile RC columns with and without lap splice by Carbon Fiber Reinforced 
Polymer ( CFRP ) jacketing. Eng Struct 2016;125:400–18. 
doi:10.1016/j.engstruct.2016.07.019. 

[169] Elsouri AM, Harajli MH. Seismic Repair and Strengthening of Lap Splices in RC Columns : 
Carbon Fiber – Reinforced Polymer versus Steel Confinement. J Compos Constr 
2011;15:721–31. doi:10.1061/(ASCE)CC.1943-5614.0000213. 

[170] Darwin D, Tholen ML, Idun EK, Zuo J. Splice strength of high relative rib area reinforcing 
bars. ACI Struct J 1996;93:95–107. 

[171] DeVries RA, Moehle JP, Hester W. Lap Splice of Plain and Epoxy-Coated Reinforcements: 
An Experimental Study Considering Concrete Strength, Casting Position, and Anti-Bleeding 
Additives. Rep No UCB/SEMM-91/02 Struct Eng Mech Mater Univ California, Berkeley, Calif 
1991:86. 

[172] Treece RA, Jirsa J. Bond Strength of Epoxy-Coated Reinforcing Bars. ACI Mater J 
1990;86:167–74. 

[173] Cleary DB, Ramirez JA. Bond Strength of Epoxy-Coated Reinforcement. ACI Mater J 
1992;88:146–9. 

[174] Choi C, Hadje-Ghaffari H, Darwin D, Mccabe SL. Bond of Epoxy-Coated Reinforcement : Bar 
Parameters. ACI Mater J 1992;88:207–17. 

[175] Azizinamini A, Chisala M, Ghosh SK. Tension development length of reinforcing bars 
embedded in high-strength concrete. Eng Struct 1995;17:512–22. 

[176] Hwang S, Lee Y, Lee C. Effect of Silica Fume on the Splice Strength of Deformed Bars of 
High-Performance Concrete. ACI Struct J 1995;91:294–302. 

[177] Hamad BS, Machaka MF. Effect of transverse reinforcement on bond strength of reinforcing 
bars in silica fume concrete. Mater Struct 1999;32:468–76. 

[178] Hamad BS, Itani MS. Bond Strength of Reinforcement in High-Performance Concrete : The 
Role of Silica Fume, Casting Position, and Superplasticizer Dosage. ACI Mater J 1999;95. 

[179] Kadoriku. Study on Behavior of Lap Splices in High-Strength Reinforced Concrete Members. 
Dr Thesis, Kobe Univ Japan 1994:201. 

[180] El-azab A, Mohamed HM. Effect of tension lap splice on the behavior of high strength 
concrete ( HSC ) beams. HBRC J 2014;10:287–97. doi:10.1016/j.hbrcj.2014.01.002. 

[181] Hamad BS, Harajli MH, Jumaa G. Effect of Fiber Reinforcement on Bond Strength of Tension 
Lap Splices in High-Strength Concrete. ACI Struct J 2001;98:638–47. 

[182] Lagier F, Massicotte B, Charron J. Bond strength of tension lap splice specimens in UHPFRC. 
Constr Build Mater 2015;93:84–94. doi:10.1016/j.conbuildmat.2015.05.009. 

[183] Harajli MH, Salloukh KA. Effect of Fibers on Development / Splice Strength of Reinforcing 
Bars in Tension. ACI Mater J 1998;94:317–424. 

[184] Hassan MN, Feldman LR. Behavior of Lap-Spliced plain steel bars. ACI Struct J 
2012;109:235–44. 

[185] Verderame GM, Fabbrocino G, Manfredi G. Seismic response of R. C. columns with smooth 
reinforcement. Part I: Monotonic tests. Eng Struct 2008;30:2277–88. 
doi:10.1016/j.engstruct.2008.01.025. 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

 

November 2022  
  
  
  
 225 

[186] Verderame GM, Fabbrocino G, Manfredi G. Seismic response of R. C. columns with smooth 
reinforcement. Part II: Cyclic tests. Eng Struct 2008;30:2289–300. 
doi:10.1016/j.engstruct.2008.01.024. 

[187] Goksu C, Yilmaz H, Chowdhury SR, Orakcal K, Ilki A. The Effect of Lap Splice Length on the 
Cyclic Lateral Load Behavior of RC Members with Low-Strength Concrete and Plain Bars. 
Adv Struct Eng 2014;17:639–58. doi:10.1260/1369-4332.17.5.639. 

[188] Luke JJ, Hamad BS, Jirsa JO, Breen JE. The influence of casting position on development 
and splice length of reinforcing bars. Res Rep 242-1, Cent Highw Res Univ Texas Austin 
1981. 

[189] Sigrist V. Zum Verformungsvermögen von Stahlbetonträgern (On the deformation capacity of 
reinforced concrete girders, in German). Tech Report, Inst Struct Eng Swiss Fed Inst Technol 
Zurich, Switzerland 1995;210. 

[190] Sigrist V, Marti P. Ductility of structural concrete: A contribution. Proc. Work. Dev. EN 1992 
Relat. to New Res. Results to CEB-FIP Model Code 1990, Czech Tech. Univ. Prague, Czech 
Republic, 211-223., 1994. 

[191] Kaufmann W. Strength and deformations of structural concrete subjected to in-plane shear 
and normal forces. Tech Report, Inst Struct Eng Swiss Fed Inst Technol Zurich, Switzerland 
1998. 

[192] Kaufmann W, Marti P. Structural concrete: Cracked membrane model. J Struct Eng 
1998;124:1467–75. 

[193] Alvarez M. Einfluss des Verbundverhaltens auf das Verformungsvermögen von Stahlbeton 
(Influence of bond behavior on the deformation capacity of structural concrete, in German). 
Tech Rep , Inst Struct Eng Swiss Fed Inst Technol Zurich, Switzerland 1998. 

[194] Muttoni A, Fernandez MR. Structures en béton. Course Notes, École Polytech Fédérale 
Lausanne, Switzerand 2010. 

[195] CEB. Model Code for Concrete Structures. vol. Third Ed., Paris, France: Comité Euro 
International du Béton; 1978. 

[196] FIP-CEB. Model Code 1990, Lausanne, Switzerland: Fédération Internationale du Béton; 
1990. 

[197] Sousa R, Almeida JP, Correia AA, Pinho R. Shake Table Blind Prediction Tests: Contributions 
for Improved Fiber-based Frame Modelling. J Earthq Eng 2018:1–42. 
doi:10.1080/13632469.2018.1466743. 

[198] Sezen H, Setzler EJ. Reinforcement Slip in Reinforced Concrete Columns. ACI Struct J 
2008;105:280–9. 

[199] Mazzoni S, McKenna F, Scott MH, Fenves GL. OpenSees command language manual 2006. 

[200] NEES@UCSD. Concrete Column Blind Prediction Contest 2010. 

 

 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

226 November 2022  

  



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

 

November 2022  
  
  
  
 227 

Clôture du projet 

 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

228 November 2022  

 



711  |  Modelling the Seismic Response of RC Bridge Piers with Lap Splices in the Plastic Region 

 

November 2022  
  
  
  
 229 

 

 

 


